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Preface

The research presented in this document is a synthesis of (1) existing theories
as they were originally proposed, (2) existing theories modified or extended to be
consistent with the current analysis, and (3) new work formulated by the author
over the past three years. In an attempt to make the text of the document cohesive
and smooth, these three areas are occasionally blended together for the purpose of
forming a single consistent and comprehensive idea. To clarify, the material pre-
sented in chapters three through five and appendices C through I represents work
accomplished as part of the current research except for the introductory shear-lag
work [Eqgs (3.1) through (3.11); the interface debonding criterion (section 3.2.2); the
development of the frictional slip distances for a completely debonded system (sec-
tion C.1) and, of course, instances where previous works from different authors are

appropriately referenced.

Also, at this point and time, a note on some terminology is appropriate. In an
attempt to be consistent with the literature, the notation 7;, 7;(z) and 7;(N) are used
independently. The parameter 7; is the interface shear stress which develops within
regions where the fiber/matrix constituents have debonded. Furthermore, this stress
is assumed to be of constant magnitude within each loading and unloading cycle in
order to make the analysis tractable as is common to the literature. Within regions
where the fiber and matrix remain physically bonded, the interface shear is denoted
7;(z) since it varies as a function of the axial coordinate z. The formulation of these
stresses, 7; and 7;(z), as well as their mathematical representations are fundamentally
different and should not be confused. In addition, when considering fatigue loading
environments, the interface shear 7; is allowed to vary between loading cycles and is,
therefore, denoted with the term 7;(N) to emphasize its dependence on the loading

cycle, N.

v




Finally, phrases such as “current analysis” and “present model” are intended
to indicate work accomplished by the author over the past three years and are not
intended to be synonymous with “recent” or “up to date” work accomplished by

other authors.

James P. Solti
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Laist of Symbols

The following list of terms defines some of the variables used in this document.
The use of the term azial refers to the coordinate direction parallel to the fibers in the
0° plies. This direction also corresponds with the loading axis. The term transverse

implies the coordinate direction orthogonal to the axial direction and parallel with

the fibers in the 90° plies.

B et assumed length of a microstructural flaw
Af i cross-sectional area of the composite fiber
T cross-sectional area of the composite matrix
e composite cross-sectional area
Qg vveenennnnn coefﬁéient of thermal expansion for the composite laminate
Qf cviinininannn. coeflicient of thermal expansion for the composite fiber
Qi vevevnnnnens coeflicient of thermal expansion for the composite matrix
Q] voverinieee e, laminate thermal coefficient in the axial direction
Qg weviiinnnnns laminate thermal coeflicient in the transverse direction
b half thickness of the 0° plies in a cross-ply laminate
B e shear-lag parameter
O crack density
d oo interface debond length for the unidirectional laminate
d oo half thickness of the 90° plies in a cross-ply laminate
N interface debond length for < 0 in the cross-ply laminate
N interface debond length for > 0 in the cross-ply laminate
S(N) e fiber crack opening displacement
A relative spacing between transverse and matrix cracks
Ao(N) vt additional fiber stress resulting from fiber pull-out
Ao, (N) oo modified fiber pull-out stress (relaxation)
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AT oo, temp. differential from max. processing temperature
Ee o elastic (Young’s) modulus of a laminate
Er o elastic modulus of the fiber
] P loading modulus
E o e elastic modulus of the matrix
By e e secant modulus
B unloading modulus
Ei oo composite modulus in the axial direction
E,, .... original or undamaged longitudinal modulus for a given laminate
Ey oo composite modulus in the transverse direction
) €6 vt total axial strain of the laminate
Ep + e e permanent (residual) strain
€ thermal strain
Ul w v ee et e ultimate strain of the laminate
i v et e strain energy release rate (matrix)
oy et e critical strain energy release rate (matrix)
GGh c o critical strain energy release rate (debonding)
G oo reference page E-10
G et e shear modulus of the fiber
G e ettt e shear modulus of the matrix

G12,G13,Gas . composite shear modulus (in the corresponding directions)

P matrix surface energy per unit area
Ndb e surface energy per unit area for a fiber/matrix interface
H o reference page E-10
H o...... proportionality (shear-lag) constant for the unidirectional model
He ooeeennn.. proportionality (shear-lag) constant for the cross-ply model
K .o e, stress intensity factor
K mode I fracture toughness




) average crack spacing of the matrix cracks in the 0° plies

Liiit oottt initial crack spacing
Liggt oo e e minimum (saturated) crack spacing
Ly oo average crack spacing of the transverse cracks in the 90° plies
A shear-lag parameter for the cross-ply model
N oo numerical index indicating the number of fatigue cycles
Nogz covveveennnnns e e maximum number of loading cycles
U e e e s Poisson’s ratio
2 fiber radius
/72 the closed interval [0, 7]
Tm e et e e e e the closed interval [ry, R]
R outer radius of shear-lag model
R ....... ratio of the minimum to maximum stress during fatigue loading
o critical composite stress
U critical stress in the 0° ply of a cross-ply laminate
o critical stress in the 90° ply of a cross-ply laminate
Oerg wevverronnennnns critical composite stress for a unidirectional laminate
Torgy v ceremeeneeneneens critical composite stress for a 90° ply/laminate
Or(T) oo axial fiber stress
Ofy vvrvennnnininenenen, rule-of-mixtures fiber stress in the axial direction
o stress corresponding to fiber fracture initiation
O () e axial matrix stress
Oy v oveenrnennenenn rule-of-mixtures matrix stress in the axial direction
Oiiggy + e v v oo e en e et e ultimate matrix stress
o2 P applied stress
OF viiiinnnnn rule-of-mixtures stress for a 0° ply in a cross-ply laminate
OL(T) v axial stress in a 0° ply of a cross-ply laminate

o S rule-of-mixtures stress for a 90° ply in a cross-ply laminate




(1) vevei axial stress in a 90° ply in a cross-ply laminate

P interlaminar shear stress in a cross-ply laminate
T(Z) oo interface shear stress within bonded regions
Tig eevernenenenens initial and maximum shear used in the fatigue analysis
7 Ti(N) oo, interface frictional shear stress within debonded regions
Timin <+ ovrecnennn minimum interface shear allowed in the fatigue analysis
Tult «evveneeennneens ultimate strength of the interface (bonding strength)
O reference page 3-27
U(ZyT) e two-dimensional displacement of the fiber
U (T,7) oo two-dimensional displacement of the matrix
Up(Z) v average fiber displacement in the axial direction
Un(Z) oot average matrix displacement in the axial direction
Us o instantaneous average strain energy of the fiber
Ufy e fiber strain energy for an undamaged laminate
U oo instantaneous average strain energy of the matrix
Ung voveeiiniiiinnnins matrix strain energy for an undamaged laminate
Un(L) covooiit. matrix strain energy lost due to microstructural damages
Ug(L) oot fiber strain energy gained due to microstructural damages
D et e e fiber volume fraction
Ui e v ettt matrix volume fraction
P axial coordinate
Tf eeeaians axial coordinate in the 90° ply of the cross-ply laminate
B stress transfer distance
Y oo counter-slip distance for the unidirectional model
1 left counter-slip distance for the cross-ply model
Yr eeeemne e right counter-slip distance for the cross-ply model
2 e counter-slip distance for the unidirectional model

20 e e the closed interval [—d, d]




ZQ0 + et the closed interval £[d, b+ d]

2] e left counter-counter-slip distance for the cross-ply model
Zr e right counter-counter-slip distance for the cross-ply model
Superscripts
e e thermal
A degree
D e 0° ply
0 e e e 90° ply
Subscripts
e ettt i composite
F ettt aeenar ettt r et taete it e et a s e fiber
SMAE e e v et e e e e et n e aa e e e i initial
T T T I I I IR IR left
P matrix
IGE e e+ e e e e e e e maximum
METL e+ e e e e minimum
e e e et right
SGE + e e e v e e nan ettt saturation
T O transverse
QIE o v e e e et e e ultimate
L ettt e e axial direction
D et e e e e e e e i e e transverse direction
Nomenclature
e P defined as
P equivalence
N e e et e et ettt e, approximate
AP minus/plus

e plus/minus




/S percent

| P U U closed interval
() e open interval
5 set
E ) belonging to the set
e e e in, an element of
P such that
Ve e for all
F ) e function
GPa oo giga-Pascal
22 2 O meters
1 ¢ millimeters
7 micrometers
MPa o mega-Pascal
N e e e Newton
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Abstract

Ceramic matrix composites exhibit a remarkable increase in strain-to-failure
as compared with their monolithic counterparts. The incorporation of the fiber-
reinforcement phase into the brittle matrix leads to microstructural interactions
which reduce the propensity for catastrophic failure of the laminate. However, ce-
ramic composites are energetically prone to the formation of multiple matrix cracks
prior to complete laminate failure. This, combined with the inherent complexities
and stochastic nature of failure in non-homogeneous materials, makes the modeling

of ceramic matrix composites quite difficult.

The purpose of the research undertaken during this doctoral program and
which is detailed in this manuscript is to develop a methodology for predicting the
evolution of these damages, as well as the resulting material behavior for fiber-
reinforced ceramic matrix composites. In particular, the response of unidirectional
and cross-ply laminates when subjected to quasi-static, repeated and fatigue loadings
is considered. Towards this end, a set of failure criteria for estimating the progression
of microstructural damages and a representative model based on the one-dimensional

shear-lag formulation are presented.

The failure criteria introduced in this document are formulated in a manner
that is amenable to a variety of solution techniques. The damages considered in the
analysis include matrix cracking, fiber/matrix interface slip and debonding, fiber
failure and fiber pull-out. The criterion adopted to govern the initiation and evolu-
tion of matrix cracks within the ceramic matrix focuses on the instantaneous strain
energy of the matrix, whereas the extent of interface debonding is determined in a
more traditional manner via a maximum stress criterion. Finally, the evolution of
fractures within the fibers is assumed to follow a Weibull type failure distribution

where all Weibull parameters are determined explicitly from the analysis except for
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the statistical modulus which is determined empirically owing to the variability of

failure in different composite systems.

The stress-strain response under monotonic tensile loading, the fatigue life
(S-N) relationship, and stress-strain hysteresis under cyclic loading obtained from the
present analytical methodology are compared with their experimental counterparts.
In all cases, the predicted material behavior is consistent with the experimental data.
Modeling of the stress-strain hysteresis requires estimates for the extent of frictional
sliding along the fiber/matrix interface. Therefore, formulations of frictional slip for
a partially bonded and debonded interface are accomplished herein. Previously, only
the fully debonded case was considered. In addition, an analytical approach which is
required to capture the continuous development of permanent strain, as experienced
under fatigue loading conditions, is developed and presented in this manuscript.
The latter allows for the strain ratchetting behavior observed during the fatigue
cycling. Degradation of the fiber/matrix interface resulting from frictional wear is

also considered.

As expected, the interface plays a dominant role in determining the evolutions
of damages and ultimately the material response itself. In particular, the control-
ling properties are the frictional shear resistance along debonded regions and the
bonding strength within fully constrained (bonded) areas. Both parameters may be
determined with the current analysis. Moreover, these interface properties deter-
mine the strength of coupling between the matrix cracking and interface debonding
damage modes, and also the stress transfer rate between the constituents. Under
fétigue type loadings, since the properties of the interface can change as a result of
frictional wear, the mechanical behavior of the laminate can be significantly altered
during conditions of repeated loadings. In addition, the interface degradation allows
additional damages to develop as a function of the loading cycle. These are unique

phenomena associated with ceramic matrix composites.




This study provides a consistent, systematic and comprehensive methodology
for investigating the behavior of unidirectional and cross-ply ceramic matrix com-
posites when subjected to quasi-static, repeated and fatigue loading. The developed
models and failure criteria which comprise the present analysis illustrate the proce-
dure for employing analytic solutions for modeling numerous complex mechanisms
such as those observed in fracture of brittle composites. Furthermore, this study
illustrates that damages such as fiber fracture, interface slip and fiber pull-out can
be successfully modeled for a partially bonded interface in fiber-reinforced compos-
ites. These permit stress-strain hysteresis and strain ratchetting behaviors to be
modeled, whereas in the past these mechanisms were not considered in such an anal-
ysis. Finally, this study provides a means for evaluating many interface properties
such as the fiber/matrix bond strength, the interface frictional shear resistance, the
degradation in shear under fatigue loadings and the evolutions of interface debonds.

This is significant since such data are difficult to obtain experimentally.




MODELING OF PROGRESSIVE DAMAGE IN
FIBER-REINFORCED CERAMIC MATRIX COMPOSITES

1. Quverview

This chapter serves as a general overview for some of the intricacies involved
with the science and engineering of fiber-reinforced ceramic matrix composites and
the proposed study. The chapter is divided into three sections. First, a brief discus-
sion of monolithic ceramics and ceramic matrix composites is presented, including
the various damage modes inherent to these materials and the importance of mod-
eling these damages. The second section reviews several failure criteria which have
been used in predicting the evolution and impact of the microstructural damages
on the structural integrity of the ceramic composites. Finally, the third section out-
lines the present study to model the failure progression and material response of the

fiber-reinforced ceramic composite under various loading conditions.
1.1 Introduction

The technological advancement for many structural components is contingent
upon the continued development of high-performance materials which can survive in
demanding operating environments. As a result, the demand for advanced materials
in aerospace and other high-temperature applications has steadily increased over the
past few decades. Unfortunately, the supply has not maintained the pace. A good
example is the limited success researchers have had in designing and manufacturing
advanced supersonic and hypersonic aerospace vehicles. Much of the progress in
this area has been hampered by the non-availability of structural materials which

can withstand the necessary operating conditions since in many cases, materials in
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today’s advanced aerospace arena are required to operate in environments where

severe thermal-mechanical and fatigue loadings can be expected.

Ceramic materials are a natural fit for these environments as a result of their
innate resistance to heat, chemicals and wear [15,52]. What makes ceramic materials
so appealing is that they possess high strength and modulus even at elevated temper-
atures. The service temperature limits for today’s ceramic materials, for example,
are approaching 1600°C. This is compared to 1000°C for current super-alloys, 750°C
for stainless steels, and 400°C for advanced polymeric composite [25]. Ironically
however, the phenomenon which provides the ceramic material with its exceptional
strength and stiffness also causes the ceramic to be very brittle. As a result, when
monolithic ceramics fail, they typically fail catastrophically and without warning.

Hence, these materials are not amenable to many structural applications.

With the addition of high-strength reinforcing fibers, however, the overall
strength of the ceramic, as well as its fracture toughness, can be increased sig-
nificantly. For this reason, ceramic matrix composites (CMCs) have received a great
deal of attention. Unfortunately, since the fiber/matrix constituents are themselves
brittle materials, CMCs are still susceptible to fracture. In particular, CMCs are
energetically prone to the formation of multiple matrix cracks within the compos-
ite structure [8,126]. This makes them difficult to model. The fractures form first
within the matrix and not the fiber since typically the strain-to-failure of the ceramic
matrix is ~less than that of the reinforcing fibers. Furthermore, multiple cracks can
form since laminate failure is prevented by fibers which continue to bridge the crack
planes. In this manner, the fibers provide the CMC with improved toughness and

perhaps even more importantly the observed gradual non-catastrophic failure mode.

As would be expected, however, an increase in material compliance is accom-
panied with the formation of the matrix cracks [65]. Moreover, this relaxation in
stiffness can be observed as changes in the slope of the laminate’s stress-strain re-

sponse. In actuality, since the formation and growth of the matrix cracks occurs over

1-2



a finite stress range, the shape of the stress-strain curve may be quite non-linear in
appearance due to the varying composite compliance over this stress range. For this
reason, the shape of the stress-strain curve is a good indicator of the extent of com-
posite damage. Hence, modeling the stress-strain response of CMCs is a challenging
task due to the complex interaction effects between the damaged constituents. This
is accomplished only by modeling the presence and influence of the matrix cracks

and other damages.

Not much needs to be said about the importance or utility in formulating
models which provide insight into the probable behavior of a material under var-
ious loading conditions. Models, whether analytical, numerical or empirical, can
save countless man-hours and monies by permitting “paperé studies” to replace or
supplement experimental analyses. There is no need to manufacture and test each
material variant. In order to model a material, such as a ceramic matrix composite,
which has several prominent damage modes, two items are required. First, a repre-
sentative model or volume element, and constitutive relations are needed. Second, a
set of failure criteria for each damage mode must be available in order to determine
the extent of damage within the composite microstructure. Since the formulations
of the model and the failure criteria are typically independent, researchers can mix

and match as necessary.

Since the early 1970’s, a large number of models and failure criteria have been
presented for analyzing the behavior of ceramic composites, and these will be re-
viewed in chapter two. Many of these studies are based upon the theory of microme-
chanics in which strength-of-material solutions are applied to unit-cells consisting
typically of only a single fiber and surrounding matrix. The advantage of the mi-
cromechanics approach is that the mechanical response of the laminate may be easily
obtained since this approach avoids many of the subtle intricacies and complexities
associated with the stochastic nature of brittle fracture in non-homogeneous mate-

rials. More detailed fracture mechanics techniques may provide a better depiction
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for the evolution of damage within the composite; however, they are limited in their
ability to model complex loading conditions due to the inherent complexity of the

analysis.

1.2 Background

As mentioned previously, when cracks form within the matrix of a ceramic
matrix composite, the reinforcing fibers prevent catastrophic failure if they con-
tinue to bridge across the crack plane. Moreover, it has been well established that
near these bridging fibers, several microstructural interactions occur between the
composite’s constituents which promote toughness through load transfer and energy
dissipation [18,52]. Clearly, the proper modeling of the composite’s behavior resides
in the ability to understand and capture these phenomena. To this end, a number of
micromechanics analyses have been developed for predicting the onset and progres-
sion of failure within brittle composites [8,37,113,201]. In what is now considered
a classical analysis, Aveston, Cooper and Kelly (ACK) discussed in detail the “en-
ergetics of multiple fracture” in brittle composites [8]. This work has fueled similar

studies for over twenty-five years.

Many of the models presented over this time period are based upon the clas-
sical shear-lag formulation presented by Hedgepeth [71]. The approach parallels the
method employed by Cox who first investigated the influence of a single short fiber
embedded in an infinite medium [32}, but can be adapted to investigate the response
of unidirectional and cross-ply laminates if an equivalent damage state for the lam-
inate can be determined. Unfortunately, this can be quite a difficult task. The
complexities of brittle failure in composite materials have forced many researchers
to rely on empirical data which has thereby reduced the utility of the analytical
models. In addition, many existing analytical solutions employ failure criteria which
significantly over-predict the rate of matrix cracking. The most obvious case is the

original ACK model in which all of the matrix cracks were assumed to form at a
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single applied stress [8]. This resulted in a “stepped” or “plateau-ed” stress-strain
response where the material response curve is initially linear followed by a single
large jump in strain during matrix failure then the response becomes linear again
albeit with a smaller slope. Hence, even though the micromechanics approach is ap-
pealing because of its simplicity, solutions from many of the existing models do not

mirror experimental data [8,113] and, therefore, alternate approaches are sought.

Within the literature, there are a number of more detailed analyses which
avoid some of the simplifying assumptions employed under the micromechanics ap-
proach [53,137]. For example, a number of solutions employ traditional fracture me-
chanics techniques to investigate the conditions for crack growth near a bi-material
(fiber/matrix) interface [109]. These models are useful since the development of
valid design and failure criteria are contingent upon a full understanding of the
microstructural behavior of the laminate during loading. Unfortunately, modeling
the behavior of an individual crack in this manner may require integration of many
complex theories, e.g. linear elastic fracture mechanics, statistical analysis and vari-
ational mechanics; therefore, when considering the large number of cracks which are
continually developing and growing in a CMC, the analysis can be quite complex.
To further compound the problem, the crack formation within the composite is de-
pendent not only on the lamina properties, but also on laminate and component
geometries. In addition, matrix cracking is not the only damage mode observed in
CMCs. Cracks can also develop within the fibers or along the fiber/matrix interface.
Since the evolution of all these damages is dependent on the magnitude and type of
loading, the operating environment must also be accounted for in the analysis. When
considering all these effects, the problem quickly becomes overwhelming. Perhaps
this explains why a large number of first-order models have been reported in the

literature [67,152,179].

The present research addresses many of the above considerations by presenting

a systematic and comprehensive model capable of analyzing the fatigue response of




unidirectional and cross-ply ceramic matrix composites. Moreover, the analysis is
developed under a unified and consistent methodology. The literature is inundated
with studies investigating portions of the analysis; however, none of these provide
comprehensive solutions (model and failure criteria) as introduced in the present
research. The foundation of the current approach is rooted in simple analytic formu-
lations which allow the analysis to be extended to consider many complex loading
environments and laminate geometries. Further, the present analysis eliminates the
requirement for gathering empirical crack density data; a tedioﬁs and costly en-

deavor.

1.8 Approach

The objective of the current research is to develop and formulate a method-
ology (model and failure criteria) for predicting the stress-strain response of uni-
directional and cross-ply fiber-reinforced ceramic matrix composite when subjected
to quasi-static, repeated, and fatigue loading conditions. The model formulation is
an extension of traditional shear-lag theory, and considers a general damage state
consisting of matrix cracking, interface debonding, as well as fiber failure. These
damage modes are modeled By a set of failure criteria with the minimum reliance on
empirical data which can be easily employed in a variety of numerical or analytical
methods. The criteria used to estimate the extent of matrix cracking and interface
debonding are closed-form and require the basic material properties. The failure
criterion for fiber failure requires a priori knowledge of a single empirical constant.
This parameter, however, may be determined without microscopic investigation of

the laminate microstructure.

For the present analysis, the modified shear-lag approach to model the behav-
ior of unidirectional CMCs is based upon work presented by Kuo and Chou [106].
However, the present theory is not restricted to their particular formulation. For

cross-ply laminates, a new model is formulated which considers a general damage




state consisting of matrix cracking in both the transverse and longitudinal plies,
interface debonding, fiber fracture, slip and pull-out. The cross-ply formulation as-
sumes that the matrix crack spacing within any ply is uniform, but generalizes the
solution for any relative crack configuration between plies. In addition, unlike the
previous study [106], the present analysis does not require empirical crack density

data. Instead, a specific failure criterion for each damage mode is formulated.

As mentioned, the failure criteria used in estimating the extent of composite
damage are formulated to minimize the reliance on empirical data. Closed-form
solutions are provided for estimating the instantaneous matrix crack density and
interface debond length. The latter is determined through incorporation of a max-
imum stress criterion along the interface. The matrix crack density is determined
at each stress level by a unique failure criterion which requires the strain energy in
the matrix to remain constant at a critical value. This approach is analogous to
a total energy failure criterion for an isotropic material, and has been entitled the
critical matriz strain energy approach by the author. The extent of fiber damage
is determined using an energy-based Weibull failure distribution. This distribution
requires a priori knowledge of a single material constant, namely the percentage of
fractured fibers at laminate failure. The latter may be determined if the ultimate

stress and corresponding failure strain of the unidirectional laminate are known.

The remainder of this document is divided into six chapters and several appen-
dices. Chapter two presents an overview of ceramic matrix composites. It examines
what they are; why they are of interest, and how they can be modeled. For the latter,
chapter two also includes an introduction to the theory of micromechanics, details
of several classical failure criteria, and a summary of previous studies involving the

modeling of ceramic matrix composites.

The theory used in the present study for the analysis of both unidirectional

and cross-ply laminates is presented in chapter three. In addition, failure criteria
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for various damage modes are provided. This chapter concludes with a discussion of

specific considerations required for different loading environments.

In chapter four, modeling of unidirectional ceramic matrix composites under
quasi-static, repeated and cyclic loading is presented. A summary of the model
development is provided along with a comparison of the predicted results and the

corresponding empirical data.

Chapter five is similar in outline to chapter four; but investigates the behavior
of cross-ply laminates. The final chapters, chapters six and seven, provide closing
remarks on the present work and also several recommendations for future research.

In supplement of the seven main chapters, several appendices appear in the final

pages.




I1. Perspective

The intent of this chapter is to provide the reader with background on the
science and engineering of ceramic matrix composites (CMCs), including the various
damage modes of CMCs and how these damages may be modeled. The first section
(section 2.1) serves to motivate the research while section 2.2 begins the general
overview of CMCs. The latter includes a discussion of what CMCs are; why they
are of interest, and how damages induced during loading can impact the mechanical
properties of the laminate. The dependence of the macromechanical response on the
“strength” of fiber/matrix interface is also emphasized. Greater detail on these is

provided in supplemental appendices.

In section 2.3, the impact of the microstructural damages on the macrome-
chanical response of the laminate is examined. This is accomplished by reviewing
the salient features of the stress-strain response for several brittle composite lami-
nates, and serves as a transition between the details of microstructural failure modes
presented in section 2.2 and the goals of the micromechanics theory which are pre-
sented in section 2.4. Next, section 2.5 provides a partial listing of existing theories
(models and failure criteria) which have been employed over the past few decades.
It serves only as a general overview, and groups the theories into broad categories
characterized by the predominant features of the models and failure criteria. The
purpose is to provide a general introduction to some of the more traditional failure
criteria, as well as to make apparent some of the advantages and disadvantages of
these classical solutions. The final section of this chapter, section 2.6, summarizes
the existing work and re-motivates the present analysis. Chapter three provides
more detail on the specific theory (model and failure criteria) uséd in the present

investigation.




2.1 Motivation

Ceramic matrix composites have emerged as viable material candidates for
many structural components. In particular, CMCs are under increasing consid-
eration for many high temperature applications in the aerospace industry where
large thermal and mechanical loadings can be expected. Unfortunately, within these
harsh operating environments, extensive damage can develop within the composite
microstructure due to the limited ductility of the constituents in CMCs [85]. Such
damages fundamentally alter the characteristics of the material behavior and, there-
fore, the key to modeling the behavior of a ceramic matrix composite resides in the
ability to accurately estimate the extent and influence of these damages within each
ply during each load cycle. Unfortunately, for fatigue analyses which can involve
many loading conditions over millions of cycles, modeling microstructural damage
is quite a challenging task. In addition, the inherent complexities and stochastic
nature of failure in brittle non-homogeneous materials further complicates the mod-
eling process. This has forced many researchers to rely on empirical data in order
to estimate the residual laminate property, and has resulted in the proliferation of

costly and time-consuming non-destructive evaluation techniques.

An attempt is made within the present study to formulate a set of failure
criteria which can be easily employed and which accurately estimate the damage
state of the laminate. The focus is to reduce the current reliance on empirical
data because even in the most benign case, e.g. laboratory experiments of material
coupons, empirical damage estimates are typically quite tedious to obtain. A prime
example is the rigorous microstructural investigation, with acetate replicas, often
performed for estimating the extent of matrix cracking within a CMC. Researchers
must examine each replica under a microscope and physically count the number of
matrix cracks at each load step. Inherent in this process is a subjective interpretation
of what constitutes a full matrix crack and what does not. Failure criteria which

reduce the need for such undertakings are, therefore, of great utility.
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The failure criteria employed in the present analysis are purposely kept as sim-
ple as possible so that not only can the analysis be easily adapted to consider more
complex loading conditions and component geometries but also so that it can be
employed in a variety of numerical or analytical solutions. For completeness, how-
ever, all predominant damage modes are considered. These include matrix cracking,
interface debonding, fiber fracture and fiber pull-out. The criteria used to estimate
the extent of matrix cracking and interface debonding are closed-form and require
the basic material properties. The failure criterion for fiber failure requires a prior:
knowledge of a single empirical constant. This parameter, however, may be deter-

mined without microscopic investigation of the laminate microstructure.

2.2 Ceramic Matriz Composites

A composite is a material which embeds a distinct reinforcement phase (fiber)
within a continuous medium (matrix). This study is concerned exclusively with
ceramic matriz composites (CMCs) in which continuous cylindrical fibers are em-
bedded in a high performance ceramic matrix which is typically some derivative
(oxide, nitride, or carbide) of silicon, aluminum, titanium or zirconium. An exam-

ple is a SiC/CAS CMC which embeds small diameter (15 um) silicon carbide (SiC)

fibers into a calcium aluminosilicate (CAS) matrix.

Ceramic materials are of interest because they are ideal for many high tem-
perature applications such as those found in jet engines or as external structure on
supersonic or hypersonic vehicles. What makes ceramic materials so appealing is
that they are excellent thermal and electrical insulators which are able to withstand
most environmental and chemical attacks. More importantly, they retain significant
structural integrity (strength and modulus) even at elevated temperatures. The ma-
jor drawback of ceramic materials, however, is their inability to resist fracture. They
are brittle. Theoretically, due to the unique ionic-covalent bonding at the molecular

level, ceramics have the potential of being stronger than many metals, including the




latest super-alloys. However, this strength is never realized due to the ceramics’ low

toughness [18].

Ironically, the complex bonding responsible for exceptional strength, stiffness
and environmental resistance in ceramic materials also prevents localized plastic
deformation. As a result, the voids and inclusions inherent to a ceramics atomic
structure act as nucleation sites where crack growth initiates. Once the cracks form,
the large crack-tip stresses allow the fracture to propagate quickly through the ma-
terial. Growth of the fracture is typically unstable since the brittle material has no
inherent means of arresting the growth. Anyone who has ever dropped a china plate
knows first hand the consequences of fracture in a brittle material. When they fail,
they fail catastrophically, and when discussing jet engines, the phrase “catastrophic

failure” is not something people like to hear.

Fiber-reinforced ceramic composites, however, exhibit a remarkable increase in
toughness when compared to their monolithic counterparts. More specifically CMCs
are characterized by a large strain-to-failure, pseudo-ductility, and most importantly,
a gradual non-catastrophic failure mode. The demand for these advanced materi-
als in aerospace and other high-temperature applications has prompted numerous
studies of ceramic matrix composites over the past few decades. These include both
analytical and experimental investigations. However, before investigating some of
these models, a brief discussion of failure in CMCs is appropriate. The purpose is
to familiarize the reader with the reasons why cracks propagate so readily though

ceramic materials and what can be done to prevent it.

A monolithic brittle ceramic is unable to resist fracture due to its low fracture
toughness, K7 (reference appendix A). One method of increasing Ky in a brittle
material is to reduce the number and size of pre-existing microstructural imperfec-
tions. This is accomplished primarily through modifications in the manufacturing
processes. Unfortunately, improvements in the flaw control processes have been slow

and expensive to implement. As a consequence, the primary means of improving the
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fracture behavior of ceramics has been accomplished through fiber reinforcement.
This approach is not new; in fact, the addition of straw to clay roofs, and apimal
hair to pottery are examples of early composites where brittle materials are made
stronger through reinforcement. In addition, careful study of beetle shells and human |
teeth illustrates that nature has also used this practice. However, recent advance-
ments in the science and engineering of reinforcement has permitted the concept to
be successfully adapted to advanced matefials. Ceramic matrix composites represent
a prime example of how reinforcement can be used to improve the toughness of a
material. The reinforcement phase can be in the form of particles, whisker or short
fibers, continuous fibers or sheets. For this particular study, ceramics reinforced by
continuous fibers are investigated. The toughening effect resulting from the addition

of continuous fibers in a ceramic matrix is discussed next.

Since the ceramic matrix which binds the fibers together in CMCs is typically
of adequate strength for most applications, the fibers do not need to act as the main
load carrying members as is the case in polymer or metal matrix composites; rather
the fibers in CMCs serve to transfer stress across broken matriz blocks. In addition,
fibers which continue to bridge the crack plane provide closing tractions which tend
to reduce the crack-tip stress intensity factor. Hence, the survivability of the fiber is

a major concern.

Ideally, material engineers would like to add ductile fibers with high fracture
toughness; however, the design (temperature) considerations which dictate the use
of ceramics also preclude the use of such fibers. Ceramic composites are therefore
composed of brittle fibers in a brittle matrix. Realizing that brittle fibers have low
fracture toughness and are likely to fail in the presence of high crack-tip stresses, the
original problem: an inherent inability to resist fracture, still appears to exist. How-
ever, as will be discussed, this is not the case. As matrix cracks propagate around the

fibers, energy is dissipated due to the mechanical interactions which develop between

2-5




the constituents.! Hence, the fibers induce toughening (energy dissipating) mecha-
nisms simply due to the presence of the bi-material interface. Energy dissipation is

discussed in greater detail in the following sections.

In summary, the fibers perform three roles: (1) the fibers aid in load transfer;
(2) they produce closing tractions which reduce the crack-tip stress intensity, and
(3) they induce energy dissipating mechanisms which reduce the propensity for the
creation of additional damages. These effects are what provide CMCs with their
exce}:;tional toughness, and gradual non-catastrophic failure mode. As discussed in

the following sections, the “strength” of the interface governs these three phenomena.

2.2.1 Toughening Mechanisms and Interface Design.  The shape of a stress-
strain response tells a lot about a material and may even be used to categorize ma-
terials. For example, materials can be classified as brittle or ductile based upon the
appearance of the stress-strain curve. This is illustrated in Fig. 2.1. In addition, the
material’s strength, modulus, strain-to-failure and toughness are all characterized by
the stress-strain response. In this manner, given a material, one might conjecture
the shape of the stress-strain curve. However, the latter is more difficult especially
when considering non-homogeneous materials. For example, the shape of the stress-
strain curve for a CMC is similar in appearance to one produced by a ductile metal.
Initially, the response is linear, however, at some stress level, the response becomes
distinctly non-linear. The point of onset of non-linearity is defined as the material’s
proportional limit (Fig. 2.1). For ductile metals, the non-linear behavior is associ-
ated with the movement and coalescence of dislocations within the microstructure
(i.e. plasticity). For CMCs, on the other hand, the increasing material compliance
associated with the non-linear region is a direct result of the break-up of the matrix.

Since the constituents in the ceramic composite are brittle (linear-elastic) materials,

tThe term energy dissipation is perhaps a misnomer since the energy is, of course, not eliminated,
but rather simply transferred to some other form. For example, the energy available to split
molecules along a crack front may be “dissipated” in the form of heat if frictional sliding occurs
along the fiber/matrix interface as the crack opens.
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Figure 2.1 Stress-strain response illustrating brittle and ductile failure modes.

and yet the material response resembles that of a non-brittle material, CMCs are

occasionally referred to as possessing pseudo-ductility or pseudo-toughness.

The degree of toughening exhibited by CMCs is, in large part, a function
of the strength of the interface, in particular, the constituent bonding stress and
the frictional shear resistance within debonded regions. Weaker interfaces reduce
the functionality of the fibers whereas strong interfaces increase the probability of
fiber fracture as large crack-tip stresses from matrix fractures are readily transferred
across the interface. In both cases (strong and weak) interfaces, no appreciable
improvement in the mechanical response of the CMC is realized over the monolithic

matrix.

Toughening results from the ability to dissipate energy which is otherwise avail-
able to propagate existing fractures. Therefore, in this case, crack formation, in-
terface debonding and frictional slip all contribute positively towards toughening.
Moreover, if the interface is properly designed, the percentage of fibers which con-
tinue to bridge the crack plane can be enhanced. This promotes toughness through

load transfer and continued frictional energy losses and, therefore, “tuning” the in-
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terface strength though proper design and manufacturing is a very important area
of research in composite engineéring. In fact, because of this ability to tune material
properties, such as with CMCs, there has been a fundamental change over the past
‘thirty years in how material engineering is approached. In the past, materials were
simply applied to structural components. Today, through improved understanding of
material science, advanced materials are designed for specific applications. Ceramic

matrix composites represent an excellent example of this change in philosophy.

For composite materials, this design process not only includes optimizing the
laminate by adjusting the interlaminar properties (e.g. ply orientation, stacking
sequence), but also includes the optimization of lamina properties. This involves im-
proving both the strength and failure characteristics of the individual plies, and can
be accomplished in large part by controlling the properties along the fiber/matrix
interface. A strong interface allows for an efficient transfer of stresses between the
constituents; however, it also increases the probability of fiber failure. Weaker in-
terfaces reduce the chances for fiber failure, but the fiber also carries less load.
For this reason interface design is a major area of research in composite engineer-
ing [16,27,59,78,82,83,88,92,94,99,107,116,121,135,166,208]. It is accomplished
primarily by two techniques: (1) by adjusting the residual stresses across the plane
of the interface and (2) through the application of interface coatings. These are

examined in appendix A.

2.2.2 Damage Modes. Due to the low fracture toughness of the ceramic
matrix, an extensive amount of damage can develop within the CMC’s microstruc-
ture prior to composite failure. Matrix cracking, interface slip and debonding, fiber
failure and fiber pull-out are some of the damage mechanisms common to brittle
composites. Unfortunately, the evolution of these damages is difficult to model since
they are dependent upon a number of factors. For example, the composite’s geome-
try, interface properties, residual stresses, and loading environment all influence the

damage progression within the laminate. Therefore, even though the microstructure
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of a unidirectional CMC may be relatively simple to model, the myriad of dam-
age mechanisms and their relationships with one another and outside influences are
not. As such, simply identifying and characterizing the relevant factors associated
with the damage progression is far from trivial [12]. Furthermore, “modeling dam-
age in these (ceramic matrix) composites presents unique challenges ... owing to
uncertainties about various damage mechanisms that occur in the composite mi-

crostructure” [196].

When loading CMCs, cracks typically initiate within the composite matrix
since the strain-to-failure of the matrix is usually less than that of the fiber. The
evolution of matrix cracking within a ceramic matrix composite is shown schemat-

ically in Fig. 2.2. The three stresses shown in the figure are the stress at which

Crack
Density

o o G Stress

me cr sat

Figure 2.2 Crack density evolution in a brittle composite.

matrix cracking initiates, o,,.; the critical composite stress, o, for which a sufficient
accumulation of cracking has taken place to produce a noticeable decline in the lam-
inate modulus, and the maximum stress beyond which the crack density no longer

changes, 04,;. The latter is referred to as the saturation stress.

For ¢ < o, the influence of matrix cracking on the material response is

limited and, therefore, need not be considered. Hence for the present analysis, matrix
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cracking is only considered for 0., < 0 < 04. The average crack spacing at o = o,
is defined as the initial crack spacing L;n;;, and the final crack spacing at o =
Osat 18 denoted Ly, for the saturation spacing. Matrix cracking saturates since the
average matrix stress decreases with its failure; thus reducing the impetus for further
failure. In addition, as the debonding and fiber fracture modes become increasingly
prevalent, the energy available for matrix cracking is reduced. For conditions where
the composite is repeatedly loaded and unloaded, matrix cracking can evolve beyond
the static saturation limit; however, the effect is limited. The influence of loading
on the damage progression and material response is discussed in more detail in the

next two sections.

The large extent of matrix cracking which can develop within CMCs is illus-
trated in Fig. 2.3. This figure shows a large number of matrix cracks which have
formed in a [0/90]2s, SiC/CAS laminate. The large cracks in the center of the figure
are transverse cracks which have formed in the 90° plies. In addition to these cracks,
a number of matrix cracks are apparent in the outer 0° plies. These matriz cracks

run perpendicular to the local fiber axis, as well as the direction of loading.

As matrix cracks form within the composite, they can also induce interface
debonds. These usually result from the large stress fields near the matrix crack-tip;
however, debonds can also originate from matrix cracks which are deflected along
the fiber axis. However, the latter is rare in cases involving uniaxial loads. As the
number of matrix cracks increases, the fibers are forced to carry a larger percentage
of the load. Eventually, the fibers may fail. In addition, once fractured, the fibers
may pull-out from the matrix. After a critical number of fibers fracture, the laminate

fails.
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Figure 2.3 Matrix cracking within a cross-ply ceramic matrix composite.
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2.2.8 Loading Considerations. In order to successfully model the stress-
strain response of a ceramic composite, a representative state of damage must be
determined. Under conditions of quasi-static loading in which a continuous mono-
tonically increasing tensile load is slowly applied to the composite, the evolution
of damages is fairly well understood although difficult to predict analytically.! For
other loading conditions such as cyclic fatigue, not only is it more difficult to predict
(analytically) the extent of damage, but also the evolution of the damages is not
well understood. In this study, three loading conditions are considered: quasi-static,

repeated and cyclic loading.

Under repeated loading, the laminate is assumed to be subjected to only a
few (< 10) loading and unloading cycles such that under the conditions of repeated
loading, the interface properties (e.g. 7;) are not assumed to change. Therefore, the
stress-strain hysteresis loops produced from repeated loading are equivalent to loops
produced from virgin specimens. Also, repeated loadings to the same maximum
stress will produce stress-strain curves which are identical. For this reason, a typical
repeated loading scenario includes three or four cycles in which a laminate is loaded to
some maximum stress, Opqz, ; unloaded to some lower stress, o,,in, and subsequently

reloaded to a higher stress, ,az,, 1-€. Omaz, > Tmaz, -

Under such loading conditions, stress-strain hysteresis develops due to frictional
sliding along the interface. For example, a predicted stress-strain response for a cross-
ply laminate during loading and unloading is illustrated in Fig. 2.4. The response
shown represents the hysteresis behavior of a cross-ply, [03/90/03], SIC/CAS laminate
under two loading cycles. In particular, the laminate is initially loaded to 175 MPa
after which the applied load is removed. The laminate is then reloaded to 250 MPa;
unloaded to zero load, and subsequently reloaded to 250 MPa. The shape of the

hysteresis loop is dependent on the extent of composite damage and the interface

'The term slowly applied implies that inertial and dynamic effects can be neglected. Further-
more, it implies that the loading processes are isothermal such that the theory of elasticity and the
first two laws of thermodynamics are applicable.
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shear, 7;. The expected increase in the size of the hysteresis loop for the second cycle

corresponds to an increase in the laminate’s microstructural damage.
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Figure 2.4 Stress-strain hysteresis of a ceramic matrix composite as predicted under
the current analysis.

For fatigue analyses, the composite laminate is assumed to undergo a large
number of loading and unloading cycles under which the interface is assumed to
wear due to the friction. As the interface wears the frictional interface shear stress
7; degrades and the strength of the interface changes, i.e. 7; = 7;(\N) where N is the
number of cycles. Since the properties of the interface are changing during the load
cycling, the behavior of the laminate (e.g. strength and failure characteristics) will

also vary.

In particular, as the interface wears, the ability of the fiber to transfer load,
dissipate energy and produce closing tractions which reduce the crack-tip stress
intensities all decrease. This permits additional damages (i.e. matrix cracking and

debonding) to occur specifically due to the loading environment. In general, because
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of the nature of fracture in brittle materials, the extent of damage typically remains
constant if the maximum stress is not exceeded. However, under fatigue type loading
environments, the damage within CMCs can increase since the properties of the
material itself are changing [155, 156, 203]. These damages will be referred to as
fatigue specific damages.

The stress-strain response of a brittle composite under cyclic fatigue may be
characterized by a number of salient features: elastic modulus, stress-strain hystere-
sis, strain ratchetting’ and S-N behavior (Fig. 2.5). A sketch of several hysteresis
loops is illustrated in Fig. 2.5 (a). In general, the hysteresis and ratchetting behavior
depend upon the composite system and loading environment [100]. As with repeated
loading, the shape of the hysteresis loops under fatigue loading is dependent on the
composite damage, as well as the interface shear. Strain ratchetting, on the other
hand, is more a function of fiber pull-out [153]. The maximum and minimum applied
stresses are assumed to remain constant for all loading and unloading cycles of the
fatigue test. The ratio of the minimum stress during unloading to the maximum

stress during reloading is denoted with the parameter R, i.e.

O
R=—"" 2.1
Umaar: ( )

where R remains constant. In addition, only tension-tension fatigue tests are con-

sidered in this study. Hence, R > 0.

In addition to the hysteresis behavior CMCs also form definitive S-N curves
characterized by a distinct threshold stress, o;,. For applied stresses less than oy,
the laminate will not fail over a standard fatigue life; typically defined as 108 cycles.
For o > oy, the composite fails before 10° cycles. A typical S-N curve is illustrated
in Fig. 2.5 (b). The arrows indicate that the composite did not fail within 108 cycles.

Note that long term environmental effects such as oxidation embrittlement have not

TThe increase in permanent strain with load cycling is defined as strain ratchetting.




been considered. In general, fatigue tests can last for an extended period of time;

increasing the opportunity for the interface to oxidize.
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Figure 2.5 Fatigue life of a ceramic matrix composite. (a) Stress-strain hystere-
sis accompanied by a continuous progression in residual strain (strain
ratchetting). (b) Peak stress versus cycles to failure (S-N) diagram.

2.3 Salient Features of the Loading Response.

A common characteristic of the stress-strain response for a unidirectional lam-
inate under uniaxial tensile loading is that two distinct regions, one linear and the
other non-linear, are observed. Initially the composite’s response is linear, however,
once damage begins to accumulate within the composite’s microstructure, the re-
sponse begins to deviate from linearity. The point at which the stress-strain curve
becomes non-linear is referred to as the composite’s proportional limit. In the present

study, the stress level which corresponds to the composite’s proportional limit is re-
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ferred to as the critical composite stresst and is denoted o.,,, or simply o, for a

unidirectional laminate (Fig. 2.6).
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Figure 2.6 Stress-strain responses illustrating the proportional limits for 0°, 90°,
and cross-ply laminates.

The stress-strain response of a 90° laminate (i.e. 0° ply loaded transversely) is
noticeably different than the unidirectional response since the stress-strain response
of a 90° laminate is linear up to its failure under quasi-static loading. Hence, the
critical composite stress for this laminate, o.,,,, corresponds to the composites ulti-
mate strength [125]. For a cross-ply laminate, two proportional limits are typically

observed [209]. The first occurs after damage accumulates in the 90° ply and the

TThe definition for the critical composite stress is sometimes ambiguous. One possible definition
for the critical stress is the stress required to cause a single crack to form within the matrix from
a dominant flaw. For the present document, this stress is referred to as the crack initiation stress,
or the stress at which matrix cracking initiates, and is denoted by o,.. The second definition for
the critical composite stress is the stress level at which the laminate stress-strain response becomes
non-linear. This first point of non-linearity corresponds to the accumulation of matrix cracks since
the composite stiffness is virtually unaffected by the presence of a single crack provided a sufficient
number of fibers continue to bridge the crack plane. This latter definition will be used in defining
the critical composite stress, and will be denoted by o,,. For most ceramic composites, g¢r > Tme.
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second deviation results from damage accumulation in the 0° ply. The two critical

respec-

stresses for the cross-ply laminate are denoted in this paper as 0?0 and o2,

tively, where a superscript as opposed to a subscript is used (Fig. 2.6).

For cross-ply laminates, matrix cracks may develop within both the 90° ply and
the 0° ply. In order to differentiate between matrix cracks in the transverse (90°)
and longitudinal (0°) plies of the cross-ply laminate, matrix cracks in the 90° plies
are referred to as transverse cracks and the term matriz cracks is reserved for cracks
in the 0° plies of the cross-ply laminate. Both transverse and matrix cracks are
assumed to propagate orthogonal to the loading directions. Thus, cracks propagate
perpendicular to the fibers in the 0° plies and parallel to the fibers of the 90° plies. A
detailed description on the evolution of damage within unidirectional and cross-ply

composites may be found in references 193 and 205.

It has become customary to divide the stress-strain curve of a CMC into dis-
crete regions which characterize the dominant damage modes [193]. Figures 2.7 and 2.8
are examples of this process for a unidirectional and cross-ply CMC, respectively.
Dividing the macromechanical stress-strain response into regions associated with cer-
tain damage mechanisms is not only convenient for describing the material behavior,
but it also aids in the modeling process. In the present study, the stress-strain rela-
tionships for quasi-static, repeated and fatigue loading are predicted. In addition, the
present analysis has been formulated to consider both unidirectional and cross-ply

laminates. In all cases, the theory of micromechanics, as presented next, is used.

2.4 Micromechanics

This section presents the modeling assumptions for the composite’s geometry,
damage progression, and load transfer in the case of a damage free composite, as
well as when microstructural damages are present. The model formulations are

presented in chapter three, and a review of rule-of-miztures constitutive relations
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Figure 2.7 Stress-strain response of a unidirectional CMC. The stress-strain re-
sponse is divided into regions characterized by the composite’s damage
modes.

for an undamaged laminate, and an introduction to shear-lag theory for a damaged

laminate are presented in appendix B.

2.4.1 Modeling Assumptions.  For purposes of analysis, a number of sim-
plifying assumptions are made. Further, for convenience, these assumptions are
presented in two sections. First, the assumptions concerning the geometric arrange-
ment of the laminate are discussed. These assumptions permit the laminate to be
modeled using a simplified representative volume element (RVE) consisting only of a
single fiber and surrounding matrix. The second set of assumptions centers around
the assumed symmetry in the composite’s damage state which allows use of the RVE

with damage.

Laminate Geometry. It has been well established that the stress-
strain response for an undamaged composite [polymer matrix composite (PMC),
metal matrix composite (MMC) and ceramic matrix composite (CMC)] can be accu-
rately predicted using a simplified unit-cell (RVE) in which only the basic constituent

properties are considered. Such solutions are typically referred to as rule-of-miztures
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Figure 2.8 Stress-strain response of a cross-ply CMC. The stress-strain response is
divided into regions characterized by the composite’s damage modes.

approximations [3]. Implicit to the theory, however, are a number of assumptions.
For example, the arrangement of the fibers in the composite’s matrix is assumed to
be uniform and symmetric. In particular, the fibers are assumed to be prismatic,
continuous and embedded as a regular rectangular array within the matrix (Fig. 2.9).

As illustrated in Fig. 2.10, this is most certainly an approximation; however, experi-
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Figure 2.9 Assumed geometric arrangement of fibers.

mental data depicting the macro-mechanical behavior of the composite indicate that
the assumption is reasonable. In addition to the assumed symmetry in the fiber
arrangement, the fiber/matrix constituents are also assumed to be void of any im-
perfections, and therefore they respond in a perfectly linear-elastic fashion. Finally,

the constituent interface is assumed to be smooth and perfectly bonded.
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Figure 2.10 Actual geometric arrangement of fibers
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The geometric symmetry which results from the aforementioned assumptions
" creates three mutually perpendicular planes of symmetry. Such a composite material
is orthotropic in nature, and can be described by nine independent constants [164].
These reduce to five' if the material properties are assumed to be the same in the 2-3
direction (Fig. 2.11). The latter is referred to as a transversely isotropic material. In
addition, because of the assumed symmetry in the laminate’s geometry, the compos-
ite response can be modeled using a representative volume element (RVE) consisting
only of a single fiber and its surrounding matrix. This simplification is at the core
of micromechanics theory in which the laminate behavior can be modeled using a

simple unit-cell as illustrated in Fig. 2.11. For convenience, the unit-cell is typically

Fiber

&y,

Figure 2.11 Simplification of the assumed idealized laminate geometry to a one-
dimensional unit-cell.

assumed to be comprised of a pair of concentric cylinders each representing a given
constituent. For the cell shown in Fig. 2.11, r; is the fiber radius and R is the outer
radius of the matrix. The latter is dependent on the relative fiber spacing. If Ay, Ay,

tThe composite’s elastic moduli, E; and E»; the composite’s shear modulus, Gia; and the
Poisson’s ratios, 112 and vag3.
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and A, represent the cross-sectional areas of the fiber, matrix and composite such
that Ay = 7rf, Ap =7 (R2 - r?) and A, = mR? then the parameters vy = As/A,
and v,, = A,,/A. define the fiber and matrix volume fractions, respectively. It fol-
lows that B = rf\/l—i——vm/v—f. The geometry of the undamaged unit-cell is now
completely defined. The constitutive equations for the unit-cell are provided in ap-
pendix B. Next, the geometric assumptions regarding the incorporation of damage

in the unit-cell are discussed.

Damage State. In order to model a damaged laminate with
the unit-cell described above, symmetry with respect to the damage configuration
must be assumed. Toward this end, the matrix cracks within any given ply are
assumed to extend throughout the entire lamina cross-section. In particular, each
crack describes an infinitely thin plane orthogonal to the loading axis. If multiple
matrix cracks exist, the fractures are assumed to be uniformly spaced over the length
of the composite. Experimental data indicate that such a periodic distribution of
cracks is reasonable [44,138]. In addition to the matrix cracks, interface debonds
may also form during loading. For simplicity, these debonds are assumed only to
originate from the crack planes; extend uniformly around the fibers, and to be of
constant length for all fiber/crack pairs. Finally, as will be discussed later, the
distribution of fiber fractures is assumed to be uniform. The above assumptions
allow the composite to again be modeled with a simple RVE consisting of a single
fiber and surrounding matrix. In addition, when matrix cracks are considered, the
unit-cell is assumed to span a pair of matrix cracks as illustrated in Fig. 2.12. The

length of the cell is, therefore, equal to the average crack spacing which is denoted

by L.

Numerous models have been proposed for investigating the initiation and evo-
lution of matrix cracking during tensile loading of brittle unidirectional laminates.
Despite this, few theories have been proposed which are both representative of the

empirical data and amenable to various numerical and analytical methods. Two

2-22




Fiber
Failure
/’7 1 | Interfacial
. ’ Debonding
Matrix
Cracking
Representative

Yolume Element

Figure 2.12 Assumed geometric symmetry and corresponding representative vol-
ume element.

dominant failure criteria have been presented in the literature: maximum stress
(strain) theories and the more traditional fracture mechanics approaches. The latter
category includes both the energy balance techniques (discrete solutions) of Aveston,
Cooper and Kelly [8], as well as the stress intensity solutions (continuum solutions)
similar to those proposed by Marshal, Cox and Evans [127]. The solutions from
Aveston, Cooper & Kelly, and Marshal, Cox & Evans are typically referred to as the
ACK and MCE theories, respectively.

Previous models yield information on the stress level at which matrix cracking
initiates, as well as providing bounding limits for the expected crack densities [8,
179]. Other models investigate the influence of various parameters (fiber volume
fraction, fiber radius, thermal stresses, etc) on the expected cracking behavior [113].

Others consider the effects of flaw size and location, and possible variations in the
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strain energy release rate [77,102,107,180,196). Unfortunately, none of the existing
analytical solutions provide an accurate representation of the evolution of matrix
cracks during loading. The limited success of these models has led researchers to
rely on empirical crack density data obtained through tedious and time consuming
microscopic investigation of the composite microstructure [41,193]. Several of the

classical solutions are presented in the next section and in appendix A.

2.5 FExisting Models

A tremendous amount of research dealing with ceramic matrix composites has
appeared in the literature over the past few decades. Because of this, a number
of journals have been established in support of the research. The purpose of this
section is to introduce and categorize a portion of the published work which is directly
relevant to the present study. The literature review is presented in two subsections
which consider unidirectional and cross-ply lay-ups separately. In addition, both

experimental and numerical studies are presented.

As mentioned earlier, in order to model a material such as a ceramic ma-
trix composite which has several prominent damage modes, two items are required.
In addition to a representative volume element (RVE) which defines the geometry
and constitutive relations, a set of failure criteria for each damage mode must also
be selected in order to determine the extent of damage within the composite mi-
crostructure. Since the formulations of the RVE and the failure criteria are typically
independent, researchers can mix and match as necessary. As such, within each
subsection an attempt is made to list the referenced publications by thesevtwo cat-
egories. Hopefully, in doing so, this section serves as a convenient reference list for

many of the ideas used in the present research.

2.5.1 Unidirectional Laminates.  References 5-8,11,12,16,17,20-22,26, 28,
33-35,37,38,40,41,44,46,54,64,68,70,76,79,89-91,93,96,97,100,103,110,113,117,127,




129,133,134,137-139,145,146,150-153,163,178,181,182,184-186,193,196,200-202,
207,210,212, 213 represent most of the studies conducted on brittle unidirectional
composites. A few experimental studies have been included in the review [5,6,12,
21,41, 68, 76, 151, 193, 210]; however, the majority are theoretical analyses which
investigate the fracture behavior of brittle composite systems [7,8,16,17,20,22, 26,
28,35,37,38,40,44,46,54,64,70,79,90,93,100,103,110,113,117,127,129,133,134,137~
139,146,152,153,163,178,181,182,184-186,196,200,201,207,212,213]. Furthermore,
in their analysis, many of these latter studies incorporate shear-lag models [7,20,26,
40,46,103,113,117,133,138,152,182] or similar techniques involving a single unit-
cell [54,79, 139, 153, 186, 200, 201, 212]. Some of the studies utilize finite element
techniques [11,16,44,97,178].

The failure criteria for estimating the extent of matrix cracking can be loosely
divided into three categories: maximum stress theories [22,28,40,113], fracture me-
chanics approaches [8,26,70,90,110,127,129,137,196,201, 213], and statistical es-
timates [37,117,181,182,207]. Of course, this is not an exhaustive list of possible
criteria, and there is some over-lap between these categories. In addition, the studies
employing traditional fracture mechanics techniques can be further sub-divided into
energy balance solutions and stress intensity approaches. References 8,46,201,213
and 127,129,196 provide examples of models which fall in these two categories, re-
spectively. It is also convenient to highlight studies which consider different damage
modes, as well as loading conditions. References 22, 35, 38, 64,212 investigate in-
terface debonding and references 113,134,146,186 focused on fiber failure, whereas
fiber pull-out is the main focus of references 93,134. Conditions of repeated and
fatigue loading are considered in references 8,100,153,178 and 17, 54,163,181, 184

respectively.

2.5.2 Cross-Ply Laminates. A number of experimental and numerical

studies for cross-ply polymeric and ceramic matrix composites have also been re-

ported over the years. References 9,10, 14,19, 39,40, 49, 50, 56-58, 63, 66,67, 69, 72,
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84,85,106,111,112,115,118, 119,124, 125, 139, 142, 143,147, 152-154, 157, 158, 183,
194, 195, 198, 205, 206, 209, 211 represent some of this effort. As reported in refer-
ences 85,124,125,143, 152,209, cross-ply ceramic composites also exhibit extensive
microstructural damage prior to failure. Hence, both a representative model, as well
as an appropriate failure criterion for each damage mode are required‘ if the com-
posite’s behavior is to be modeled. Studies reported in references 9,10, 14, 39, 40,
49,50,56-58,63,66,67,69,72,84,106,111,112,115,118,139,142,147,153,154,157,158,
183,194,195,198,205,206,211 represent a variety of modeling techniques which com-
bine a myriad of failure criteria to predict the cross-ply composite’s behavior. Many
of the model formulations in the above studies are based upon the classical shear-
lag formulation [9,10, 39, 40, 56-58, 67, 72,106,111, 112,118, 147, 153, 154, 157, 211].
A number of failure criteria have been used in conjunction with the shear-lag ap-
proach to estimate the laminate’s damage. Some examples of common failure cri-
teria are the maximum stress criterion in which a single-value of matrix strength
is assumed to control matrix cracking [39,58,112,153]; the traditional fracture me-
chanics approaches which employ a critical energy release rate or stress intensity
factor, [9,10,56,67,111,118,147,198,211], and statistical failure analyses in which
the inherently stochastic nature of brittle failure is considered [57]. Empirical data
have also been used [106,153,154]. Laws and Dvorak combined a critical energy re-
lease rate approach with a statistical analysis [111], while Zhang et al [211] employed
a critical energy release rate approach with an empirical resistance curve technique.
References 14,40,84,106,205,206 consider matrix cracking in both‘ the 90° ply and
the 0° ply in ceramic composites. The models from Beyerle et al [14] and Xia and
Hutchinson [205] represent more sophisticated analyses whereas models from Kuo

and Chou [106] and Daniel and Anastassopoulos [40] are shear-lag approximations.

The majority of the above mentioned studies analyze matrix cracking in polymer-
based glass/epoxy and graphite/epoxy cross-ply laminates [49,56-58,66,69,111,112,
118,139, 183,195]. Recently, several studies have been reported to investigate the
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behavior of ceramic matrix composites [14,40, 84, 106, 154, 205, 206], including the
initiation and evolution of matrix cracking [14, 84,205, 206], as well as the general

laminate response (e.g. stress-strain behavior and modulus change) [40,106,154].

2.6 Summary of Existing Work

As illustrated in the previous section, there has been a large amount of re-
search accomplished in the area of ceramic matrix composites. However, prior to
this study, there did not exist a systematic micromechanics approach for modeling
the fatigue response of a ceramic matrix laminate. Several shear-lag models have
been successfully employed in predicting the response of CMCs, but only under lim-
ited loading and damage conditions {7,20,26,40,46,103,113,117,133,138,152,182].
For example, Daniel et al utilize a shear-lag model in order to investigate the mod-
ulus degradation in unidirectional CMCs under conditions of matrix cracking and
interface debonding resulting from quasi-static loading [40]. The analysis is sim-
ilar to the original work by Aveston, Cooper and Kelly (ACK) who first mod-
eled the behavior of CMCs under quasi-static conditions [8]. Karandikar [86] and
Kuo [103] also use a similar approach to investigate the behavior of both unidirec-
tional and cross-ply laminates, however, again their studies are limited in scope.
For the unidirectional laminate, matrix cracking and interface debonding are con-
sidered. For the cross-ply laminate, transverse cracking is also considered; how-
ever, the analysis is constrained to only a few discrete damage configurations [103].
The general solution is not determined. Furthermore, many of the other shear-lag
models investigating cross-ply laminates consider only transverse cracking of the
90° plies [9,10,39,56-58,67,72,111,118,147,157,211]. Hence, there is a need for a
micromechanics model which not only incorporates the additional damages associ-
ated with ceramic matriz composites, e.g. fiber fracture and fiber pull-out, but also

considers a generalized state of damage.
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In addition to the model itself, failure criteria for each of the damage mecha-
nisms are required. As mentioned, simple analytic criteria are desired. For matrix
cracking, the maximum stress criteria employed by ACK [8] and Daniel et al [40]
are appealing due to their simplicity; however, the analytic crack densities predicted
under these approaches do not match well with the empirical data. In theory, the
predicted crack densities evolve rapidly over a narrow stress range whereas exper-
imentally, a gradual evolution of matrix cracking is observed. The energy balance
solution presented by Spearing and Zok suffers similarly [179]. The criterion adopted
by Weitsman and Zhu demonstrates a more realistic stress range for the matrix break-
up; however, the predicted response still only matches the empirical data in piecewise
segments [201]. This results because the predicted crack densities are forced to jump
in a discrete manner. In particular, the crack density is assumed to double each time
the failure criterion is satisfied [201]. The latter is also a limitation of the maximum
stress criterion [8]. Finally, the failure criteria presented by Spearing and Zok {179)
and Weitsman and Zhu [201] are dependent on the critical energy release rate of the
composite which has proven quite difficult to quantify in CMCs [37]. As a result,
researchers have been forced to rely on empirical data for detefmining the extent of
microstructural damage. Unfortunately, such data are tedious and costly to obtain,
if they can be determined at all." Hence, there is a need for better and reliable failure
criteria which can be easily employed in a comprehensive micromechanics analysis.
Moreover, these criteria need to be consistent with the experimental data, and finally

the solutions should minimize the current reliance on empirical data.

Despite the large number of models which have been proposed (section 2.5),
there are only a small number of micromechanics studies that compare predicted
stress-strain responses with empirical data for CMCs under quasi-static loading

[8,40,154]. Results under fatigue loading are even more scarce [54,153]. In par-

tEmpirical data on fiber fractures and interface debonds are virtually impossible to obtain due
to the nature of the fracture modes.
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ticular, the analyses presented by Pryce and Smith [153] and Evans et al [54] are
the only papers found by the author which compared predicted and experimental
results for fatigue type loadings. The analysis by Pryce and Smith uses empirical
crack density data and is limited to small strain values since matrix cracking is the
only damage mode considered [153]. Evans et al provide a more comprehensive anal-
ysis; however, the study is limited to unidirectional composites. Furthermore, the
model and failure criteria are quite complex and rely on empirical data. No analytic
predictions of the composite’s fatigue limit and fatigue life are known by the author
to exist. Hence, there is a need for analytical (micromechanics) models which pre-
dict the stress-strain response under different loadings, including the complete fatigue

behavior,’ for unidirectional and cross-ply CMC laminates.

The model and failure criteria formulated here provide a systematic method-
ology satisfying the aforementioned requirements. The micromechanics models ac-
count for a general set of damages under the micromechanics assumptions, and
the failure criteria are simple, analytic and f)rovide good agreement with experi-
mental data. Moreover, their reliance on empirical data is minimized. Finally, as
demonstrated in chapters four and five, the results predicted by the present analy-
sis compare well with experimental data for both unidirectional and cross-ply CMC

laminates subjected to quasi-static, repeated and fatigue loadings.

1S-N behavior, hysteresis, modulus degradation and strain ratchetting.
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III. Theory

The goal of the present analysis is to generate stress-strain responses which
are representative of empirical data for unidirectional and cross-ply ceramic matrix
composites. This study focuses on the stress-strain behavior since such responses
yield the residual laminate properties (e.g. strength and stiffness) which are ulti-
mately the desired quantities in the real applications of CMCs. Moreover, if the
predicted stress-strain response matches well with experimental tests then one can
assume that the microstructural damages are being adequately characterized. The

methodology adopted for the current analysis is outlined in Fig. 3.1.

MODEL

Laminate Geometry

Constitutive Law

Stress-Strain N
S-N Behavior
Strain Ratchetting

Modulus Degradation
Laminate Failure

Hysteresis

LOADING
CONSIDERATIONS

FAILURE CRITERIA

Matrix Cracking Quasi-Stati
uasi-Static

Interfacial Debonding

Repeated

Fiber Fracture
Cyclic

Figure 3.1 Methodology overview.

Three concepts are incorporated in the analysis. These are (1) the representative
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volume element (model) which defines the laminate’s geometry and constitutive re-
lations, (2) the failure criteria which yield the state of damage in the laminate, and
(3) some additional microstructural mechanisms which are required when analyzing
the loading and unloading behavior, e.g. frictional slip. The latter are labeled under

the heading of loading considerations in Fig. 3.1.

For modeling purposes, two constitutive laws are used to generate the stress-
strain curves depending on whether or not damage is present within the composite
(appendix E). For an undamaged laminate, a rule-of-mixtures constitutive law is
used (appendix B). This allows for a extremely efficient means for determining the
composite strain, €.. In theory, since the composite’s constituents are assumed to
deform linear-elastically, the composite strain is completely defined by the Hookean

relation

o= Eee, (3.1)

where o is the applied stress and E, is the elastic modulus of the composite. Note
that the latter is only a function of the laminate geometry and the constitutive
properties, i.e.

E, = ’UfEf + v B (32)

for a unidirectional laminate and

b d
Ee=p gt gl (3:3)
for a cross-ply laminate where
E, = vaf + v Fo, (34)

-1
vy Um
Ey={-t 423 | :
2 {Ef+Em} (3.5)




In Egs. (3.2) and (3.3), vy and v,, are the volume fractions of the fiber and matrix
constituents, respectively. The parameters £y and E,, are the corresponding elastic
moduli, and b and d are the half-thicknesses for the 90° ply and the 0° ply in a

cross-ply laminate.

Once damage forms within the laminate, the composite strain is determined
from Eq. (3.6) which assumes that the composite strain is equivalent to the average

strain in an undamaged fiber.

1 .
€ = m/Laf(a:) dz + (of — a.)AT (3.6)

Furthermore, the fiber stress, o¢(z), is, in general, dependent on the extent of matrix
cracking, interface debonding, and fiber fracture. Moreover, the specific equation
relating o¢(z) to the laminate geometry and damages is determined from the shear-
lag formulation as presented in the next section. The extent of damage is determined

from the appropriate failure criteria (section 3.2).

In short, given the proper laminate parameters and loading history, the mate-
rial stress-strain response can be determined from Egs. (3.1) through (3.6). The re-
mainder of this chapter provides details of the theoretical formulation for the present
study. The theory is presented in three sections: model formulation, failure criteria,

and loading considerations.

3.1 Model Formulation

As mentioned, prior to the formation of any damages, Egs. (3.1), (3.2) and (3.3)
are used to generate the laminate’s stress-strain response. This rule-of-mixtures
theory 1s well established and is outlined in appendix B. The interesting case is
when damage is present and o¢(z) varies over the length of the unit-cell. This is

now addressed.




3.1.1 Modeling Damage. ~ When introducing a matrix crack into the analy-
sis, the axial constituent stresses vary in the vicinity of the fracture since the stress

in the matrix vanishes at the free boundary (Fig. 3.2). Furthermore, along the plane

1%
Stress A8
Fiber
O
fO
...................................... G.
- ’ rrlo
Matrix ™.

Matrix Crack

Figure 3.2 Stress redistribution near a matrix crack.

of the crack, the fiber stress reaches a maximum since the bridging fiber is forced to

carry the entire load. The magnitude of the maximum fiber stress is

0 1(2)maz = g, . (3.7)
vy

Away from the crack plane, the stresses are redistributed within the constituents
and eventually return to a magnitude equal to their original rule-of-mixtures value.
These stresses are denoted as oy, and o, for the fiber and matrix, respectively.
Hence, the effect of the crack is a localized phenomenon which helps explain why

the stress-strain response is not influenced by a single crack (¢ = o), but rather
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only deviates from linearity after a significant accumulation of cracks (o = o). It

may be shown that at any point equilibrium requires

o0 =v50§(z) + Vo (). (3.8)

If multiple cracks are considered, then the pattern in Fig. 3.2 simply repeats.
That is, along each fracture plane, the matrix stress vanishes and the stress in
the fiber is a maximum (Fig. 3.3). Away from the crack plane, the stresses are

redistributed between the constituents.

Stress

Fiber

Matrix

Figure 3.3 Stress redistribution for multiple cracks.

In exémining a simplified free body diagram of a unifc—cell spanning a pair
of matrix cracks, it becomes quite apparent that the vehicle that the fiber uses to
transfer load back into the matrix is exactly the shear stress which develops along
the fiber/matrix interface (Fig. 3.4). And indeed when carrying out the mathematics
for the equilibrium of forces on the fiber (Fig. 3.5), the rate of change of the axial
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Figure 3.4 Simplified free body diagram of a unit-cell spanning a pair of matrix
cracks.

fiber stress is found to be directly proportional to the interface shear according to

wr} {——af(x) + og(z) + Ei%dx} + 277y - 1i(z) - dz =0 (3.9)

or equivalently

dos(z) _ —27,(z)

) 1
dz Tf (3 O)

From Eq. (3.8), the matrix stress, o,,(z), is also dependent only on the interface
shear. Hence, if the interface shear stress, 7;(z), can be determined, or somehow

defined, then the constituent stresses and ultimately the composite strain may be

determined from Eqgs. (3.6), (3.8) and (3.10). This is the basic premise of shear-lag -

Ti(X)

G G + G, dx

2r

~ Figure 3.5 Equilibrium of forces on the fiber.
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theory in which an approximate expression for 7;(z) is assumed. In particular, shear-
lag theory assumes that the interface shear stress is proportional to the difference in

the average displacements of the constituent. That is,

7i(e) = H{tg(e) - tn(e)} (3.11)

where H is the proportionality constant. The average displacements for the fiber
and matrix, @s(z) and @n,(z), are determined by considering the deformation of a
line which is initially orthogonal to the loading axis. These displacements, as shown

in Fig. 3.6, are determined from Egs. (3.12) and (3.13).

_ 1 T 27

Uy = 7r_r§ A /0 us(z,r) r df dr (3.12)
B 1 R p2m
Um = 7'&'(R2——7';‘:)/7-f /0 um(w,r) r df dr (313)

where us(z,r) and u,(z,r) are the two-dimensional in-plane constituent displace-

ments illustrated by the deformed line in Fig. 3.6. Note that the deformed line,

U (x,p)

Figure 3.6 Deformation of a line, initially orthogonal to the fiber axis, during load-
ing of a composite with damage.

u(z,r), illustrated in Fig. 3.6 is only an illustration and may not be representative of

the actual deformation. In theory, the strain, i.e. the derivative of the displacement,
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must be continuous within each of the constituents, but may be discontinuous along
their common interface. Furthermore, the shear stress vanishes along any planes of
symmetry, e.g. at r = 0 and R. The latter boundary condition requires that the
matrix-to-matrix interface of adjacent cells have continuous displacements and be
free of any shear such that the deformation of each cell is equivalent. Given the
average constituent displacements, Egs. (3.8), (3.10) and (3.11) completely define

the state of stress [04(z), o (z) and 7;(z)] within the unit-cell.

Under the traditional shear-lag formulation, these stresses can represented by

Egs. (3.14) through (3.16) [25].

v cosh(fz)

os(z) =04, + o cosh(BL]2) "™ (3.14)
_ cosh(Bz)

Om(T) = O, {1 - ———cosh(ﬂL/2)} (3.15)

__PBrjvm sinh(Bz) (3.16)

rile) = 2 vy cosh(BL/2) Tmo
Furthermore, if these distributions are known then the laminate’s stress-strain re-
sponse may be determined from Eq. (3.6). This procedure is, of course, contingent
upon a priori knowledge of the average crack spacing, i.e. the parameter L in
Egs. (3.14) through (3.16) must be known. This requires the use of a predetermined
failure criterion. Moreover, if other damage mechanisms, laminate geometries and
loading conditions are considered, Eqgs. (3.14) through (3.16) must be appropriately
modified. This is the focus of the current research in which Eqs. (3.14) through (3.16)
are modified to account for other damages such as interface debonding and fiber frac-
ture. In addition, a myriad of other items required to model the mechanical response
of unidirectional and cross-ply laminates when subjected to repeated loading condi-
tions are developed. These are presented in the remainder of this chapter, as well as
appendices B through I. The predicted composite response is presented in chapters

four and five.
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As presented in the previous chapter, several shear-lag models have been pro-
posed for analyzing unidirectional and cross-ply brittle fiber-reinforced composites.
The primary difference between many of the shear-lag models resides not in their
formulations, but rather in the procedure on how the instantaneous damage config-
uration (crack spacing, debond length, etc) is determined. For the current analysis,
the fundamental theory used in the development of the two models for the unidirec-
tional and cross-ply laminates is the same. More specifically, the models differ only
in their representative volume element (RVE) geometries (e.g. cross-sections) and
choice of coordinate system. These formulations of the unidirectional and cross-ply

shear-lag models are now presented.

3.1.2 Unidirectional Model. For the unidirectional laminate, the only
stresses considered are the axial fiber stress, of(z), the axial matrix stress, o, (),
and the interface shear, 7;(z). Moreover, these stresses are related to one another

through the following equilibrium relations [25,103].

o =v;07(2) + Vpom(T) (3.8)

dos(z)  —27(x)
3; = (3.10)

Equations (3.8) and (3.10) represent two equations in three unknowns, o¢(z), o (2)
and 7;(z). Under shear-lag theory, two additional relations are assumed. The first
equation from the shear-lag analysis relates the interface shear to the average con-

stituent displacements according to Eq. (3.11) [25,103].

Ti(z) = H{ug(z) — tn(c)} (3.11)

1See also appendix B.
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In addition, the current shear-lag formulation also assumes the following kinematic

relations:
| e
o4(z) + Eyas AT = Ese(z) = Ey (’“‘df—x(x)) (3.17)
and
iy,
(@) + EnamAT = Epen(z) = En (%@) . (3.18)

It is these latter relations where the problem is reduced to one dimension. The
problem formulation now consists of four equations' in four unknowns, o(z), o (z),
7:(z) and H. The derivations of H and o¢(z) are now presented. Given these

solutions, determination of o,,(z) and 7;(z) is trivial from Egs. (3.8) and (3.10).

3.1.2.1 Determination of the Shear-Lag Constant, H.  Under the cur-
rent formulation, the difference in the average constituent displacements, us(z) —
(), is dependent only on the interface shear, 7;(z), because of the assumed prob-
lem kinematics. This allows the shear-lag parameter, H, to be determined easily
from Eq. (3.11); however, the formulation of the right hand side of this equation is

somewhat involved.

To begin the analysis, consider the unit-cell illustrated in Fig. 3.7. As is typical
of micromechanics analyses, the unit-cell is assumed to consist of a single fiber and its
surrounding matrix (appendix B). Furthermore, these entities are modeled as a pair
of concentric cylinders of length L which is the average matrix crack spacing. Also,
note that the fiber/matrix constituents are permitted to debond with the length of
the debond being denoted d. Within the debonded region, the interface shear stress
is assumed constant in order to make the analysis tractable. Hence Eq. (3.11) only

applies over the range —L/2 +d <z < L/2 —d.

Let the geometry of the cylindrical model be defined by the coordinates, r,
0 and z as defined in this figure. Furthermore, let 75 € [0, r¢] and 7, € [ry, R]

TEquations (3.17) and (3.18) are not independent.

3-10




Fiber/Matrix
Debond 4]

Matrix Crack

Stress

Figure 3.7 One-dimensional shear-lag model and corresponding constituent and in-
terface stresses.

define the boundaries of the individual constituent cylinders. Now for this system of

coordinates, equilibrium requires

oo, 1079, O1gr 1 _
or +; 90 9z —|'-;(0'T7-—0'00)—0, (319)

87,9 1 (90'99 aTzo 2 _
or ; 80 o + TTTG - 0, (320)

87‘m 1 80’9Z 80'353 1 .
o T a0 T ap Tre=0 (3:21)

From all the simplifying micromechanics assumptions outlined in the previous chap-
ter, the constituent stresses are independent of the circumferential angle §. Hence
Eq. (3.20) is satisfied directly, and Eqgs. (3.19) and (3.21) reduce appropriately. Fur-

thermore, the radial normal stress, o,,, and the radial displacement, w«,, will be




neglected. As a result, Eq. (3.19) will not be satisfied. Based upon these assump-

tions, the governing equilibrium equation becomes

0Ty | 004z 1
87‘ + 8:8 +TT7‘I—'0‘ (322)

When considering the two regions 7y and 7, as well as Egs. (3.8) and (3.10),
Eq. (3.22) can be represented by the following relations.

dr(z,r) 3 27;(2)
dr rf

1
+ ;T(.’L’,T) =0 forrery (3.23)

dr(z,r) n 2vsT(2) n lT(:l:,’r') =0 forr €7y (3.24)

dr VT f 7
where 7(z,r) = 7. Further, 7(z,r) is the two-dimensional constituent shear stress
which results from the two-dimensional deformations of the fiber and matrix (refer-

ence Fig. 3.6 on page 3-7). Solving Egs. (3.23) and (3.24), the following relations are

found.
m(z,r) = TLT,(:C) for r € 75 (3.25)
f
R’ (R
T(z,r) = (—-—— — 'f'f) (— - r) 7(z) forr €y (3.26)
ry r
Equation (3.26) is more apparent when considering that
-1
v (B
v =Tf (T‘f rf) . (327)

Additionally, the linear-elastic kinematic relation between the constituent stress and

displacements is given by

ou, Oug
(@) = G(@m + 87')

(3.28)




when considering small strain theory. Recall, however, that under the current for-

mulation, the radial displacement, u,, is neglected; hence Eq. (3.28) reduces to

= ——r(z) forr ey, (3.29)

2 -1/ p2
8uf;:,r) _ _él__ (R_ _ rf) (R; — r) 7(z) forr €, (3.30)
T m \Tf r

where Egs. (3.25) and (3.26) have also been considered and where u, is now writ-
ten as u(z,r). Integrating Eqgs. (3.29) and (3.30), the two-dimensional constituent

displacements are found to be

1
27"fo

ug(z,r) = us(z) (ch — 7"2) m(z) forr ery (3.31)

and

1

Un(2,7) = uo(z) + 2 G S—; (2R2 In % + 75— r2) mi(z) forrer,. (3.32)
The displacement u,(z) is the axial displacement along the interface [i.e. u,(z) =
ug(z,75) = up(z,7¢) ]. Moreover, since Eq. (3.11) is only valid within bonded inter-
face regions, the interface displacements are continuous, i.e. slip is not permitted

9

and u,(z) = [y o/E; dn. Defining the average displacements as

B 1 rf 27

Uy = 7r—r} A /0 us(z,r) r df dr, (3.12)
B 1 R 2« J
Uy = m /Tf /0 um(x,r) r df r (313)

yields the following when Eqs. (3.31) and (3.32) are employed.

i4(z) = uo(z) — ——7:(2) (3.33)




_ T 1 1 3 v
um(a:) = UO(CC) + L {W In ;; - Z - 'é—{:—(—} Tz(.'B) (334:)

From which in applying Eq. (3.11), the shear-lag parameter H is determined.

41 1 ({2 1 v\ 17
=——d—4—|=ln—-3-2-L .
" ry {Gf "G (vfn oy ’ Um)} (3:35)

3.1.2.2 Determination of the Axial Fiber Stress, o4(z).  As with the
shear-lag parameter, the axial fiber stress, of(z) is determined from Eq. (3.11). In
addition, Egs. (3.17) and (3.18) are also employed in the derivation. The solution
for this stress is not determined directly; rather the formulation consists in finding
a linear second-order differential equation whose solution yields the desired stress.
In particular, the governing equation is determined through differentiation of the
shear-lag equation [Eq. (3.11)]. Hence, from Egs. (3.10) and (3.11), the following

relation holds
dos(z)

25 = Fi{ig (@) — ()} (3.36)

where H = —2H/r;. Now, in differentiating Eq. (3.36) and applying Eqé. (3.17) and
(3.18), Eq. (3.37) is determined.

Note again, it has been assumed that all constituent displacements, on average,
result solely from the axial (normal) constituent stresses. This is a consequence of

the assumed one-dimensional nature of the problem. Also, from Eq. (3.8),

om(z) = UL {o —vsos(z)}. (3.38)

m




Finally, in substituting Eq. (3.38) into Eq. (3.37), the following linear second-order

differential equation with constant coefficients is determined.

d’os(z
LD _ groy(x) = ~or, (3.39)
where
B,
B = ;—ﬁ% (3.40)

The solution to the above equation provides an expression for the axial fiber stress
as developed under the current shear-lag analysis. The final form may be expressed

as

os(z) = Acosh(fz) + Bsinh(fBz) + oy,. (3.41)

The constants A and B are determined from the appropriate boundary con-
ditions which for the unidirectional model are that (1) along the plane of a matrix
crack, the stress in the matrix vanishes due to the free boundary, and (2) the in-
terface shear stress vanishes along the plane of symmetry. For the model shown in

Fig. 3.7, these conditions require that

Om (a: = :I:g) =0, (3.42)
(x =0)=0. (3.43)

These develop since the unit-cell is assumed to span a pair of matrix cracks with L as
the average matrix crack spacing (Fig. 3.7). More specifically, since the coordinate
system shown in Fig. 3.7 is referenced at the center of the unit-cell, the matrix
cracks occur at £ = £L/2. Moreover, since symmetry with respect to the extent

of debonding is also assumed and since the interface shear stress, 7;, is assumed
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constant within debonded regions, Eq. (3.42) may be written as

27
oi(z=1LJ2—d)= % - %d (3.44)

where d is the length of the debonded region. The average matrix crack density, i.e.

the number of cracks per unit length, is 1/L.

Finally, upon solving the system of equations defined by Egs. (3.41) through

(3.44), the desired stresses are determined to be as follows:

cosh(fz) (vm d ) .
oy, —Om, — 2—T; bonded region
os(e)= 4 o cosh[B(L/2—d)] \ vy rs
g _ T_Ti(L/Q —|z) debonded region
v
cosh(fz) vy d .
— . — 2—— —T; bonded
on(e) =) " cosh[B(L/2—d) (" T o onded reeien
ﬁ———Ti(L/Z —|z|) debonded region
Un Ty
_Bry__ sinh(fz) I — giﬂ. bonded region
(z) = 2 cosh[B(L/2—d)] \vs ™ g
T debonded region
(3.45)
where
Omy = Eﬁa + En (a1 — o) AT (3.46)
Ey
E
o5, = —E—:a + Ef(ar — ap)AT (3.47)
8 B 1 1 ({2 1 v\
2
_ 8 LRI G WL S A | I 4
rs? EfEmvm [Gf * Gm (Um2 " Vs ’ Um)l (3:49)

Typical distributions for these stresses are shown schematically in Fig. 3.7.
Note that within the bonded region, the transfer of stresses between the constituents
is quite efficient due to the large interface shear stresses; whereas within the debonded
region, the stress transfer is less pronounced since the maximum interface shear is

limited by Coulomb friction. As mentioned earlier, the interface shear stress in the
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debonded regions is assumed constant; having magnitude 7;. With the stress state
now defined, the stress-strain response can be predicted from Eq. (3.6) provided the
extent of composite damage is known. These damages are estimated by the failure

criteria outlined following the formulation of the cross-ply model.

3.1.3 Cross-ply Model. = The development of the cross-ply model is similar
to the unidirectional model; however, due to the presence of the off-axis plies (e.g.
90° plies), some additional simplifying assumptions are required. As an illustration,
for the present analysis, the cross-ply lay-up is assumed to be of the form [(0,,/90,)];
so that the symmetry may be exploited during modeling. In addition, the plies are
assumed to be perfectly bonded and void of any imperfections. The interlaminar
shear stress is defined by 7(z). The half thickness of the 0° ply and 90° ply are b
and d, respectively as shown in Fig. 3.8, and the unit-cell is assumed to be of unit

depth (y direction).

Matrix Crack Debond, d, Debond, d;
/ Matrix l
o| T TR b
S SR
I—t ________
90° z d
N
X, X
Transverse
Crack

Figure 3.8 Representative volume element used in the analysis of cross-ply
laminates.
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A free body diagram of the representative cell, Fig. 3.9, yields the following

equilibrium relations:

{aL(m) + (hj—im)dx — O”L((E)} b—7(z)dz =0, (3.49)
{—UT(:E) + or(z) + Cw;—ix)dx} d+7(z)dz =0 (3.50)

where op,(z) is the average axial stress in the 0° (longitudinal) plies, and or(z) is

the average axial stress in the 90° (transverse) plies.

O (x) =—

§—>GT(X) + GT(X)’X dx 00 b

T
— E——
T | T(x)
> -
5 ; Z

oW <——. —= I 90 | d

(SL(x) + GL(X),X dx

Figure 3.9 Free-body diagram illustrating the stresses considered in the cross-ply
analysis.

It is clear from Egs. (3.49) and (3.50) that the stress transfer between the
90° ply and the 0° ply is governed by the interlaminar shear stress, 7(z), which

develops along their common boundaries. More specifically,

dor(z) _ddorT(:c)‘

m(z)="b dr dz

(3.51)

Equation (3.51) is a standard relation from which most cross-ply shear-lag models

begin their development [111].

In determining the state of stress within the cross-ply laminate, three entities

are considered: the fiber of the 0° plies, the matrix of the 0° plies, and the 90° plies.
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Hence, the behavior of the zero degree plies are considered on a constituent level,
whereas the behavior of the off-axis (90°) plies are viewed on a lamina level. This
assumption is valid since the fibers of 90° plies are orthogonal to the loading direction
and contribute little to the strength of the composite. Additionally, to completely
define the state of stress within the representative cell, five stresses are required: the
axial fiber stress of the 0° plies, o4(z); the axial matrix stress of the 0° plies, o,,,(2);
the fiber/matrix interface shear stress in the 0° plies, 7;(z); the normal stress within
the 90° ply, or(z), and the interlaminar shear stress, 7(z). As in the unidirectional
case, the equilibrium relations are insufficient to solve the problem since they con-

stitute only four equations in five unknowns. For the cross-ply laminate, the four

equilibrium equations are Eq. (3.10) and Egs. (3.51) through (3.53).

or(z) = vios(2) + Vo () (3.52)
b d
=37 daL(:z:) + T daT(:zz) (3.53)

The final equations are again derived from the shear-lag theory.

For the analysis of cross-ply laminates, the basic premise of shear-lag theory is
that the interlaminar shear is proportional to the difference in the average displace-
ments of the 90° ply and the 0° ply [111]. For the cross-ply laminate, this may be

expressed as

T(2) = H; [ar(z) — ar(z)] (3.54)

where H, is the proportionality constant commonly referred to as the shear-lag
parameter [103,104]. As with the unidirectional analysis, Eq. (3.54) along with the
kinematic relations comprise the remainder of the required equations for the cross-ply
analysis. In this case, the problem consists of solving six equations in six unknowns:
o¢(z), om(z), 7i(z), or(z), 7(z) and H,. The derivations of H,, o;(z) and or(z)
are now presented. The remaining unknowns follow directly from the equilibrium

relations.




3.1.3.1 Determination of the Shear-Lag Constant, H,. As in the
previous unidirectional case, H, may be determined directly from Eq. (3.54) since
the difference in the average lamina displacements are assumed to be proportional
only to 7(z). Once again, the analysis is somewhat involved and calls for an assumed
form of the two-dimensional (laminate) shear stresses, 7(z, z), For the present cross-

ply analysis, these stresses are assumed to given by Egs. (3.55) and (3.56)

7(z,2) = {M — {z-l— M}} {b— M}_lfr(m) if 2€7Zyp

z+b b b
(3.55)
b+d-—
7(z,2) = Lb-—z;T(:v) if zez (3.56)

where Zgg = [-d,d] and Zg = +[d,b + d]. Note that in the above equations, no
coupling between the x and z variables is present. Furthermore, it is only because of
the assumed separation of variables that the solution simplifies under the shear-lag
formulation. In addition, the shear stresses satisfy the required boundary conditions,

namely

7(z,0) = 7(z,b+ d) =0, (3.57)
7(z,d) = 7(z). (3.58)
For the present system of coordinates, equilibrium requires

00z  OTye 0Ty
+ +

Oz Jy 0z =0 (3:59)
OTpy | Ooyy | OTy

oo+t G2 =0, (3.60)
8 Tz a F4 a zZz

Tor g Ty Tz, (3.61)

Oz Jdy 0z
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- This system of equations reduces from the assumed geometry since the stresses are

independent of the coordinate y. Hence,

80@ OT sy
Oz Oz

=0, (3.62)

07y, 00,
oz 0z

—0. (3.63)

As with the previous unidirectional model, the second equilibrium equation is not
satisfied. Moreover, note that Eq. (3.56) satisfies Eq. (3.62) directly, however, due
to the separation of variables assumption, Eq. (3.55) only satisfies Eq. (3.62) in an

average sense, i.e.
00z, 1 407,

ox +Eo 0z

dz = 0. (3.64)

Also, in reducing the problem to one dimension, the normal stress o,, and the

displacement u, are neglected. From this, the kinematic relation becomes

[ Hata=g

and the displacements within the two plies are

ur(z, z) = -1%-—5—5—2 {(b—i— d)*In (ZTM) — % (z?‘ - d2) — @(z — d)} + u,(z)
| (3.65)
{2 b+ d)(z —d) — (22— &) } + un(x) (3.66)

uL(a:?Z) 2bG12

where u,(z) is the displacement along the interlaminar boundary of the two plies

A= {b - M}*l : (3.67)

and

b

In addition, the average displacements are given by

= %/Od uT(.'II,Z) dz (368)




and

ur(z) = —/db+d ur(z,2) dz. (3.69)

Performing this integration yields

_ At(z)(b+ d)? 43 d? b
ur(z) = O {3(b-|—d) + — 5 —d—bln (b+d)}+uo(:v) (3.70)

d-1(z

w(e) = g, {352 d?} + uo( (3.71)

Substituting these relations into Eq. (3.54), the shear-lag parameter, H,, is deter-

mined to be

d(d? — 3b?) 1 (204 3d) (362 —d?) (b 2 b
Te = { 67Gn | (264 d)0n { 6d * (E(b * d)) o (H—d) }}

-1

(3.72)

3.1.8.2 Determination of the Azial Fiber Stress, o¢(z), and the Average
Stress in the Transverse Ply, or(z).  As presented earlier, the axial fiber stress
varies according to

d"c’l’i"’) = H {a(2) — n(z)} . (3.73)

Differentiating the above relation and substituting Eq. (3.52) into the resultant equa-

tion yields the following second-order linear differential equation.

LD o) = -5 {0 - Ph ) -on))
The constant § is again the shear-lag parameter from the unidirectional analysis, i.e.
Eq. (3.48). Unfortunately, under the shear-lag formulation, no solution to Eq. (3.74)
exists since the distribution or(z) is unknown. This results because the shear-lag
theory is formulated to consider only two entities whereas the present problem has
three: the fiber and matrix of the 0° ply and the 90° ply. As a result, an additional

assumption of the stress distribution in the 90° ply is required. In particular, it is
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assumed that the matrix cracks which develop within the 0° ply do not effect the
transverse stress or(z) in the 90° ply.! This is the same assumption made by Kuo
and Chou [106]. The other shear-lag models which consider cross-ply laminates do
not require this assumption since matrix cracks within the 0° ply are not considered.
With this additional assumption, the shear-lag theory requires that

d’or(z)

T 2 {or(z) — 05} ~ (3.75)

from Egs. (3.51) and (3.54), and where

H E b+d
A== = — .
= (59 370
and
o _ In
oF =40 + Ey(a. — az)AT. (3.77)

Equation (3.77) is recognized as the rule-of-mixtures solution for the transverse stress
in the 90° ply of a cross-ply laminate which is free of any damage. The solution to
Eq. (3.75) is

or(z) = ¢y sinh(Az) + ¢; cosh(Az) + o7. (3.78)

Substituting the latter into Eq. (3.74) yields

d*o ()

L - B2os(z) = —p? {a; - ﬁ—:% [c1 sinh(Az) + ¢ cosh(/\:c)]} . (3.79)

A solution to the above differential equation can be determined using the
method of variational parameters in which the problem is posed as: y” — f%y =
—f(z),* and whose solution is: y = y¥ + y© with y = czsinh(Bz) + ¢4 cosh(Bz)

and y¥ = uyy; + uy,. The variables y; and y, are independent solutions of the ho-

t Alternate solutions are presented in chapter seven.
ty/" denotes two derivatives of the dependent variable y with respect to the independent
variable z.
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mogeneous problem, and uy, us are arbitrary functions which are assumed to satisfy
y1uf + youh = 0. Letting y; = sinh(Bz) and y; = cosh(pBz), the solution for the fiber

axial stress is found to be

E;d B,
o¢(z) = cgsinh(fz) + c4 cosh(fz) + Egd P {e1sinh(Az) + ¢y cosh(Az)} + of
Ey b )2 — 2
(3.80)
where
o _ By
O'f = —0 -I- Ef(ac —_ af)AT. (381)

E.
The latter is the rule-of-mixtures solution for the fiber stress in an undamaged cross-
ply laminate. Note that Eq. (3.80) can be determined more directly by assuming
that the particular solution, y¥, is of the same form as the forcing function, f(z),

i.e.

y¥ = ¢; sinh(Bx) + ¢3 cosh(Bz) + c3
o Efd.
— B {o'f &3 [e1 sinh(Az) + ¢, cosh()\m)]}

= —f(). (3.82)

From Egs. (3.78) and (3.80), the axial matrix stress in the 0° ply may be determined
from Eq. (3.83).

om(z) = 1 {b -|[; da - égT(xtlz)} — ;)_fO'f(CC) (3.83)

VU, b m

where UT(Cqu) is or(z¢) evaluated at z, = = as defined below. Finally, the interface
and interlaminar shears, 7;(z) and 7(z), can be determined from Egs. (3.10) and (3.51),
respectively. Note that since the stress fields in the 0° ply are not symmetric, in gen-
eral, the extent of debonding on the left side of the model (z < 0) may not equal the
extent of debonding on the right side of the model (z > 0). The two debond lengths

will be denoted as d; and d,., respectively. The boundary conditions required to solve
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for the unknown constants, ¢; through ¢4, in Egs. (3.78) and (3.80) are dependent

upon the damage configuration. These are now investigated.

As previously mentioned, uniform crack spacing is assumed within each ply;
however, nothing has been stated about the relative location of the transverse and
matrix cracks. For example, the two configurations shown in Fig. 3.10 are both valid
for L; = L/2 where L; is the spacing of the transverse cracks in the 90° ply and L is

the spacing of the matrix cracks in the 0° ply. Within the actual composite, a large

A Matrix
X A X / Crack
o° S SR
=0
900% ________ Le .
)-(t X Transverse
Crack
X X
00 <_______..-...._________I: _______________________
A=L/4
90° <__-.4.-__> _________ Iﬁt_ _________ A, 4 s
Xy X X

Figure 3.10 Two possible damage configurations for a cross-ply laminate with uni-
formly spaced cracks in both the 90° ply and the 0° ply. For both figures
shown, the transverse crack spacing is one-half the crack spacing of the

0° ply.

number of configurations will exist. The proposed analysis assumes that all possible
configuration have an equal probability of occurring and that in , every configuration
is represented. To ensure all possible configurations are considered, the relative crack

spacing, A, as illustrated in Fig. 3.10, is assumed to span [0, L;/2] if L; < L and
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[0,L/2] if L < L;. For convenience, a global coordinate system, & € [0, L], is used.
Equation (3.78) is valid between a pair of transverse cracks only. Hence if L; < L
(i.e. the representative volume element spans more than two transverse cracks), a
local coordinate system, z;, is required for each pair of adjacent transverse cracks

(Fig. 3.10). It may be shown that

:vzf?:—-g T=%—6 (3.84)
where
L 1/2)+ A if L; < L
s | Lt/ ne= (3.85)
ALiJ2+ A it L> L
-1 ifz—-A<0

n = 5
Int (:1: 7 A) otherwise

+1 if £ > A
and Int() represents the integer function.

Clearly, the constants c;-c4 appearing in Eqgs. (3.78) and (3.80) are not only
a function of the extent of matrix cracking, but also depend on the relative crack
spacing, A. Three cases need to be considered: (1) transverse cracking only; (2)
matrix cracking only, and (3) transverse and matrix cracking. These are the same

configurations as investigated by Kuo [103], and are now considered.

3.1.3.3 Transverse Cracking Only. Upon loading of CMCs, trans-
verse cracks will develop prior to any failure in the 0° ply. The representative volume
element for this case is assumed to span two transverse cracks (—L;/2 < z < L;/2).
In order to determine the axial stress in the 90° ply and the axial stress in the
fiber of the 0° ply, four boundary conditions are required to solve for the unknown

constants (c1,c2,cs, and cs) in Egs. (3.78) and (3.80). Two boundary conditions,
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or(£L/2) = 0, are derived from the fact that no load is carried in the 90° ply along
the plane of the crack. A third boundary condition, do;(0)/dz = 0, results from
symmetry. Finally, since the matrix in the 0° ply has not failed, the final boundary
condition requires @m(L:/2) = Gy(L:/2) where @, (z) and @s(z) are the axial dis-
placements of the matrix and fiber in the 0° ply, respectively. This condition requires
the strain in the matrix and fiber of the 0° ply to be equal (i.e. €, = €). With these

four boundary conditions, the stresses within the 90° ply and fiber in the 0° ply may
now be determined [Egs. (3.86) and (3.87)].

or(z) = 05 {1 - _M-L} (3.86)

cosh (AL;/2)
cosh( Az
O‘f(:c) = C4 COSh(ﬂ.’L‘) + TW + 0'; (387)
where
_Eqd B,
T E b B2 — A2 or (3'88)

o PL [ B ¥
* ™ 2sinh (BL:/2) | ALy By b A2 — 2

(3.89)
0] = V505 + vmoy, (3.90)
En
oy, = e + B, (ac — an)AT (3.91)

3.1.8.4 Matriz Cracking Only.  If only matrix cracks exist, then the

following conditions apply

om(—L/2) =0, (3.92)
om(L/2) =0, (3.93)
dO'T(O) | |
—— =0, (3.94)
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€r = €. (395)

For this case, the stresses are determined to be

or(z) = ¢z cosh(Az) + o7, (3.96)
o¢(x) = c4 cosh(Bz) + ;T cosh(Az)/oF + o} (3.97)
where
Bl by e oo by Al % TE (0 ap)AT

d 771 E;,  E

c4 = v , (3.98)
Bgvf cosh (BL/2) — A,BLEf sinh (BL/2)
¢ =B {HTdU - gvf [c4 cosh (BL/2) — 03] — a;} : (3.99)
A=z 1AL , (3.100)
2 {E_f - E} sinh (AL/2)
1

B= (3.101)

b T )
{1 +- Evf%} cosh (AL/2)

3.1.8.5 Transverse and Matriz Cracking.  For a general damage state
consisting of both transverse and matrix cracks, the amount of stress which is trans-
ferred to the fiber of the 0° ply along the plane of a matrix crack is unknown. Further,
since both the matrix of the 0° ply and the 90° ply have failed, er # €7 and €, # ¢;.
Hence in order to solve the problem, the assumption that the local stress in the
90° ply near a matrix crack in the 0° ply is not influenced by this matrix cracking is
made in this formulation as in the previous study [104]. Therefore, the stress within
the transverse ply is again given by Eq. (3.86) since or(£L:/2) = 0. Given or(z),

the remaining unknown constants [c3 and ¢4 in Eq. (3.80)] may be determined since
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the fiber stress along the crack plane is known exactly, i.e.,

of(x==xL/2) = vl_f

b+d d
{TU - ZUT($t|z=iLl2)} . (3102)

In addition, the fiber stress is assumed to vary linearly within the debonded region

according to the following.

1 {b+d d 27; (L
os(z) = E{ 5o EaT(xtluu/z)} - — {-2- - |$|} (3.103)

Within the bonded region:

cosh(Az;)

o1(c) = casinh(Bz) + ey cosh(Ba) + T T

+ 08 (3.104)

where ¢3 and ¢4 depend on the damage configuration, as shown below. Prior to any

debonding

1 d
= 2v;s sinh (BL/2) b {UT (mt'u—L/z) —or (mtluuz)}

T (3.105)

 osh (\L./2) {C"Sh (A%:_m) — cosh (Afﬂtlm,z)} )

1 b+d d i
€4 = 3oy cosh (BLJ2) { 50~ 30T <-’L't|$=L/2)} — czsinh (BL/2)
cosh ( Az, o (3.106)
T Teosh (MLj2) T
However, with the onset of debonding, these constants become
__ xicosh ¢, — x, cosh ¢,

€3 = Snh (6 — 6,) , (3.107)
¢ = XrSinh ot = xisinh é, (3.108)

Sinh(¢l — (;5,.)
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where ¢, = B(—L/2 + d), ¢, = B(L/2 — d) and

cosh ()\xtl Y )
xi=0F-T L — g9, (3.109)

cosh (AL;/2)

cosh (/\xtlz=¢r)

=05~ — 93 11
=0 TR L) (3.110)
1 [b+d d 92
L= - s - 7 —— T
7= vy { b d bUT($t|x=_L/2)} Tledla (3.111)
Of = E {—b o— ZUT(:qu:L/z)} - ;;Tidr. (3.112)

Ifd = L/2 and 0 < d, < L/2 then

-1 o’ — cq cosh(é,) — ’TCOSh (Amtlzz‘#’) — 0% (3.113)

sinh (¢,) | 7 cosh (AL;/2) o

T
=0y — ——F—— — 0} 3.114
4= 97 Cosh (AL:/2) i ( )
Ifd. =L/2and 0 < d; < L/2 then

c3 = 1 ol — ¢4 cosh(¢y) — TCOSh (/\wtlmd)l) — 0% (3.115)

sinh (¢;) | 7 cosh (AL;/2) o
cy = 0% # ~ 0%, (3.116)

I cosh (AL¢/2)

Figure 3.11 illustrates the microstresses in the 90° ply and the fiber and matrix
of the 0° ply which result in a [03/90/03] laminate with o = 200 MPa, L = 3L;, and
A = L;/4. The influence of the 90° transverse cracks on the fiber and matrix axial
stress in the 0° ply is evident, as well as the fact that the axial stresses in the 90° ply
[or(z)] are not influenced by the matrix cracks in the 0° ply. As mentioned, the

fiber stress gradients are assumed linear in any debonded regions within the 0° ply
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of the cross-ply laminate. An example of the microstresses which may develop in a
laminate with fiber/matrix debonding is shown in Fig. 3.12. The stresses are given

for ¢ = 300 MPa, L = 2L;, and A = 0 in this figure.

30 ¢ =200 MPa

Stress (MPa)

i L L L . + 1 1 1 L L L L L L n L
(—)l .0 -0.5 0.0 0.5 1.0

2x/L

Figure 3.11 Microstresses for a [03/90/03} laminate where the crack density of the
matrix cracks in the 0° ply is one-third the transverse (90°) crack den-
sity. Matrix cracks are located at abscissa values of +1.

Clearly, the laminate stresses are contingent upon a prior: knowledge of the
damage configuration. The latter, of which, requires the establishment of a set of
failure criteria for each of the damage mechanisms considered in the analysis. These

are discussed in the following sections.

3.2 Faiure Criterion

The predominant modes of damage within the unidirectional laminate are ma-
trix cracking, interface debonding and fiber failure. For the cross-ply laminates,
transverse cracking of the 90° plies is also considered. Failure criteria for these

damage mechanisms are now addressed.
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Figure 3.12 Microstresses within a [03/90/03] cross-ply laminate when fiber/matrix
debonding is considered.

3.2.1 Transverse and Matriz Cracking. The transverse and matrix crack
spacings are determined by means of the critical matriz strain energy (CMSE) crite-
rion in which the average crack spacings, L and Lz, are determined via Egs. (3.117)
and (3.118).

Upn, + Un(L) = U,,,, for o> a2 (3.117)

Ur, + Up(L;) = Uy, for o> o 3.118
T cr

The left hand sides of Eqgs. (3.117) and (3.118) represents the instantaneous strain
energies in the matrix of the 0° ply and the transverse ply, respectively. The quanti-
ties U, and Ur, are the (rule-of-mixtures) strain energies in the 0° and 90° ply for
laminates free of any damages. The remaining terms, U,,(L) and Ur(L,), account for
the redistribution of energies as a result of damage formation. The right hand sides
of Egs. (3.117) and (3.118) are the critical strain energies which can be determined

provided the critical composite stresses are known a priori. Kuo and Chou provide

3-32




estimates for these stresses [106]. Also, U.,,, and U,,, are assumed constant, known

laminate properties.

The CMSE failure criterion is discussed in detail in appendix E; however, in
summary, the concept of a critical matrix strain energy presupposes the existence
of an ultimate or critical strain energy limit beyond which the matrix fails. Beyond
this, as more energy is placed into the composite, the matrix, unable to support the
additional load, continues to fail. Initially, the composite is assumed to be undam-
aged. As the applied load increases from zero, the energy within the constituents
of the composite increases. With further loading, since the strain to failure of the
matrix is less than that of the fiber, the matrix eventually reaches its maximum
load carrying capacity. The stress level at which the matrix reaches this maximum
limit is assurﬁed to be the critical composite stress, o.,. This process is illustrated in
Fig. 3.13. The reference point, ¢ = o.,, is chosen since experimentally the composite
response is linear to this point (i.e. o < o) due to the limited microstructural
damage. As more energy is added to the system with further loading, any additional

energy going into the matrix is assumed to produce more damage. The assumption

AL U,
l f\
gy
M
| “/\4«/ A/UH'\'\M
T

| ¢ | w

0<0 o) c>0,

cr cr

Figure 3.13 Critical matrix strain energy (CMSE) criterion.

that the matrix strain energy remains constant is analogous to a total strain energy
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failure theory for isotropic materials in which now a single homogeneous matrix block

with applied tractions o, 7;(z) and 7; becomes the focus of the investigation.

Consider the stress-strain response during monotonic loading of a homogeneous

brittle ceramic [Fig. 3.14 (a)]. The stress at failure is often defined as the ultimate

(@) (b)

Stress Matrix strain energy

i

cr

Strain Applied Stress

Figure 3.14 Assumed material response: (a) stress-strain response for a monolithic
ceramic; (b) strain energy versus applied stress for a ceramic composite.

stress of the matrix and is considered a material property. Clearly, the same ar-
gument may be posed using an energy criterion. That is, failure occurs when the

[170,174]. In

matrix strain energy reaches its ultimate or critical strain energy, U,
a similar fashion, matrix failure in a non-homogeneous brittle system (e.g. CMC)
will result when the matrix strain energy reaches this critical value. As more energy
is placed into the system, the matrix fails such that all the additional energy is trans-
ferred to the fibers [Fig. 3.14 (b)]. Failure may consist of the formation of matrix
cracks, the propagation of existing cracks or interface debonding. The failure pat-
tern within any two CMCs will differ due to the variability (i.e. stochastic nature) of
material flaws (size and location), as well as laminate geometry. However, the basic
premise of the micromechanics approach is that the average behavior of the laminate

may be modeled. Hence, if an equivalent or average damage configuration can be

determined, the composite stress-strain response can be predicted. Two advantages




of the CMSE criterion are that the crack densities are determined analytically and
that since no restriction is placed on the location where the new cracks form, the

CMSE is able to capture a continuous evolution of matrix cracking.

3.2.2 Interface Debonding. Interface debonding results from the large
shear stresses which develop along the fiber/matrix interface in the presence of ma-
trix cracking. Since the debond is in reality a crack which propagates along the
fiber /matrix interface, the extent of debonding can by estimated using classical frac-
ture mechanics techniques [24,45,81]. However, to avoid the complexities which
accompany such approaches, a simple and more common approach is to employ
a maximum stress criterion in which the interface is assumed to debond when-
ever the interface shear stress exceeds the ultimate bond strength of the interface,
Tur [7,28,113]. The parameter 7, is assumed to be a material constant, and, if
known, the extent of interface debonding can be determined by ensuring that the

maximum shear along the interface never exceeds this maximum amount, i.e.

Ti(w)maz‘ = Tult- (3119)

For more insight into the debonding process, note that the interface shear
reaches a maximum along the plane of the matrix crack as illustrated in Fig. 3.15.
At some level of applied stress, the maximum interface shear will exceed the bond
strength of the interface, i.e. 7;(%)mas > Tuir. As the interface debonds, the magni-
tude of 7;(2)mqs decreases. Hence, for the coordinate system illustrated in Fig. 3.15,

Eq. (3.119) requires that
Ti(z =L/2 —d) = Tuy. (3.120)

The shear stress in the debonded region is typically assumed to be constant and

governed by Coulomb friction with magnitude 7; [103,113].
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Figure 3.15 Evolution of the interface shear stress as a function of debonding.

3.2.8 Fiber Fracture. The percentage of fractured fibers, D, is deter-
mined via a unique Weibull failure distribution in which fiber breakage depends on
a function of the instantaneous fiber strain energy rather than the fiber stress as
traditionally assumed. In this manner, the traditional Weibull shape and scaling
parameters do not need to be determined. Furthermore, no inconsistencies arise
since compressive loading conditions are not considered, i.e. R > 0. The statistical
distribution for the current analysis is shown in Eq. (3.121) where U.,, is the critical
fiber strain energy and m is the Weibull modulus. Presently, the Weibull modu-

lus is (empirically) based upon the quasi-static response of the ceramic laminate.
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Appendix F examines, in depth, the break-up of the fibers in ceramic composites.

pei-{on[(i- %)) 3121

3.8 Loading Considerations

For the current analysis, three loading conditions are considered: quasi-static,
repeated and fatigue loading. This section investigates some of the unique modeling

considerations for each of these loading conditions.

3.8.1 Quasi-Static Loading.  For modeling purposes, the predicted stress-
strain response is accomplished in two steps. For stresses below the critical composite
stress (0. ), as defined earlier, the composite strain is determined using the tradi-
tional rule-of-mixtures expression

o= E, (e — ") (3.122)

[od

where €* is the residual thermal strain resulting during processing. For applied loads
exceeding the critical stress, the shear-lag relations are employed and the composite
strain is determined from Eq. (3.6). In this manner, the analysis is more efficient.

Greater detail on the solution scheme is provided in appendix B.
6"‘L/U($)d + (« JAT (3.6)
e T E,L O T T e ‘

3.3.2 Repeated Loading.  For cyclic loading environments, stress-strain hys-
teresis is a concern. The origin of hysteresis is a function of the frictional slip which
occurs along any debonded regions during loading and unloading of CMCs. Since
7; has been assumed constant in the present analysis, as is typical of most stud-
ies (8,106, 113], the extent of interface slip during loading and unloading may be
determined analytically [132,153]. The ratio of the slip distance over the debond
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length, D, is determined by ensuring that all constituent deformations “outside the
slip zone” are elastic [174]. For a partially bonded interface in a unidirectional lami-

nate, for example,

L 1 — UmImoTs + Tult . unloadin
5 2v;rid | mpdtanh[B(L)2 — )] &
Do (3.123)
D. — 1 1 — ZmOmoTs Tult reloading
T2 2vmid  Tifdtanh[B(L/2 - d)] '

where D, is D at ¢ = i, (unloaded). Since slip cannot occur within any bonded

regions, 0 < D < 1. For a completely debonded interface,

'UmEmTf Omaz —
’Uf(l — D)ElL T
UnEmry 0 — Opin

vi(l—-D)ELL 7

U) unloading
(3.124)

N — DD =

reloading.

For the cross-ply laminate, the expressions for D are algebraically more complicated.
The specific equations are provided in appendix C which also includes a detailed

discussion of frictional slip and the resulting hysteresis.

3.8.3 Cyclic Loading. Under fatigue (cyclic) loading, the stress-strain
response is characterized not only by hysteresis, but also by a significant development
of permanent strain, i.e. strain ratchetting. As mentioned in the previous chapter,
the shape of the hysteresis loop is dependent on the extent of composite damage
and the interface shear, 7;. Strain ratchetting, on the other hand, is more a function
of fiber pull-out [153]. Unfortunately, traditional shear-lag models have no means
for accounting for the latter, and therefore some additional work is required. The
procedure undertaken to model fiber pull-out, and subsequently the observed strain

ratchetting, is now discussed.

3.3.3.1 Strain Ratchetting.  Strain ratchetting occurs when fractured
fibers permanently slip (e.g. fiber pull-out). As illustrated in Fig. 3.16, this slip

3-38




results in a finite crack opening of the fiber which is governed, in large part, by the
interface shear, 7;. This fiber crack opening displacement is assumed to be of length
§(N) (Fig. 3.16). Upon unloading, the fiber separation is unlikely to vanish due to
Poisson and “knife-edge” effects, as well as debris and fiber warping which all act
to prevent the crack opening from closing. §(NN) is a measure of the average fiber
pull-out distance and depends on both the state of composite damage (L, d, D) and
the interface resistance, 7;. For simplicity, the interface shear and the crack opening

displacement are assumed to remain constant during a cycle [i.e. 7, = 7;(N) and

§ = §(N)).

S(N) Fiber
L
Figure 3.16 Crack opening displacement, §(N), resulting from gross slip of a frac-
tured fiber.

It has been observed in several experimental studies that the extent of con-
stituent damage reaches steady-state during the first few cycles (N < 20), i.e. the
elastic modulus remains almost constant after its initial drop over these first few
cycles [54,74,86,153,210]. Interface slip and debonding, on the other hand, may
continue with cycling, at least as long as 7;(V) varies [184]. Unfortunately, the tra-
ditional shear-lag approach provides no means of capturing these phenomena once
the interface completely debonds. Under the current shear-lag formulation, for ex-
ample, the permanent strain upon complete unloading (¢ = 0) for a completely
debonded interface is

m(N)L

€p = 2E,r, (3.125)

where the residual strain upon complete unloading, as predicted by the present anal-

ysis, is denoted by ¢,. Hence, from Eq. (3.125) and as evidenced in Figure 3.17, strain
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Figure 3.17 Constituent stresses after unloading of a unidirectional laminate with a
completely debonded interface. Solutions are shown with and without
fiber pull-out.

ratchetting either ceases once the interface debonds completely if 7;,(N) remains con-
stant or decreases if 7;(/V) declines. The latter is illustrated in Fig. 3.18, and is, of
course, physically unreasonable. If strain ratchetting is to be successfully modeled,
the present shear-lag formulation must be modified to account for fiber pull-out (e.g.

an estimate for §(IV) is required).

As fractured fibers slip and pull-out from the surrounding matrix, the local
stress in adjacent unbroken fibers increases, and hence, the average stress in an un-
damaged fiber, as modeled under the shear-lag approach, also goes up. One approach
to account for the additional stress in unbroken fibers resulting from gross slip of
adjacent fractured fibers is to adjust the axial fiber stress by an amount Ac(N).

This is illustrated in Fig. 3.17. If Ao(N) is chosen appropriately, a monotonically
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increasing permanent strain develops according to

€p 2 /L/2 {AG(N) + 2ri(IV) (g — x)} de. (3.126)

~LE; Jo rs

Figure 3.19 illustrates the strain ratchetting behavior when fiber pull-out is mod-
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Figure 3.18 Stress-strain response of a ceramic matrix composite in which fiber
pull-out is not modeled.

eled according to Eq. (3.126). For the example shown, Ac(N) is arbitrarily cho-
sen. Appendices G and H outline the development of the stress Ao (NN) for the
unidirectional and cross-ply laminates, respectively. The solutions are determined
analytically by introducing a region within the laminate which does not slip during
unloading. The latter accounts for the fact that upon unloading of the actual com-
posite, the fiber crack opening displacement does not vanish. As expected, Ac(N)

is dependent on the maximum applied stress and the interface shear.

3.3.3.2 Fatigue Life Predictions. The laminate is assumed to fail

when the energy available for fiber pull-out, U,, exceeds the work required to pull a
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Figure 3.19 Stress-strain response of a ceramic matrix composite in which fiber
pull-out is modeled.

fractured fiber completely from the matrix, W,. In this study, the energy available
for fiber pull-out, U,, is defined as the additional fiber strain energy which results
from the stress Ao (N), and W, is given by reference 35.

This completes the development of the basics of the analysis methodology.
Predicted results are compared with experimental data in chapters four and five.
Quasi-static, repeated and cyclic loadings of unidirectional and cross-ply lay-ups are

all considered.
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IV. Unidirectional Behavior

With the theory in chapter three, the material stress-strain response of sev-
eral unidirectional laminates is now investigated. Recall that based on the model
development, the state of stress within a unidirectional laminate is defined by three
components: the axial fiber stress, os(z); the axial matrix stress, o, (z), and the
shear stress which develops along the fiber/matrix interface, 7;(z). These stresses

are defined by the following equations which have been reproduced from chapter

three.
o¢(z) = Acosh (Bz) + Bsinh (fz) + oy, (3.41)
1
om(2) = {0 —vsos(z)} (3:8)
ri(z) = —gid"éix) (3.10)

The parameters A and B in Eq. (3.41) depend on the composite’s state of damage,
and once this is determined the composite strain may be calculated from Eq. (3.6)

as shown below.
1
€ = m/Laf(gc) dz + (af — a,)AT (3.6)

Hence, once the laminate properties and loading environment are known, the
unidirectional stress-strain response may be determined from the above system of
equations and the proposed failure criteria. For the current analysis, three compos-
ite systems are investigated. These are SiC/CAS, SiC/CAS-II and SiC/1723. The
material property data for these systems are provided in Table 4.1. Note that in
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Table 4.1 Material property data for SiC/CAS, SiC/CAS-II and SiC/1723

laminates.

[ | SiC/CAS [103] | SiC/CAS-1I [75] | SiC/1723 [209] |
E, (GPa) 139 127 145
E; (GPa) 120.5 109.5 90
vy 0.38 0.35 0.45
rs (pm) 7.5 7.3 6.25
ay (1076/°C) | 3.1 3.1 3.1
o (1076/°C) | 4.5 4.5 4.36
AT (°C) -1000 -1000 -1100
7; (MPa) 20 15 20
Tut (MPa) 220 220 220
Ome (MPa) | 100 120 220
0o (MPa) 220 140 (210 exp.) | 400
m 2.0 6.5 4.0

addition to the material property data, the present failure criteria require that the
laminate’s critical composite stress (o) and the Weibull modulus (72) be known.
The critical composite stress is required to define the critical matrix strain energy,
Uer,,., which is used to determine the matrix crack densities under the CMSE failure
criterion. In addition, recall that o, is used as a bifurcation point for the current
analysis (Fig. 3.1). For applied stresses less than the critical composite stress (e.g.
o < 0.), rule-of-mixtures equations are employed. For ¢ > o, the shear-lag for-
mulation is invoked in order to account for the accumulation of matrix cracks within
the composite structure. In reality, matrix cracking initiates at a much lower stress
level®; however, since these matrix cracks (¢ < o.,) do not dramatically influence
the composite stress-strain response, the laminate can be modeled as if it is void of

any damage.

In addition to the critical composite stress, o.,, the Weibull modulus, m, is
also required for the current analysis. In particular, 2 is used to determined the

percentage of fractured fibers in the laminate. Both of these parameters, o, and

TThe stress corresponding to the initiation of matrix cracking is denoted by opme.
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7, may be obtained from empirical data; however, they may also be estimated
analytically as outlined in appendix I. The influence of the Weibull modulus, %, on
the predicted stress-strain behavior for a SiC/CAS composite system is illustrated

in Fig. 4.1. The parameters o, and i are listed in Table 4.1 for the three systems

investigated.
A A
m=5.5 m=2.0
400 |-
A
m=1.25
~ 300
< I
[al}
e
2 200 |
@ B
=
7]
100 - A experimental values
present analysis
0 : L L ! | L s : L 1 PR 1 L L L L L 1 L L L L ]
0.000 0.002 0.004 0.006 0.008 0.010

Strain (m/m)

Figure 4.1 Stress-strain response for various levels of fiber failure. Results are
shown for m = 1.25, 2.0 and 5.5.

The remainder of this chapter investigates the material response of the unidi-
rectional laminate under quasi-static, repeated and fatigue loadings. The damage
mechanisms considered are matrix cracking, fiber/matrix interface debonding and
slip, fiber fracture and fiber pull-out. The stress-strain response under monotonic
tensile loading, and the fatigue life response (S-N relationship); modulus degrada-
tion, and stress-strain hysteresis under repeated and cyclic loadings obtained from
the present analytical methodology are compared with their experimental counter-

parts. They are in a good agreement with one another.
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4.1 Quasi-Static Loading

Predicted results for the three composite systems, SiC/CAS, SiC/CAS-II and
SiC/1723, are compared with experimental data in Fig. 4.2. As evident in Fig. 4.2,
the present analysis provides a very good representation of the experiments [75,
103,209]. For the SiC/CAS system, for example, the predicted response matches
especially well with the empirical data. For strains below 0.152%, the laminate
stiffness is well approximated by the rule-of-mixtures analysis. Below this knee in
the stress-strain curve, the amount of matrix cracking is insufficient to noticeably
effect the material response. However, the presence of these cracks may still be
important for time dependent effects since these fractures can expose the interface
to the surrounding environment and permit unwanted oxidation of the interface.
The matrix crack density increases to a saturation spacing of about 0.142 mm which
is reached at 0.361% strain as shown in Fig. 4.2. Fiber fracture initiates at 0.259%

strain and provides a critical fraction of D*=0.42 at laminate failure (¢ = 0.841%).

SiC/1723
600 -
500 | o
5 SiC/CAS
S 400p SiC/CAS-II
PO
ié 300 -
n
200 experimental values [209]
[ = experimental values [103]
100 — L experimental values [75]
[ present analysis

YT T SR NN ST SR HN WL IOV SN S ST S (N ST SO T SO NN Y ST SR S [ SR S WA M ST S
00 0.002 0.004 0.006 0.008 0.010 0.012
Strain (m/m)

Figure 4.2 Unidirectional stress-strain response for several composite systems.

4-4




Note that the SiC/CAS-II results in Fig. 4.2 are generated with o, defined as
the stress at which matrix cracking initiates, oy, rather than the laminate’s pro-
portional limit. This is done to illustrate the model’s robustness to variations in o,.
Beyond the critical composite stress, the influence of other parametérs such as the
interface shear (7; and 7,;:) and fiber volume fraction on the material behavior is also
of interest. Such data not only provide insight into the evolution of damages within
CMC s, but also may be used to quantify these same parameters through empirical
fits. The latter can be quite beneficial since the experimentally measured values of
7; and Ty, for example, are questionable. As a result, numerical models are often
used to estimate these parameters. Figures 4.3 through 4.5 illustrate the predicted
sensitivity to variations in the interface shear stress, 7;, the interface strength, 7.,
and the fiber volume fraction, vs. For each figure, the stress-strain response, crack
density evolution, and debond progression are shown. The debond length is plotted

in terms of the fiber diameter, i.e. d/(2000 - ry).

As illustrated in Fig. 4.3, the extent of matrix cracking increases with rises
in the interface shear stress. This is to be expected since the rate at which load
is transferred between constituents also increases with 7;, and more efficient load
transfer reduces the shielding effect described in chapter two. In other words, the
matrix crack density increases as the interface becomes stronger because the average
matrix stress also increases. It is interesting to note that although the variation in
the crack densities shown in Fig. 4.3 is rather significant, the stress-strain responses
of the four conditions investigated are very similar. This results because of the
corresponding changes in the debond lengths. Hence, an important consequence
is that when using empirical data to estimate the properties of the interface, it is
insufficient to simply fit the macromechanical (stress-strain) data. For an accurate
prediction, the state of microstructural damage must also be correctly modeled. These

are discussed in greater detail in appendix E.
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Figure 4.3 Stress-strain response and damage evolution for a unidirectional CMC
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As illustrated in Fig. 4.4, the interface shear strength, 7., also impacts the
evolution of damages within the composite. However, the effect is much less pro-
nounced compared to 7;. On the other hand, the damage progression is strongly
dependent on fiber volume fraction (Fig. 4.5). This is expected since, as discussed
in chapter two, the ability to dissipate energy and arrest crack growth is due solely

to the presence of the fibers. The crack densities, in Fig. 4.5, increase with vy since

constituent load transfer again increases.
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Figure 4.4 Influence of the maximum allowable shear, 7, on the stress-strain re-
sponse and damage evolution of a unidirectional CMC.

500
10
400 ~
= 8
g £
300 ~
Y 26
g a
13
“ 200 (=]
24
5
100 2

o

. L L L . . .
000 0.002 0.004 0.006 0.008 0.010 0.006 0.010

Strain (m/m) " Strain (m/m)

=
T

Variation in the mechanical response
as a function of the

o0
T

L=l

& fiber volume fraction, v,
S

& —— 30%
g Al —O0— 40%

— v 50%

s n s
0.006 0.008 0.010

Strain (m/m)

Figure 4.5 Impact of fiber volume fraction on material behavior.




4.2 Repeated Loading

Under conditions of repeated loading in which the applied load is cycled,
stress-strain hysteresis develops due to the frictional sliding which occurs along any
debonded regions. Hence numerically, the strain must be predicted during initial
loading, unloading and subsequent reloading. For the first part, i.e. initial loading,
this is quasi-static loading and hence the composite’s behavior can be determined
using the solution scheme of the previous section. In determining the actual hystere-
sis, i.e. unloading and subsequent reloading, the extent of frictional sliding must be

determined. This derivation is provided in appendix C.

Several hysteresis loops are shown for a unidirectional SiC/CAS laminate in
Fig. 4.6. As expected, the size of the loops, which characterizes the energy dissi-
pated, increase with the applied stress. Unfortunately, few data are available for

400 -

300 -

Stress (MPa)
[\)
S

100

0 ! 1 L L : | L s ) i 1 L 1 A L I : X L s 1 L L L L |
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Figure 4.6 Repeated loading response of a unidirectional, SiC/CAS laminate. The
maximum stress for the hysteresis loops shown are 250, 325, and 400
MPa.
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unidirectional CMCs under conditions of repeated loading. In particular, only the
data from Pryce and Smith was found by the author to be representative of this
loading environment [152]. For the analysis, the material properties are taken as:
E; =190 MPa, E,, = 90 MPa, vs = 0.34, r; = 7.5E-6 m, ay = 3.3E-6/°C,

an, = 4.6E-6/°C, AT = —1200°C, 7; = 10 MPa, and 7,;; = 220 MPa. Furthermore,
based upon the data reported by Pryce and Smith, o is selected as 125 MPa to
match the proportional limit. A comparison of their experimental results with the
present analysis is presented in Fig. 4.7. Although the present model’s response is
slightly stiffer, the salient features are present and the predicted residual strain after
unloading is in good agreement with the empirical data. The fact that the linear (un-
damaged) portion of the 190 MPa test is stiffer than the empirical data may indicate
that the material property data used is questionable. Further, the empirical data
are obtained from a fatigued specimen; whereas, the predicted response assumes an
initial undamaged laminate in both the 210 MPa and 225 MPa tests. The model

stiffness can be relaxed by considering additional damages.

4.8 Cyclic Loading

The unidirectional fatigue response is characterized by a degradation in the
interface shear stress, stress-strain hysteresis and strain ratchetting, modulus degra-

dation, and S-N behavior. Each of these is now addressed.

4.3.1 Degradation in the interface shear. Evans et al recently published
experimental hysteresis data along with numerical estimates of 7;(/V) for a unidirec-
tional SiC/CAS laminate subjected to tension-tension fatigue [54]. This variation in

shear, 7;(N), as provided by Evans et al is given by Eq. (4.1)

A
Tz(N) = T”Zo + (1 - eXp_UJN ) (Timin - Tio) (4'1)
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Figure 4.7 Repeated loading response of a unidirectional, SiC/CAS laminate at
maximum applied loads of 190, 210 and 225 MPa. Note that the stress-
strain curves for oy, = 210 and 225 MPa have been shifted along the
abscissa by 0.125 and 0.25, respectively, for clarity. The experimental
data are from reference 152.

where 7;, is the initial shear stress (i.e. 7,(N) at N = 1, before cycling). The quan-
tity 7;,,, is the final steady-state shear during cycling, and w and \ are empirical
constants. Based upon the previous study [54], the numerical constants A and w are
determined: A=2.25 and w=0.00275. A typical profile of Eq. (4.1) is illustrated in
Fig. 4.8. An important consequence of Eq. (4.1) as presented by Evans et alis that
the interface shear is assumed to degrade rapidly over the first one hundred or so
cycles (Fig. 4.8). As illustrated in the following sections, this is somewhat incon-
sistent with the findings of the present study. Evans et al estimated the variation
in the shear stress, 7;(/V), by fitting the size and shape of their predicted hysteresis
loops with the experimental data; therefore, the accuracy of the data is unknown.

In addition, the estimates are based upon data “confined to the parabolic range”
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Figure 4.8 Assumed degradation in the interface shear stress, 7;(V), during fatigue
loading.

of stress-strain hysteresis loops; whereas, the experimental hysteresis loops are ob-
served to change in shape from parabolic to linear [54]. These are not accounted
for in the determinations of 7;(/V), and therefore, the estimated range for the shear

degradation is likely to be an upper bound.

4.8.2 Stress-Strain Hysteresis and Strain Ratchetting. As mentioned ear-
lier, the shear-lag formulation has no inherent means of capturing the extensive strain
ratchetting which occurs during fatigue testing. This ratchetting phenomenon results
from permanent slip of fractured fibers, and is accounted for with the superposition
of a constant stress, Aog(N), according to Eq. (4.2).

o 27;(N)

74(e) = Sy T A0 = T (L2 =) (4.2)
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Further, Ac(N) represents an approximat'ion for the additional stress experienced
by an undamaged bridging fiber when adjacent fibers fracture and slip according to a
uniform distribution. Recall that an analytical solution for Ac(N) is determined by
assuming that a portion of the shear-lag model remains permanently bonded. This
permanently bonded region (PBR) represents areas where slip is obscured, and it is
the assumption that the shear stress in this region is irreversible that leads to the
solution for Ao (N). The derivation of Ag(N) is presented in appendix G with the

final form of the expression being shown in Eq. (4.3).

U B, + D’UfEf QTZ(N)

AJ(N) - ’Uf(l — D)E1 Tmaz = rf

L (4.3)

As expected, the extent of fiber pull-out is dependent on the maximum applied stress

(Omaz), the interface resistance [7;(IV)], and the composite’s state of damage (D, L

and d).

The irreversibility in shear is attributed to several physical mechanisms, in-
cluding surface roughness and debris along the interface. During cycling, however,
as the interface wears some slip reversal is likely, and should be considered in the
analysis. Therefore, define ¢,(N) € [0,1] such that the quantity 1— ¢,(N) represents
the percentage of the PBR which is allowed to unload elastically; then upon refor-
mulating the problem, the additional fiber stress in Eq. (4.3) is modified according

to

Ao, (N) = [1 — ¢,(N)] Ac(N) — ¢,(N) # + Ef(ay —a)AT|.  (4.4)

In this manner, some additional degradation along the interface, separate from 7;( N),
is considered. Several solutions obtained using Egs. (4.3) and (4.4) are now compared

with their experimental counterparts as presented below.

Figure 4.9 shows the experimental hysteresis loops provided by Evans et al

along with predicted loops from the present analysis. The predicted results in
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Fig. 4.9 are determined with 7;,, = 20 MPa and 7, ,, = 5 [54]. Note that because of
the assumed form for the degradation in the interfacial shear stress, i.e. Eq. (4.1)
and Fig. 4.8, the predicted response of the laminate will not change after (approx-
imately) one-hundred cycles since no further damages or material degradation are
assumed. Hence, the labels (N = 1, etc) indicating the number of fatigue cycles in
Fig. 4.9, as well as in all subsequent stress-strain hysteresis plots correspond only
to the empirical data. The fact that no additional composite degradation develops
in the predicted fatigue response beyond one-hundred cycles is self-evident in the
plots of the normalized modulus versus cycles and the S-N diagrams as illustrated
later. Hence, the strong correlation between the predicted and experimental stress-
strain hysteresis loops indicates that the assumed eztent, not the rate, of interface
degradation is probably representative of the physical system. Alternatively, if one
disregards the assumed form of shear degradation, e.g. Eq. (4.1), the labels (N =1,

5, etc) represent one means of estimating the rate of interface degradation.

Note that in Fig. 4.9, the present analysis captures the modulus and ratch-
etting behavior well; however, there is some error associated with the shape of the
hysteresis loops during initial cycling. These results may be improved if the form of
the degradation in interface shear is assumed other than Eq. (4.1). Also note that
due to the present shear-lag assimptions, the predicted hysteresis loops will always
be closed, whereas experimentally these may not be observed during initial cycling

(Fig. 4.9).

Figure 4.10 illustrates several predicted and experimental hysteresis loops for
a SiC/CAS-II composite system. The experimental data are from reference 76 in
which estimates for 7, and 7 _,, (15 and 3.5 MPa, respectively) are also provided.
However, the actual variation of 7;(N) during cycling is not determined [76], and
therefore, 7;(IN) is again calculated using Eq. (4.1) with A=2.25 and w=0.00275.
Again, the present analytical results are in good agreement with their experimental

counterparts.
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Figure 4.9 Predicted and experimental stress-strain hysteresis of a SiC/CAS lami-

nate. For the experimental data, N=1, 5, 9, 109, 30040. The predicted
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Figure 4.10 Predicted and experimental stress-strain hysteresis for a SiC/CAS-II
laminate. N is shown in thousands of cycles for the experimental data.
The predicted results are generated with 7;,,=15 MPa and 7;_,,=3.5
MPa. For clarity, the predicted response at N=50 is not shown.
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Consider the variations in the hysteresis loops as 7; varies. From Eq. (3.123),
as 7; vanishes, the shape of the hysteresis loops change from non-linear symmetric
loops to more “cusped” or “S-shaped” curves. Furthermore, as the interface debonds
[Eq. (3.124)], the loops form bi-linear or skewed parallelpipeds, and finally degenerate
to zero width (linear line) as 7; vanishes. These various shapes are also observed
during experimental testing [100,144]. Under the current approach, therefore, 7
may be estimated by finding the best fit to empirical data. Based upon the results
shown in Fig. 4.11, 7; ., = 1.5 MPa. These results were obtained for ¢, = 0.3
[Eq. (4.4)]. Similar results are shown for SiC/CAS-II in Fig. 4.12.
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Figure 4.11 Predicted and experimental stress-strain hysteresis for a SiC/CAS sys-
tem. N=30,040; 7,,=20 MPa and (a) 7;,,,,=5.0 MPa and ¢,=0.0, (b)
Timin=1.0 MPa and ¢,=0.3. Note that the latter curve has been shifted
along the abscissa by 0.003 for clarity.
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Figure 4.12  Stress-strain hysteresis (S5iC/CAS-II). N=3.2E6; 7;,=15 MPa and (a)
Timin=9.0 MPa and ¢,=0.0, (b) 7;,_,,=1.5 MPa and ¢,=0.3. Note that
the latter curve has been shifted along the abscissa by 0.002 for clarity.
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Several predictions for a SiC/CAS laminate are provided in Figs. 4.13 and 4.14.
In both cases, the results obtained under the current analysis are in good agreement

with the experimental data. The experimental data in Fig. 4.13 are from refer-
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7 i
50
L A experimental results
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| TR s ! 2 s L 2 ! L 2 L " !
0.%000 0.0005 0.0010 0.0015 0.0020
Strain (m/m)

Figure 4.13 Stress-strain hysteresis at N=1,000 and 100,000 for a unidirectional
SiC/CAS composite.

ence 153 and represent the laminate response at 1,000 and 100,000 cycles. The
predicted results are for 7; = 10.5 and 5.0 MPa. In Fig. 4.14, the experimental data
are from Opalski & Mall and Pryce & Smith [144,153]. The data from Opalski and
Mall were obtained with 6,4, = 200 MPa and R=0.1 whereas the data from Pryce
and Smith were generated with ¢,,,, = 200 MPa and R=0.0. The results shown in
Fig. 4.14 are for N=10,000. Also, two stress-strain hysteresis loops from the current
analysis are shown. These correspond to 7; = 10 and 5.5 MPa. The differences in the
empirical data (Pryce & Smith and Opalski & Mall) may be attributed to the dif-
ference in the laminate properties between various batches of materials. In addition,

whenever the composite is cycled at a peak stress near the critical composite stress
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Figure 4.14 Stress-strain hysteresis of a SiC/CAS unidirectional laminate. The
empirical data are from Opalski and Mall [144] (dashed line); and Pryce
and Smith [157] (dotted line). N=10,000. The predicted response (solid
line) is shown for 7; = 10 and 5.5 MPa.

(i.e. Omaz ™ 0Ocr), a large variation in the material response will exist due to the
inherent differences and stochastic nature in the flaw distribution between different
laminates. This is true even for laminates made from the same batch of constituents.
As shown in Fig. 2.2, the matrix begins to break-up extremely rapidly at stresses
near o.,. Hence, given two similar laminates; one a little stronger than the other, it
is feasible that under loading to o.. one of the laminates may experience relatively
substantial failure of the matrix whereas little damage may occur in the other. The

exact reason for the discrepancy in the data in Fig. 4.14 is unknown.

4.8.3 Modulus Degradation.  Predicted and experimental variations in the
modulus (in the longitudinal direction) resulting from the fatigue loading of SiC/1723
are shown in Fig. 4.15 for a maximum applied stress, oy, equal to 360 and 500

MPa. The predicted results are generated with 7;_, =0.4 MPa which is determined




by fitting empirical S-N data for the same composite system. For 0,4, = 360 MPa,

no degradation in the modulus is predicted under the current investigation since this

stress magnitude (360 MPa) is less than the critical composite stress, o, of 400

MPa. Recall that for ¢ < o.,, the laminate is assumed to be void of any damage.

Overall, the agreement between the predicted degradation in the composite modulus

in Fig. 4.15 and the empirical data is reasonable; however, the rapid decay in interface

shear from Eq. (4.1) is again apparent as discussed previously. The modulus data in

Fig. 4.15 are normalized by the initial modulus before cycling
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Figure 4.15 Normalized modulus versus fatigue cycles for a unidirectional SiC/1723

laminate.

4.8.4 S-N Behavior.

Figure 4.16 illustrates the S-N prediction for SiC/CAS

composites based on the degradation in interface shear, 7;(/V) as expressed by Eq. (4.1)

TNote that along the abscissa in Fig. 4.15, the variable plotted is actually “cycles +1” since the
first data point illustrated in this figure is the undamaged (normalized) laminate stiffness.
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with 7;_, = 5.0 MPa. The predicted fatigue life is in a reasonable agreement with

experimental values [54]
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Figure 4.16 Fatigue life (S-N) diagram of a unidirectional, SiC/CAS laminate.

the experimental data of Evans et al [54]; however, it is likely that 5 MPa represents
an upper bound for 7;_, since this estimate is based upon data “confined to the
parabolic range” of stress-strain hysteresis loops [54]. Evans et al observed changes
in the shape of the experimental hysteresis loops from parabolic to linear during cy-
cling, and this is not accounted for in their analysis of 7;(/N). This observed change in
hysteresis could possibly result from a further decrease in 7;(N). In support of this,
if 7; .. is chosen as 4.0 MPa, the empirical threshold stress of 325 MPa is obtained

with the present analysis.

Karandikar [86] has also reported experimental fatigue life data for a SiC/CAS
laminate under cyclic fatigue at room temperature, and these are shown in Fig. 4.16.
If 7;(N) is assumed to vary again as given by Eq. (4.1), however taking a minimum
interface shear of 7;,_ . = 1.0 MPa but keeping A and w the same (i.e. A=2.25 and

w=0.00275), then the present analysis predicts a fatigue life which is in a reasonable
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agreement with Karandikar’s experimental data. When comparing the analytical and
experimental S-N curves in Fig. 4.16, the reader should keep in mind the uncertainties
in estimating 7;,(IV), as well as the inherent scatter in the fatigue data especially in
CMCs from different batches. In spite of these difficulties, however, the present
analysis shows a promise to model fatigue responses of CMCs. Several estimates for
Ti... are provided in Table 4.2 for a fatigued SiC/CAS system. The results in this

table are based upon several micromechanics models [27,54,153).

Table 4.2 Minimum interface shear for a fatigued unidirectional SiC/CAS laminate.
Estimates for 7;_, are in units of MPa.

Evans et al' | Cho et al? | Current® | Pryce and Smith*
5.0 5.0 - 3.5 4.0 2

1. Empirical fit of hysteresis data “confined to the parabolic range” [54].
2. Based upon temperature and modulus data (partial frictional slip model) [27].
3. Best fit to empirical threshold stress.

4, Best agreement with experimental hysteresis loops [153].

The fact that the predicted cycles to failure for ¢ > oy all occur at N < 100

is a result of the assumed rapid decay in the interface shear as given by Eq. (4.1).
—wNA
Ti(N) =7, + |1 —exp (Timin = Tio) (4.1)

Assuming a more gradual reduction in shear should provide a closer match to the
empirical data. In addition, Eq. (4.1) does not explicitly depend on the maximum
applied stress, 0pmqz, nor the extent of composite damage. The reduction of interface
shear should depend on 0y,4,, as well as the microstructural damage; however, by
assuming the parameters A and w constant in Eq. (4.1), these effects have been
neglected. Hence, in Fig. 4.16, the same rate of degradation in 7;(/V) is assumed for

all values of peak stress (0mqz). The validity of this assumption is questionable since
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the rate of decay in 7;(N) (i.e. wear of the interface) is expected to increase with
Omaz due to more severe deformations and microstructural damages. In general, this
reduction would depend on the applied stress, o, the residual thermal stresses, as
well as the number of fatigue cycles, N. Alternately, a better estimate of 7;,(IV) can

be obtained from the empirical data.

Figure 4.17 compares the predicted fatigue life from the present analysis with
the experimental counterpart for another CMC system, SiC/1723 [209]. Since no
data on the specific variation of 7;(/N) is available for SiC/1723, the degradation in
shear is determined from Eq. (4.1) with A = 2.25 and w = 0.00275 but with different
values of 7; . . Asshown in Fig. 4.17, a minimum interface shear of 0.4 MPa is found

to provide the best fit to the empirical threshold stress of 440 MPa.
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Figure 4.17 Fatigue life (S-N) diagram of a unidirectional, SiC/1723 laminate.
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V. Cross-Ply Behavior

This chapter presents the predicted results for several cross-ply ceramic ma-
trix composites under quasi-static, repeated and fatigue loadings. The present for-
mulation considers a general damage state consisting of matrix cracking in both the
transverse and longitudinal plies, as well as interface slip and debonding, fiber failure
and fiber pull-out. The predicted results are compared with experimental data and
are found to agree well with the data. The stress-strain response under monotonic
tensile loading; hysteresis under repeated and cyclic loading and the S-N behavior

are all investigated.

The state of stress in the cross-ply laminate is modeled using five components:
the axial fiber stress in the 0° ply, os(z); the transverse ply stress, or(z); the ax-
ial matrix stress in the 0° ply, o, (2); the interlaminar shear stress, 7(z), and the
fiber /matrix interface shear stress in the 0° ply, 7;(z). Under the current formulation,

these stresses are given by the following equations as derived in chapter three.

of(z) = ezsinh(Bz) + ¢4 cosh(Bz) + T {c; sinh(Az) + ¢; cosh(Az)} /o7 + 0§

(3.80)

or(2) = ¢ sinh(Az) + ¢ cosh(Az) + 0% (3.78)
o) = ;)_1; {bzdg _ %JT(%)} - %’-::af(x) (3.83)
r(a) = bd"éf”) = —dd“f;i”’) (3.51)
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ri(z) = —%daéiw) (3.10)

The constants in Eqgs. (3.80) and (3.78) are dependent on the composite’s state of
damage, and once this is determined the composite strain may be calculated from
Eq. (3.6). For the present cross-ply analysis, the behavior of several SiC/CAS and
SiC/1723 laminates is investigated. The material property data for these systems
are provided in Table 4.1. The cross-ply response under quasi-static, repeated and

cyclic loading conditions is now investigated.

5.1 Quasi-Static Loading

Stress-strain responses for several cross-ply laminates, as predicted from the
present analysis, are compared with their experimental counterparts [103] in Figs. 5.1

and 5.2. Figure 5.1 provides the results for two cross-ply lay-ups, [03/905/03] and

400 unidirectional
®0F [0,/90/0,]
300

®_[0,/90,/0,]

Stress (MPa)
[\~
3

experimental data [103]
n experimental data [103]
® experimental data [103]

present analysis

L L i Ll 1 ) | X : L L | L 2 L L | L L i L !
0.002 0.004 0.006 0.008 0.010
Strain (m/m)

Figure 5.1 Stress-strain predictions from the current analysis along with experi-
mental values [103]. Laminates shown are 0°, [03/90/05] and [03/905/03].
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Figure 5.2 Predicted and experimental stress-strain response of a SiC/CAS lami-
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nate. The modeled ply lay-up is [0/90/0/90/0/90/0/90/0].

[03/90/05], along with the unidirectional laminate. The response for the
[0/90/0/90/0/90/0/90/0] laminate is shown separately for clarity in Fig. 5.2. The
material properties for the SiC/CAS composite are provided in Table 4.1. Other

required data are given in Table 5.1. Also note that the [0/90/0/90/0/90/0/90/0]

laminate is assumed to be of the symmetric form [05/90;]s for the analysis. The

results in Figs. 5.1 and 5.2 are obtained by choosing ¢2° and ¢? from experimen-

Table 5.1 Assumed laminate properties

[ [ 6 (mm) [ d (mm) [ 02 (MPa) | 0% (MPa) [ i ||
CAS [0/900s, 0.9 |07 30 130 10,
CAS [05/90/05] 0517 [ 0.0862 |30 130 5.0
CAS [05/905/05] 0525 0262 |30 100 45
CAS [0/90/0/90/0/9070/90/0] || 0.9107 | 0.7281 | 30 110 5.0
1723 [(0/90)a], 0.752 0.7 30 190 5.0




tal data in reference 103. For each laminate, the predicted stress-strain response
is in good agreement with its experimental counterpart. Further, assuming the
[0/90/0/90/0/90/0/90/0] laminate of the form [(0/90,)]s still provides a reason-
able prediction. The initiation of the transverse cracking occurs at 0.0165% strain

while matrix cracking initiates at 0.27% strain. The laminate fails at 0.63% strain.

Several more stress-strain predictions for SiC/CAS cross-ply laminates are

shown in Figs. 5.3 and 5.4. The points labeled ‘a’ through ‘f” in Fig. 5.3 indicate

400 | c e
I \A unidirectional
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[a W)
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experimental values
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Figure 5.3 Stress-strain predictions of a [(0/90)]ss, SiC/CAS laminate. The unidi-

rectional response is also shown.

changes in the microstructural failure modes. Point ‘a’ corresponds to the unidirec-
tional proportional limit and indicates the accumulation of sufficient matrix cracks
to cause the stress-strain response to deviate from linearity. Point ‘b’ corresponds to
crack saturation and the initiation of fiber failure; whereas, ‘c’ represents the point
where the interface becomes completely debonded (i.e. d = L/2). The proportional

limits for the cross-ply laminate (points ‘d’ and ‘e’) correspond to the accumulation




of transverse cracks in the 90° ply and the matrix cracks in the 0° ply, respectively.
The influence of fiber fracture within the 0° ply of the cross-ply laminate becomes ap-
parent at point ‘. In Fig. 5.3, the material property data are taken from Table 4.1;
however, in Fig. 5.4, 7, = 14.4 MPa and «,, = 5.0E-6 /°C in accordance with ref-
erence 147. Additionally, the thickness of the 0° ply for the [03/902/03] laminate is -
assumed to be the average of the other two ([03/90/0s] and [03/903/03]) [197]. Two

4001 1
350r x |
[05/90/0,]
300r 1
— [05/90,/0;]
&£250F ]
& x  [0490400)
2200/ _
O
=
“21150¢ experimental values :
experimental values
100 experimental values i
present analysis
50 1

0 0.002 0.004 0.006 0.008 0.01
Strain (m/m)

Figure 5.4 Stress-strain predictions for several cross-ply laminates. Experimental
data are from reference 197. Three laminate configurations are shown:

[03/90/05] (x), [03/902/03] (4) and [05/903/0s] (*). Note that some

experimental data for the [03/902/03] laminate are extrapolated.

sets of experimental data are provided in Fig. 5.3. These data are from Opalski and

Gudiatis and were obtained from load and strain control tests, respectively [62,143].

The material behavior of a SiC/1723 cross-ply laminate is also predicted. Ex-
perimentally, the laminate lay-up is of the form [(0/90)s]s; however, numerically,
the laminate is modeled as having the stacking sequence [(0/90)]3s. The latter is

required due to the assumed symmetry of the model. Again, there are no problems
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in modeling the laminate in this manner as indicated by Fig. 5.5. The maximum
stress obtained for the cross-ply laminate is 300 MPa. Figure 5.5 also shows the

unidirectional prediction. In this case, the maximum stress is 700 MPa.

700
[ A_- unidirectional

Stress (MPa)
ELS
8

300} [(0/90)],

200 |-
100 F A experimental values
: present analysis
O_....I..|.I...|l.,|.l....I...nl.-..l....l
0.0000 0.0010 0.0020 0.0030 0.0040 0.0050 0.0060 0.0070 0.0080

Strain (m/m)

Figure 5.5 Stress-strain response of a unidirectional and [(0/90)s],, SiC/1723
laminate.

5.1.1 Critical Strain Energies. The critical strain energy for the 90° ply,
Uerp, and the critical strain energy for the matrix in the 0° ply, U,,,,, may be esti-
mated by evaluating the energies associated with the appropriate proportional limits
obtained from the cross-ply stress-strain curve (020, ¢2).! In addition, the critical
energies may also be estimated from the proportional limits of 90° and 0° laminates

(Gergys Tero) [173]. The latter is desired since the stress-strain response for different

cross-ply lay-ups may be predicted on the availability of o.,,, and oc,,.

TReference Fig. 2.6 on page 2-16.
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However, to obtain estimates for the cross-ply properties, ¢?® and 02, from
Ocrg, and 0.y, Tequires accounting for the effect of transverse cracks on matrix crack-
ing within the 0° ply. If U, were to be determined from o.., then the actual
proportional limit (¢2.) for the cross-ply laminate will be overestimated since the
influence of the transverse cracks on matrix cracking has not been accounted for in
the analysis. Hence, the critical matrix and fiber strain energies (U,,,, Uer f) must be

adjusted to account for the presence of transverse cracks in the 90° ply. A procedure

for estimating these parameters is now provided.

Experiments have shown that the stress level associated with the onset of
matrix cracking in the 0° ply of a cross-ply laminate is less than the stress level at
which the cracking initiates in a 0° laminate [85,86]. This behavior is expected due
to the presence of the transverse cracks. Experimental data indicate that transverse
cracks extend “a few fiber diameters” into the 0° ply and are therefore significant
local stress risers [197]. Based upon empirical crack density data [85,86], the effect of
transverse cracking on the initiation of matrix cracking may be estimated by simply
shifting the crack density versus 0° ply stress curve (Fig. 5.1.1). The 0° ply stress is
used since it is the local stress (and stress concentrations) in the 0° ply which control
the crack progression in this ply rather than the applied laminate stress. The present

analysis may be used to estimate the stress in the 0° ply.

Using the empirical data in references 85 and 86, the shift (i.e. the ratio
02./0,) is found to be equal to 0.7 for the three SiC/CAS laminates investi-
gated in this study. These three laminates have lay-ups; [03/903/03], [03/90/05]
and [0/90/0/90/0/90/0/90/0]. Since the shift is constant for all three laminates,
the strain energies U, and U,, ; are estimated using an adjusted critical stress of
0% = 0.70,, for all cases. The fact that this ratio is constant for all three cases
seems to indicate that U,  is a function of the orientation of the plies within the

laminate only and not the number of plies or stacking sequence.
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Figure 5.6 Schematic representation of crack density versus 0° ply stress for a uni-
directional and cross-ply laminate.

The predicted results for the [05/903/03], [03/90/03] and [0/90/0/90/0/90/0/90/0]
SiC/CAS laminates are shown in Figs. 5.7 and 5.8. The stress-strain curves are gen-
erated from the current analysis with 02 = 0.70.,,. Again the results are in good
agreement with the empirical data. This agreement is noteworthy since different
cross-ply laminates’ stress-strain responses are predicted from only lamina proper-

ties, i.e. the 90° ply and the 0° ply.
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Figure 5.7 Stress-strain predictions from the current analysis along with exper-
imental values [103]. Laminates shown are (a) 0°, [03/90/03] and
[03/903/03] based upon o,,,, and o, .
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Figure 5.8 Predicted and experimental stress-strain response of a SiC/CAS
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5.2 Repeated Loading

Stress-strain curves for a [0/90]s, SiC/CAS laminate under loading and un-
loading conditions are shown in Fig. 5.9. The experimental data are from refer-
ence 143. The predicted response shown in Fig. 5.9 (a) is for the case when the
cross-ply laminate is unloaded just after the onset of matrix cracking in the 0° ply.
In Fig. 5.9 (b), the composite is unloaded after additional damage in the 0° ply has
developed. In particular, the predicted response in Fig. 5.9 (a) is generated with a
peak load of 140 MPa whereas loading in Fig. 5.9 (b) is allowed to continue up to a
maximum applied stress of 180 MPa [143]. These results are obtained from the lam-
ina properties, i.e. 0y, and o.,,. Figure 5.9 clearly demonstrates that the present
analysis is capable of modeling the behavior of a cross-ply ceramic composite under
repeated loading. For both cases, the predicted loading and unloading response is
in good agreement with experimental data. Note that no attempt has been made
to account for variations in material/lamina properties which may develop between

various batches of materials.
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Figure 5.9 Stress-strain response of a [(0/90)]2s, SiC/CAS laminate as predicted
by the present analysis: (a) opee= 140 MPa, (b) oper= 180 MPa.
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Figure 5.10 illustrates the response of the same cross-ply laminate under re-
peated loading. The experimental data are from reference 4 and represent the cross-
ply’s behavior under three loading and unloading cycles. Initially, the composite is
loaded to a maximum stress of 140 MPa and then unloaded to zero load. The same
specimen is then reloaded to 175 MPa and again unloaded. Finally, the specimen
is reloaded to a peak stress of 200 MPa after which the load is again removed. For
clarity, the reloading portion of the stress-strain response is not presented. Again
the predicted results match well with the empirical data. However, since the present
analysis assumes that the interface shear stress remains constant during loading and
unloading, the theory is not valid after several repeated loadings, especially under
fatigue type of loading involving a large number of cycles. If a fatigue loading envi-
ronment is to be considered, the degradation of the interface due to frictional wear,
as well as the evolution of additional matrix cracks, fiber fractures and fiber pull-out

must be considered as discussed in the next section.

Finally, the present analysis provides the cross-ply laminate’s response when
the fiber /matrix interface is partially bonded. However, once the interface completely
debonds, the predicted residual or permanent strain (at ¢=0) remains constant. This
phenomenon results from the simplified shear-lag theory and is illustrated in Fig. 5.11
which considers three loading cycles for a cross-ply, [03/903/03], SiC/CAS laminate.
The first hysteresis 10op (0mar = 150 MPa) occurs while the interface is still bonded.
However, during the last two loading cycles, the maximum applied stress (o4, = 200
and 250 MPa) is large enough to cause the interface to debond completely. The fact
that the residual strain does not vary between the latter two hysteresis loops can be
attributed to not modeling the fatigue specific damages such as the degradation of
the fiber/matrix interface and fiber pull-out. These are, however, considered in the

next section.
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Figure 5.10 Repeated loading response of a [(0/90)]25, SiC/CAS laminate. Empiri-
cal data are from reference 4. For clarity, only the unloading portion of
the response is illustrated. The reloading portion of the loading cycle
is not shown.

5.8 Cyclic Loading

Under cyclic loading, additional damages can develop after the first loading
cycle since the frictional resistance along the interface is allowed to decrease during
each subsequent cycle. The latter is thought to result from wear of constituents due
to the continuous frictional sliding along the interface. Moreover, as the interface
wears, the ability of the fibers to transfer stress into the matrix and to reduce crack-
tip stress intensities by providing closing tractions across the crack plane is reduced.
This allows the formation of the additional (fatigue specific) damages which, in turn,

produce the variations in the observed stress-strain response [172].

For the current investigation of cross-ply laminates, the degradation in the in-

terface shear stress, 7;(IV), is again assumed to be given by Eq. (4.1) with A=2.25 and
w=0.00275. Recall that this relation was proposed by Evans et al based upon their
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Figure 5.11 Repeated loading response of a [03/905/03], SiC/CAS laminate.

investigation of unidirectional laminates [54]. The fact that Eq. (4.1) is now used
for the investigation of different cross-ply laminates is one of not only convenience,
but also necessity since alternate solutions are not available at this time. However,
the degradation in shear can be determined by fitting the predicted results from
the present study to empirical data, but this is not the current focus. Also, note
that Eq. (4.1) is used for composite systems other than those originally proposed by
Evans et al, e.g. SiC/1723.

The predicted results for cyclic loading are presented in three sections. The
first section investigates the stress-strain hysteresis and strain ratchetting behavior
of the cross-ply laminates. The final sections examine the modulus degradation and
S-N behavior, respectively. As was observed with the unidirectional predictions, the
assumed form of Eq. (4.1) causes the predicted results to differ from the experimental

data; however, the two are still in relatively good agreement.




5.8.1 Stress-Strain Hysteresis and Strain Ratchetting. Stress-strain hys-
teresis and strain ratchetting are assumed to develop due to microstructural dam-
ages, e.g. fiber pull-out. These are accounted for by adjusting the fiber stress by
a constant amount Ac(N) where Ao (N) is assumed to be the additional stress in
an undamaged fiber when adjacent fibers fracture and pull-out (appendix H). As
with the unidirectional analysis, the stress Ao(N) may be determined analytically
by considering a permanently bonded region (PBR) along the fiber/matrix interface
of the 0° ply. The PBR is assumed not to debond during loading nor slip during
unloading. As expected, the maximum applied stress, .44, the interface resistance,
7;(N), and the composite’s state of damage, D, L and d, all effect the laminate’s
strain ratchetting behavior as illustrated in Eq. (5.1).

b+d 1 27:(N)
N)= mar — Uminf — ¢ - 0% I L
AU( ) b 'Uf(l _ D) {0' g } {Ufmax O-fmzn} T'f
d 1 1 1
+€cosh 0L . {vf(l D [— cosh (AL:/2) + 3 cosh ()\mtim_%n)
1 E o o
+5 cosh (’\wtlz=7L/2)] — E{ cosh (’\"Etluo)} {JTmaI — UT,m-n} (5.1)

The reader may verify that in the absence of the 90° plies, Eq. (5.1) reduces to the
unidirectional case [Eq. (4.3)].

Figures 5.12 and 5.13 show several predicted hysteresis loops along with their
corresponding experimental data. The results shown in Fig. 5.12 are for 0,,,,=160
MPa and R=0.125. In Fig. 5.13, 0,,,:=180 MPa and R=0.11. These are consistent
with the test conditions from Opalski [143]. Both sets of predicted data are generated
using Eq. (4.1) with 7;,,=20 MPa and 7;_,,=1 MPa. In both cases, the predicted
results match well with the experimental data. Variations in both the size and
shape of the hysteresis loops, as well as the strain ratchetting behavior are reasonably
captured. The differences fall well within the expected range of empirical scatter. No
further results of this type are provided due to the limited availability of experimental

data.
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5.3.2 Modulus Degradation.  Several curves illustrating the degradation in
the elastic modulus as a function of fatigue cycles are shown in Figs. 5.14 through 5.16.
The results shown in the first figure are for o,,,, = 160 and 180 MPa, and corre-

spond with the same loading conditions as in Figs. 5.12 and 5.13, respectively. Here,

1.0
A experimental values: 160 MPa
u experimental values: 180 MPa
E 0.8 —8——— present analysis: 160 MPa
-§ A — U present analysis: 180 MPa
p=
T 06}
N A A A A A A
E u
£ m g"
]
z. 041 é
2 . 1l A eyl L a1l " sl
03¢ 10' 10° 10° 10*
Cycles

Figure 5.14 Laminate modulus versus fatigue cycles for a [0/90]z5, SiC/CAS ce-
ramic composite. Experimental data are from Opalski [143].

the elastic modulus is normalized with its initial value before cycling. In each case,
the modulus substantially decreases during the first cycle due to the formation of
microstructural damages, and further decreases in the modulus are dependent on
the degradation of the shear, 7;(N). In Fig. 5.14, the predicted modulus decreases
to 56% of its initial value after the first cycle. As the interface wears with further
cycling, the predicted modulus decreases to 40% of the undamaged magnitude. For

o = 180 MPa, the modulus initially decreases by 46% and continues to decline un-

tNote that the abscissa in these figures actually plots the number of loading cycles plus one,
i.e. cycles +1, since the first data point illustrated in each figure represents the undamaged (nor-
malized) laminate stiffness.
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til reaching 37.5% of its original value. For each case, the minimum interface shear
Tiim 18 assumed to be 1 MPa. Moreover, the assumed rapid degradation in the shear,
as predicted by Eq. (4.1), is self evident. Better correlation between the predicted
results and experimental data could be obtained through appropriate selection of

Similar results for a [03/90/03] and [05/905/03], SiC/CAS laminate are shown
in Figs. 5.15 and 5.16. Again the predicted results are consistent with the published
data; however, the assumed degradation in shear causes the predicted modulus to
decline rapidly over the first one-hundred cycles. In all cases, the predicted results
provide a conservative design estimate for the laminate behavior. For example, the
initial decrease to 0.728 of the original modulus, Ey,, for the [03/905/03] laminate
(Fig. 5.16) matches well with the published data [103]; however, the current analysis
predicted the ﬁﬁal degradation in the elastic modulus to 0.54 E;, whereas the exper- .
imental data show a decrease to only 0.61 F;,. The difference is due, in large part,
to the assumption that the interface shear degrades to 1 MPa. If the shear stress
is reduced to 2 or 3 MPa, a closer match between the predicted and experimental

results would likely develop.
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Figure 5.15 Laminate modulus versus fatigue cycles for a [03/90/03], SiC/CAS ce-
ramic composite. Experimental data are from Kuo [103]. omer =

150 & 130 MPa.
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Figure 5.16 Laminate modulus versus fatigue cycles for a [03/905/05], SiC/CAS
(Omaz = 115 MPa) and a [(0/90)s]s, SiC/1723 (opmez = 210 MPa)
ceramic composite. Experimental data are from Kuo [103] and Zawada
et al [209].

5-19




Finally, the degradation in the laminate modulus for a [(0/90)s]s, SiC/1723
ceramic composite is also shown in Fig. 5.16. The experimental data are from Zawada
et al [209] and are shown for 0., = 210 MPa. The elastic modulus decreases to
72.8% of the original stiffness during the first cycle. This decrease is due primarily
to matrix cracking and interface debonding. Limited fiber failure is observed. In
total, the modulus is predicted to decrease by 46% due to the damage formation
and the degradation of the interface to 1 MPa. These are again consistent with the

experimental data.

5.8.3 S-N Behavior. Figures 5.17 through 5.19 represent the predicted S-N
behavior of the SiC/CAS laminates investigated by Kuo [103]. As shown in these
figures, a minimum shear stress, 7;_, , of 1 MPa matches well with the empirical
data. Furthermore, 7; , = 1 MPa yields a conservative estimate for the fatigue
limit. Similar results for the [(0/90)s];, SiC/1723 laminate are shown in Fig. 5.20.
As with the unidirectional results, the assumed rapid degradation in the interface
shear, 7;(N), is apparent in these figures. Furthermore, as expected the more the
interface is allowed to wear, the farther the fatigue limit drops. This results since
as the interface wears, i.e. 7;,;, decreases, fractured fibers slip/pull-out more easily

from the matrix, and as the fibers slip, the likelihood of laminate failure increases.

As illustrated in Figs. 5.17 through 5.20, the interface shear stress is predicted
to decrease to a minimum (steady-state) value somewhere between 1 and 5 MPa.
In each of the referenced figures, this range for 7; , provides a good bounding
envelop for the experimental data. As expected, the life expectancy of the laminate
decreases as the interface shear drops from 5 to 1 MPa. The drop 1;n the fatigue
limit accompanying the decline in the shear stress is a bi-product of the additional
decrease in 7;(IN) and its effect on the quantity 27;(N)L/r; as it appears in Eq. (5.1).
In addition, the decrease in 7;(/V) also permits the formation of additional damages

due to less efficient load transfer between the constituents. In particular as 7;(NV)
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Figure 5.17 Peak stress versus cycles to failure for a [03/90/0s], SiC/CAS ceramic
composite. Experimental data are from Kuo [103].

drops, the average stress in the fiber increases and correspondingly the probability

of fiber fracture also increases.

The ability to predict the S-N behavior of CMC laminates, as illustrated in
Figs. 5.17 through 5.20, is a significant accomplishment since under previous mi-
cromechanics analyses this could not be done with any degree of accuracy. The
present formulation incorporates a number of microstructural mechanisms, e.g. ma-
trix cracking, interface debonding, fiber fracture, frictional slip, fiber pull-out, strain
ratchetting, stress-strain hysteresis, interface wear, etc, into a consistent, compre-
hensive and yet simple methodology which, as demonstrated by the results, does a
good job in modeling the laminate behavior. It would be expected that if a more ac-
curate representation for the degradation in interface shear, 7;( V), could be obtained
then the predicted results would likely improve. The alternative is to use the present

analysis to determine 7;,( V) by fitting the empirical data. Each of the salient fatigue
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Figure 5.18 Peak stress versus cycles to failure for a [03/903/03], SiC/CAS ceramic
composite. Experimental data are from Kuo [103].

features (e.g. stress-strain hysteresis, strain ratchetting, modulus degradation and

S-N behavior) could be selectively fit.
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VI. Conclusions

Ceramic matrix composites exhibit a remarkable increase in strain-to-failure
as compared with their monolithic counterparts. As such, this relatively new breed
of composite is emerging as a viable material and structural candidate for a virtual
plethora of industries. In particular, these advanced composites are ideally suited
for aerospace and other high-temperature applications in which the thermal and
wear properties of the ceramic matrix are of great benefit. The incorporation of
the reinforcement phase into the brittle matrix almost serendipitously leads to mi-
crostructural mechanisms which reduce the propensity for catastrophic failure of the
laminate. In practice, the ability of the reinforcing fibers to arrest the growth of .
dominant fractures via energy dissipation and the application of closing tractions to
crack fronts has most notably increased the feasibility of employing these materials

in environments dominated by severe thermal and mechanical fatigue loadings.

Under such conditions, however, extensive microstructural damages may de-
velop due to the limited fracture toughness of the constituent materials. This,
combined with the inherent complexities and stochastic nature of failure in brittle
non-homogeneous media, makes the modeling of ceramic matrix composites quite
difficult. However, it is worth noting that it is the formation of these damages which
provided the ceramic composite with its large strain-to-failure, pseudo-ductility, and
gradual non-catastrophic failure mode, and therefore, the formation of these dam-
ages is to be encouraged. Nonetheless, the ability to predict the evolution of the
microstructural damages, as well as the resulting material response remains a worth-
while, albeit formidable, task since it is the only means of characterizing the com-

posite’s residual (strength and stiffness) properties.

Towards this end, the research accomplished under the current doctoral study
includes the successful development and implementation of an analysis methodology

for predicting the behavior of ceramic matrix composites under operating conditions
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which produce the continuous progression of microstructural damages. In particular,
the behavior of both unidirectional and cross-ply laminates under room-temperature
quasi-static, repeated and cyclic loading conditions is investigated: Note that the
present research represents a synthesis of existing theories, as originally proposed
or appropriately modified for the current analysis, and new material generated by
the author. For example, the formulation of the model used in the analysis of
unidirectional laminates is rooted in shear-lag theory (section 3.1) but is modified
by the author to consider damages other than matrix cracking as originally proposed
[25]. This represents an area where existing work is modified /extended by the author.
The model used in the analysis of cross-ply laminates, on the other hand, represents
work accomplished as part of the current research. In all situations, the works

accomplished by other researchers are appropriately referenced.

The solution technique is validated by comparing the predicted material stress-
strain response of several composite materials and laminate lay-ups with the corre-
sponding empirical data. A summary of the work done is presented in Table 6.1
which appears at the end of this chapter. This table should serve as a convenient
“road map” as many of the tasks completed under the current research are cross-
referenced according to the relevant chapters, sections, appendices and figures as
they appear in this document. The table lists accomplishments for both the uni-
directional and cross-ply studies. Furthermore, the work is categorized according
to the analysis formulation and solution wvalidation. The analysis consists in the
development of the micromechanics models and failure criteria, whereas the solu-
tion validation high-lights areas where predicted and experimental test results are
compared. The results are broken down by loading environment (e.g. static, fa-
tigue); material (e.g. SiC/CAS, SiC/1723) and stacking sequence (e.g. [03/90/03],
[0/90/0/90/0/90/0/90}).

In short, the present formulation consists in the development of a micromechan-

ics analysis (section 3.1) and set of failure criteria (section 3.2) for modeling the initi-
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ation and evolution of various damages inherent to brittle composites. These include
matrix cracking in 0° and 90° plies (section 3.2.1), fiber/matrix interface debonding
(section 3.2.2), fiber fracture (section 3.2.3) and fiber pull-out (section 3.3.2). In
addition, frictional slip along fiber/matrix interfaces is necessary for repeated and
fatigue loadings. Therefore, formulations of the extent of frictional sliding for a par-

tially bonded and fully debonded interface is accomplished (appendix C). In previous
studies, only the fully debonded case was considered. In addition, analyses required
to capture the continuous development of permanent strain, as experienced under

fatigue loading conditions, are developed (appendices G and H).

The stress-strain and strain-displacement relations for the current analysis are
derived from a one-dimensional shear-lag formulation. For unidirectional laminates,
the work originally presented by Kuo and Chou [106], which was formulated to
model the material behavior with the two damage modes of matrix cracking and
interface debonding, is extended to consider fiber fracture, frictional slip and fiber
pull-out (section 3.1.2). These allow not only for a more accurate prediction of the
material response under quasi-static loading, as originally proposed, but also the
present analysis is well suited for modeling the stress-strain hysteresis and strain
~ ratchetting behavior associated with repeated and fatigue loadings. For the cross-
ply laminates, a new model is formulated which considers a generalized state of
damage in which any relative configuration between matrix cracking of 0° and 90°
plies is permitted (section 3.1.3). In the previous study, this had been limited to
only a few special configurations [106]. In both cases, unidirectional and cross-ply
laminates, the present shear-lag models prove adequate for modeling the material
response provided an equivalent state of damage can be derived. Moreover, these
models provide a convenient vehicle to relate the macromechanical behavior with
specific micromechanical mechanisms (chapters four and five). In particular, matrix
cracking, interface debonding and fiber fracture are well characterized and can be

associated with the salient features of the material response curves. The monotonic




loading response (sections 4.1 and 5.1), stress-strain hysteresis, strain ratchetting,
modulus degradation and S-N behavior under cyclic loading (sections 4.3 and 5.3)

all compare well with experimental data.

The failure criteria developed in the current analysis are formulated to be
amenable to a variety of solution techniques. Moreover, the dependence of these
criteria on empirical data is minimized. Closed-form solutions are provided for esti-
mating the instantaneous matrix crack density (appendix E) and interface debond
length whereas the extent of fiber fracture is determined using a Weibull failure distri-
bution in which the statistical modulus is based upon empirical data (appendix F).
For consistency throughout the analysis, the failure criteria governing fiber frac-
ture, matrix cracking and transverse cracking are all based on corresponding critical
strain energies, Ue ., U, and Uc,,, (section 3.2). Moreover, for the cross-ply lami-
nates, these energies can be calculated based upon the energies of the unidirectional
laminate and the relative crack density evolution of these two laminate systems
(section 5.1.1). This permits the material response of a large number of compos-
ite systems and laminate geometries to be modeled based only on the most basic

laminate properties (appendix I).

The proposed micromechanics model and failure criteria are quite effective in
modeling the behavior of unidirectional laminates under quasi-static loadings (sec-
tion 4.1). As is illustrated in Figs. 4.1 and 4.2, the present shear-lag analysis does
a nice job of predicting the changes in the composite’s (elastic) modulus due to
the initiation and progression of damages. Furthermore, the evolution of matrix
cracks and interface debonds is captured well with the critical matriz strain energy
(CMSE) and maximum stress criteria. As expected, however, the break-up of the
fibers produces a more dramatic decline in the composite modulus than the two dam-
age modes of matrix cracking and interface debonding. Fortunately, the proposed
Weibull distribution is sufficient for accounting for large variations in the evolutions

of fiber fractures. In theory, a range of behaviors can be modeled based solely on




the Weibull modulus, . Moreover, the estimated range is consistent with previous
findings (appendix F) [37]. The final composite modulus is observed to approach a
magnitude of v;E¢(1 — D).

The behavior of unidirectional laminates under repeated (section 4.2) and fa-
tigue loadings (section 4.3) is also well characterized. Under repeated loadings, the
modulus degradation (section 4.3.3) and the stress-strain hysteresis (section 4.3.2) is
consistent with the expected behavior - at least while the interface remains bonded.
Once the interface fully debonds, the predicted permanent (residual) strain upon
unloading fails to increase as observed experimentally. Under fatigue loadings, this
problem becomes worse since the predicted residual strain decreases as the interface
wears. The latter is a result of the simplifying assumptions associated with the mi-
cromechanics model. To correct this behavior, the constituent stresses are modified
to account for fracture and pull-out of fibers which is thought to be the catalyst
for the aforementioned phenomenon (appendix G). With the incorporation of these
damage mechanisms, both the hysteresis and strain ratchetting behavior of unidi-
rectional CMCs are successfully modeled up to several millions of cycles (Fig. 4.10).
The analysis, as presented herein, is also a viable means for estimating the interface
shear resistance and bonding strength. This is significant since there exists some
uncertainty regarding the empirical data. Finally, the predicted fatigue life and S-N
behavior for various unidirectional laminates is found to be consistent with previous
results [54]; however, as expected, the analysis shows a strong dependency on the

(assumed) interface wear.

The proposed model for the cross-ply laminate also does a good job in predict-
ing the material behavior of the CMCs (chapter five). All relevant damage modes
appear to be adequately handled. The quasi-static stress-strain analysis, however,
does require that the critical composites stresses for the 0° and 90° plies be de-
termined (section 5.1). This is accomplished within the current study by choosing

the critical stresses based upon experimental data or through approximations based
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upon properties of the unidirectional laminate (section 5.1.1). Analytical solutions
also exist (appendix I). For repeated and fatigue loadin.g conditions, the hysteresis
and strain ratchetting mechanisms are consistent with the experimental data once
fiber fracture and pull-out are adequately modeled (section 5.3.1). The other salient
features associated with the fatigue response of cross-ply laminates, e.g. modulus
degradation and S-N behavior, are also predicted with reasonable accuracy (sec-
tions 5.3.2 and 5.3;3). However, once again it is clear that the residual properties
of the interface govern, in large part, the global composite response. This is to be
expected since it is the chemical bonding and residual thermal stresses along the
fiber /matrix interface which dictate everything from the initiation and evolution of
microstructural damages and the corresponding energy dissipating mechanisms to
the macromechanical stress-strain and hysteresis behavior, as well as the fatigue life

of the laminate itself.

And indeed, the material behavior predicted under the current analysis is found
to be strongly dependent on the assumed interface properties, e.g. the frictional resis-
tance of the interface, 7;, and the ultimate shear strength of the interface, ;. This
dependence results in the matrix cracking and interface debonding failure modes
being highly coupled (appendix E). Moreover, the (assumed) degradation in shear
during fatigue loadings is found to significantly influence the predicted behavior of
the laminate (sections 4.3 and 5.3). In particular, the assumed rapid decline in
7;(N) as modeled with Eq. (4.1) is quite apparent in the predicted (elastic) modulus
degradation and S-N behavior for both the unidirectional and cross-ply laminates.
However, the final steady-state interface shear predicted by the current analysis is
consistent with estimates from previous studies. For example, the frictional resis-
tance along the interface of the unidirectional SiC/CAS laminate is predicted to
fall from 20 MPa to around 5 MPa during fatigue cycling. This is consistent with
the current literature [54]. Also, the present analysis estimates an interface bond

strength of about 200 MPa which is in agreement with previous work [113].




Under the current research, the model and failure criteria are chosen to allow
for analysis of complex loading (i.e. fatigue). And, in fact, the analysis methodology
is successfully employed to consider many of the nuances associated with fatigue
loading environments. Also, since the failure criteria proposed under the current
analysis do not restrict the location where new cracks form, a more gradual pro-
gression of damages than otherwise determined with previous criteria is found. As
a result, the analysis matches the empirical trends more accurately. Finally, the
proposed approach is found to be robust to variations in the critical composite stress
and with the assumed stacking sequence of the 0°/90° plies in the cross-ply lami-
nates. These make the current analysis a viable approach for modeling a variety of

CMC unidirectional and cross-ply laminates under different loading conditions.
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Table 6.1 Accomplishments of the Present Study

Unidirectional Laminate

o Analysis

— Model Formulation

* Quasi-static loading
” Chapter | Section l Appendix l Figure —ﬂ
[ 1,3 [13,24,3.1.2,B2]| A, B, I |27,3.1,3.7,B.3,L3 |

* Repeated loading
| Chapter | Section | Appendix | Figure ||

[ 1,3 |223,832] C [24,C1]

* Cyclic loading
|| Chapter | Section ‘ Appendix l Figure JJ
| 1,3 [223,333,A62] C,G [25G2,G3]|

Stress-strain hysteresis
[[Chapter[ Section | Appendix ‘ Figure ”

| 1,3 |A622,B3][AB,C,D]|25B4]

- Modulus degradation
uChapter | Section l Appendix | Figure ||

| 1,3 [A621,B3] A,B | B4 |

- Strain ratchetting
u Chapter | Section | Appendix | Figure ||
| 1,3 [8.3.3.1,A6.23,B3] A,B,G [25,3.18,3.19,B.4 |
- S-N behavior
u Chapter | Section | Appendix | Figure H
| 1,3 [38.3.32,A624B3] A [25B4,B5]

— Failure Criteria

* Matrix cracking
|| Chapter | Section | Appendix | Figure —H
| 1,3 [38.21,ELE3] E, I [313,E6 ES8 E.1l,E.14]

* Interfacial debonding
|| Chapter | Section | Appendix ] Figure —ﬂ
| 1,3 [322F5] F [314,C2]

* Fiber fracture
l Chapter | Section | Appendix | Figure ﬂ

I 1,3 [3.23F2] F,I J[a1,42]
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e Validation

— Quasi-static loading
|| Chapter | Section | Appendix | FigureJ
[ 4 | 41 | E TJ42,43]

— Repeated loading
“ Chapter ] Section | Appendix [ Figure ”

I 4 | 42 | C [46,47,C3]|
— Cyclic loading

” Chapter | Section | Figure Jl

[ 4 [ 43 [494a7]

* Stress-strain hysteresis
" Chapter | Section |  Figure |

I 4 | 432 [46,49-4.14]

* Modulus degradation
[LChapter | Section l Figure ||

[ 4 [ 43.3 [47,494.14,4.15 |

* Strain ratchetting
ﬂ Chapter | Section |  Figure ||

[ 4 | 432 [47,494.14]
* S-N behavior

lLChapter | Section | FigureJ

| 4 | 43.4 |4.16,4.17]

— Ceramic composite systems

* SiC/CAS
lLChapter | Section | Figure ”
I 4 ]41-43]414.11,4.13,4.14,4.16 |
* SiC/CAS-II
“ Chapter | Section | Figure ||
| 4 |41-43]42,4.10,4.12 |
+ SiC/1723
[LChapter | Section l Figure “
| 4 [4143]42,4154.17]
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Cross-Ply Laminate

o Analysis

— Model Formulation

* Quasi-static loading

|| Chapter | Section | Appendix ] Figure ||

1 1,8 [13,24,8313] I [28,383.10,L3]
* Repeated loading

|| Chapter | Section | Appendix | Figure ||

[ 1,3 ]13,223,3.1.3,C22] C [ 24 |
* Cyclic loading

|| Chapter | Section | Appendix | Figure—ﬂ

| 1,3 [13,223,8313] CH | 25 |
- Stress-strain hysteresis

Mhapterl Section | Appendix I Figure ||

| 1,83 |A622,B3[AB,C/D]J[25B4]

- Modulus degradation
Mhapter | Section | Appendix I Figure—ﬂ
| 1,83 |[A621,B3] A,B | B4 |

- Strain ratchetting
‘LChapter | Section | Appendix l Figure —”
[ 1,3 [8.3.3.1,A623,B3] A,B,H [25,3.18,3.19, B4 |
- 5-N behavior
| Chapter | Section | Appendix |  Figure ||
[ 1,3 [33.3.2,A624B3] A [25B4,B5]|

— Failure Criteria

* Matrix cracking
H Chapter | Section | Appendix | Figure ||

|l 1,3 [8.21,ELE3[] E, I [313,E6 ES8 E11,E.14]

* Interfacial debonding
|| Chapter | Section | Appendix | Figure ||
[ 1,3 [822F5] F [3.14,C2]

* Fiber fracture
| Chapter | Section | Appendix | Figure ||

| 1,83 [3.23F2] F1 J[41,42]
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e Validation

— Quasi-static loading
|| Chapter | Section | Figure ||

[ 5 | 51 [311,3.125.1-5.5,5.7,58 |

— Repeated loading
” Chapter | Section | Figure ”

[ 5 [ 52 [59511]

— Cyclic loading
|| Chapter | Section l Figure ”

[ 5 | 5.3 |5.12522]

* Stress-strain hysteresis
|| Chapter | Section | Figure “

I 5 | 5.3.1 |59,511-5.13 |

* Modulus degradation
|| Chapter I Section | Figure ||

[ 5 [ 532 [5145.16 |

* Strain ratchetting
| Chapter | Section | Figure |

[ 5 | 531 [59,5.11-5.13 |

* S-N behavior
|| Chapter I Section | Figure “

[ 5 | 5.3.3 [5.19-5.20 |

— Ceramic composite systems
* SiC/CAS

+ [05/90/05]
[ Chapter | Section | Figure |

| 5 |51,53]5.1,54,5.7,5.15,5.17 ||
- [03/90,/05]
ﬂ Chapter ] Section | Figure ||
I 5 | 51 | 54 |
+ [03/905/05)
| Chapter | Section | Figure |
| 5 |5153]5.1,54,5.75.11,5.16,5.18 ||
- [0/90/0/90/0/90/0/90/0]
| Chapter | Section I Figure ||
[ 5 [51,53]52,58,5.19]
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- [0/90]5,

“ Chapter| Section | Figure ”
I 5 |[5153]53,5.9,5.10,5.125.14 |
* SiC/1723
- [(0/90)s],
” Chapter| Section l Figure “

[ 5 [51,53][5.3,5.16,5.20 |
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VII. Recommendations

This chapter provides several suggestions for further work in the present topic
area. The majority of recommendations are natural extensions of the current doc-

toral research.

7.1 General Recommendations

It is clear that the development of a fundamental theory which can be used
to analyze the behavior of a ceramic matrix composite of arbitrary ply orientation
and under all possible (multi-axial) loading conditions would be of great utility.
Moreover, the present research is presented as a first step in this direction; however,
there is still much to be done. Two natural extensions of the current work include
the investigation of thermal/mechanical fatigue loading and the behavior of off-
axis lamina under uniaxial loading. If successfully completed, multiple dimensions,
instead of the one-dimensional shear-lag analysis, should then be considered and

finally, a general state of loading may be incorporated in the analysis.

As mentioned, the current analysis investigates the behavior of CMCs under
room temperature conditions. Incorporating temperaﬁure effects, whether due to
isothermal or thermal/mechanical fatigue will most likely require some modifications
to the current analysis in order to account for time/temperature dependent material
properties, as well as the oxidation effects along the fiber/matrix interface [23,29,
30,51,101,108,192]. In general, the latter can be handled by allowing the interface
parameters 7; and 7, to be time and temperature dependent. Furthermore, because
of the assumed critical matrix strain energy criteria, the degradation in the composite
constituents due to time, temperature and fatigue may be modeled via adjustments
in the critical strain energies, i.e. U, (t, AT, N) and U, (t, AT, N [42,74,95,
165,190,204]. This would permit the development of additional damages. Empirical

t¢: time




or semi-empirical relations would most likely need to be developed. Also, when
varying ply orientation, the critical energies may become a function of the fiber
angle, 0, e.g. U, (). Hopefully, the critical strain energies for off-axis plies could
be estimated much in the same manner as presented in chapter five of this document

for the cross-ply laminates. That is, the critical energies for multi-angled laminates

are a function of the critical energy of the unidirectional lamina, e.g. % = p- 09
where 0 < p < 1. Analysis of two-dimensional woven composites might also be

considered [105].

Because of the failure criteria used in the current analysis, the present model
formulation may be extended to consider a multi-dimensional unit-cell in which the
off-axis (transverse) behavior of the laminate may be included. This would per-
mit the examination of multi-axial loading, as well as the incorporation of Poisson’s
effects into the analysis. Some work in this area has been accomplished and, in par-
ticular, the development of transverse strain in a unidirectional laminate has been
successfully modeled. Such data are also important for investigating longitudinal
splitting in ceramic matrix composites. The analysis is similar to that derived by
Robertson and Mall for metal matrix composites [159]. The micromechanics solu-
tion can then be embedded into classical laminate plate and finite element schemes

to consider the behavior of a general ceramic matrix component under arbitrary

conditions of loading [1,2,136,160].

7.2 Estimation of Interface Properties

The variables 7;, T, and 7;(N) are influential parameters and appear in most
failure criteria and constitutive laws governing the behavior of ceramic matrix com-
posites and, therefore, accurate representations of these parameters are critical for
the majority of numerical analyses. Unfortunately, empirical estimates of the inter-
face (frictional) resistance (7;); the ultimate shear strength (7,;), and the degradation

of the interface shear [r;(/N)] are difficult to obtain and are unreliable. As a result,




many numerical models have been used to approximate these parameters, includ-
ing estimates based on empirical fits of stress—lstrain, stress-strain hysteresis, elastic
modulus, strain ratchetting, and S-N data. The current model may also be used to
estimate the interface properties by matching the experimental data. It is important
to recognize that both the macromechanical (e.g. stress-strain) and micromechanical
(e.g. crack density evolution) aspects of the composite behavior must be matched.
As presented earlier and in appendix B, assessing the interface properties based on

the macromechanical response only may prove inaccurate.

Another assumption employed in the current analysis is that the frictional
resistance within any debonded regions is independent of location or the loading
environment. In general, the frictional resistance will vary along the length of the
composite. Moreover, the interface shear, 7;, will depend on the loading direction
(e.g. Poisson’s effects) and the relief of thermal stresses across the fiber/matrix
interface. The latter results from the development of constituent damages. For the
current analysis, the interface shear, 7;, is assumed to be a known lamina property,

eliminating the need for further definition according to Eq. (7.1).

T = uidfh (71)

h may be estimated from the Lamé solution for

In general, the interface stress, o}
thick concentric cylinders under uniform pressure loadings [188]. For each fiber/matrix
cross-section, the pressure might depend on the thermal mismatch and the Poisson

contractions. The latter changes sign with the loading direction.

The size and shape of the stress-strain hysteresis loops is of interest not only as
an indicator of damage, but also in regards to energy dissipation and heat transfer.
Kotil et al devised a numerical model for investigating the development of hysteresis
along purely frictional interfaces [100]. It is recommended that a similar study

be undertaken with the current analysis. By comparing predicted hysteresis with
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experimental observations, much insight into the progression of debonding, d, and
the degradation in interface shear, 7;,(/N), can be obtained. Furthermore, the energy
dissipated per unit volume, which is given by the area within the hysteresis loop,

may be a reasonable indicator for the fatigue life of a given laminate [144].

The shape of the stress-strain hysteresis response for a ceramic matrix com-
posite typically undergoes a variety of observable changes. Initially, during the first
few cycles, the loops are typically “open” owing to variations in the frictional sliding
and the formation of damages. As loading continues and damages evolve (and reach
steady-state), the hysteresis loops close. Moreover, the shape of the loops are, on
average, initially symmetric about a linear tangent drawn from one tip of the loop to -
the other (i.e. maximum strain to residual strain). However, at some point, believed
to correspond with the onset of fiber failure, the symmetry is lost. The hysteresis
loops then become “cusped” or “S-shaped” in appearance. The latter is typical of
frictional joints under uniform pressure [60], indicating a structural, not material

response. This may indicate complete debonding of the constituents.

The size (width) of the stress-strain hysteresis loop may also vary extensively
during the fatigue cycling. In general, the loop width increases during the initial
cycles due to the development of microstructural damages. Eventually, as the in-
terface wears, the loop width may decrease. In some cases, the width vanishes and
the response becomes essentially a linear line. Each of these configurations may be
generated from the current analysis. Hence a detailed comparison of the origins of

hysteresis might prove appropriate.

7.3 Damage Progression

The evolution of transverse and matrix cracks is fairly easy, albeit tedious,
to obtain. Unfortunately, the same is not true with interface debonds and fiber

fractures. Currently, there is no accurate procedure for measuring these damages.
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To date, the best approach seems to be acoustic emissions; however, the confidence

in identifying specific causes of “a.e. hits” is low.

The initiation and evolution of fiber fractures could possibly be determined
more accurately by a series of tests in which a laminate is tested, and then immersed
in a chemical solution which dissolves the matrix, but leaves the fibers intact. Such
procedures have been used to determine the fiber volume fraction of a given com-
posite. Once the matrix is removed, the fiber fractures could be counted. Of course,
such a procedure is quite tedious especially since a large number of tests would be
required to get a time-history representation of the fiber fracture process. Further-
more, the variability between specimens would introduce some uncertainty. Edge
replication techniques for estimating the number of fracture fibers are questionable
since the surface fibers are likely to be damaged during specimen preparation. In
addition, the load carried by surface fibers will likely differ than for those in the inte-
rior since the fiber boundary conditions might be significantly different (e.g. surface

fibers have a free boundary).

Estimating the extent of debonding presents even more problems due to the
subtle nature of this failure mode. As a result, therefore, the debonding process
will most likely need to be estimated numerically. If accurate assessments of matrix
and fiber fractures can be obtained, it is reasonable to assume that any additional
material compliance results from interface debonding. Furthermore, stress-strain
hysteresis, frictional heating, and strain ratchetting could all be used to confirm the

results.

7.4 Transverse Ply Stresses

Recall that the shear-lag formulation for the cross-ply laminate assumes that
the stress in the transverse ply, o(z), is not altered by matrix cracks within the
0° plies. The validity of this assumption needs further examination. An alternative

method is to superimpose known solutions. Unfortunately, satisfying the boundary
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condition of all three entities (90° ply, fiber of the 0° ply and matrix of the 0° ply)
is so difficult that it makes such a procedure impractical for a general damage state.

Instead Eq. (7.2) is offered as an alternate solution.

o) ={(5) oy * —_ } 2)

where o1, () and o7, (z) are solutions to known configurations and F(z) is a function

which ensures equilibrium is satisfied. The most obvious advantage of this approach
is that the zero boundary condition along any fracture planes are satisfied. Further,
if o7,(z) = or,(z), then or(z) = o (z) = o7,(x). An investigation which assumed
that or,(z) was the transverse stress which develops in a representative volume
element (RVE) with only matrix cracks, and oz,(z) was the solution in a RVE
with only transverse cracks (L7 = L) showed some improvement in modeling a
RVE with co-planer transverse and matrix cracks. Further study is recommended.

Alternatively, the solution from Nairn could be employed [138].

The constituent and lamina stresses are both dependent on the shear-lag pa-
rameters, # and A, for the present analysis. Moreover, the formulation of these pa-
rameters is dependent on the assumed form of the two-dimensional constituent/lamina
displacements (reference chapter three). Many relationships for these parameters
have been presented in the literature. A few of which are provided below. Clearly,
the problem will be dependent of the choice of # and A, and therefore each of the

relationships might be investigated.

The shear-lag parameter for the unidirectional analysis, £, was derived by Kuo
& Chou and Daniel et al [40,106]. Daniel et al assumed that the shear stresses varied
linearly in the fiber and by (c¢1/r? 4 ¢2) in the matrix where r is the radial coordinate
and ¢; and ¢y are constant. Kuo and Chou also had a linear distribution within the
fiber but the variation within the matrix was found to vary as ¢i(¢cy/r + c3r) where

¢1, €2, and ¢z are again constant. The respective shear-lag parameters are shown

7-6




below for Kuo & Chou and Daniel et al, respectively.

-1
8 E, 1 1 2 1 Vs
2_ S [ L p——_3_9X 3.48
ﬂ T‘f2 EfEm’Um le + Gm (vm2 nvf vm)] ( )

. 2B ry 1 (2vs(r; = R) riL+v)\)
= VmT s Ef By, {4Gf ten (3 (1= vy)? (4+(rs/B) +op)+ 1—v; )}
(7.3)

Both parameters are based only upon the basic constituent properties and the lam-

inate geometry.

Several expressions for A have also been proposed. Some of these are given

below [112,118,168].
_ G,dE, 4 dE,

2
= — 4
A d, dbE\E, (7.4)
3G(bE, + dE>)
2 _
A= bd’Ey E, (7:5)
)\2 _ 3G13023 (bEl + dEz) (7 6)
(bG23 + dG13) bdELE, )
For the current analysis,
E. b+d
2 _ c
A= 'Hf—ElEz PR (3.76)

For the above equations, G, and d, are the shear modulus and the thickness of an

assumed interlaminar shear region [118], and G is the shear modulus of the transverse

ply.

7.5 Computer Code/Numerical Algorithms

When developing the Fortran code, limited foresight was given to computa-
tional efficiency, and therefore one area for improvement lies in the reformulation
of the computer code itself. The procedures for calling subroutines; passing vari-

able, and looping are areas for possible improvement. The largest gain in efficiency,



however, will most likely come from the reformulation of the numerical /convergence
algorithms used in conjunction with the failure criteria. For example, in the cross-
ply analysis, the transverse crack spacing, L;; the matrix crack spacing, L, and the
debond lengths, d; and d,, must all be determined simultaneously. Furthermore,
the solutions are coupled. Several CPU run times are shown in Table 7.1. Re-
sults are shown for a Sparc 10. For the unidirectional laminate, 0., = 280 MPa
and R=0.0714. The CMC material is SiC/CAS. The results in Table 7.1 for the
cross-ply laminate are for a [03/90/05], SiC/CAS laminate with 0,,,,=250 MPa and
R=0.08.

Table 7.1 CPU run time (sec) for various loading cycles (N)
unidirectional cross-ply

N |1 10 |20 50 1 10 20 50

sec | 6.9 (9.8 (123 |19.0 | 74.2 | 342.5 } 641.9 | 1548.5

Currently, only rudimentary convergence algorithms are employed. It is pos-
sible that better techniques exist. Under the present formulation, at any stress
increment, n, an initial guess for a damage parameter, say p € {L;, L, dy, d.}, is
obtained based upon the previous trends, e.g. p, = pn—1 + Ap,—1. Convergence is
then sought based upon the specific failure criteria. For example, under the max-
imum stress criterion for debonding, the parameter p is adjusted according to the
relative magnitude of the maximum interface shear stress to the interface shear

strength according to

Timag:" — Tult
pi =pi-1+ Vi <_——“) , (7.7)
Tult
whereas under the critical matrix strain energy criterion
Up; — Uer,,
pi=pi-1+ Vi (—-—m'U - ) - (7.8)
CTm
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The variable V is an adjustable parameter to speed the rate of convergence. The slip

distances yi, y-, 2; and z, are also determined in a similar manner.

Separate from the convergence schemes, a few numerical integration algorithms
are used. These appear in the cross-ply analysis and are used to determine the
constituent strain energies, Uy and U,,, and the laminate strain, e. Currently Newton-
Cotes formulae are employed with no apparent problems. However, the resulting

error has not been calculated. Moreover, alternate solutions might be sought.




Appendix A. Fracture in Brittle Non-Homogeneous Media

This appendix details the fracture processes associated with ceramic matrix
composites, including discussions on fracture in brittle homogeneous materials; tough-
ening mechanisms associated with fiber-reinforcement, and the role of the fiber/matrix
interface on the progression of damages and load transfer. Also several failure criteria
common to brittle composites are reviewed. The purpose of the latter is to provide
a general introduction to some of the more traditional failure criteria, as well as to
make apparent some of the advantages and disadvantages of these classical solutions.
In addition, the discussion should familiarize the reader with some of the basics on
model formulation. In doing so, this appendix acknowledges that even though thor-
ough understanding of fracture in brittle materials is important, the main objective
of this study is to capture the residual laminate properties (e.g. residual strength
and modulus) which are defined by the macromechanical behavior observed in the
stress-strain response. The specific details of a single fracture propagating around
a bi-material interface are not the focus of the current investigation; rather only to

determine an equivalent damage state which yields the desired laminate response.

A.1  Introduction

Monolithic ceramics may be toughened with the incorporation of small diam-
eter reinforcing fibers which maintain some assemblage of integrity in the ceramic
despite the evolution of multiple cracks within the ceramic matrix [140,169]. The
fibers aid in load transfer, reduce crack-tip stress intensities by producing closing
tractions across crack planes, and also induce energy dissipating mechanisms which
reduce the propensity for the creation of additional damages (chapter two). These
effects are what provide ceramic matrix composites (CMCs) with the.ir exceptional
toughness and non-catastrophic failure mode. Moreover, the characteristics of the

interface influence the ability of the fibers to transfer load and dissipate energy. If
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the constituents are strongly adhered, stresses are readily transferred between the
constituents such that the probability of fiber fracture is enhanced as large crack-tip
stresses are transferred to the fiber. Weaker interfaces (e.g. frictional) reduce the
latter effect, but also decrease the utility of the fibers. The interface strength can
be optimized to maximize toughness. This appendix examines both toughening and
interface design in CMCs. First, however, fracture in ceramics and ceramic compos-
ites is investigated. The purpose is to familiarize the reader on not only the reasons
for why cracks propagate so readily through ceramic materials, but also on what can

be done to prevent it.

A.2  Fracture of Ceramic Materials

Figure A.1 illustrates a penny-shaped crack within a homogeneous linear-elastic

medium. The well-known expression for the stresses in the vicinity of the crack tip

0]

i
|

Crack Plane

- -
-~ P

- - —— -

o)

Figure A.1 Penny-shaped crack in a homogeneous medium.
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is given by Eq. (A.1) where r and 6 are the radial and circumferential directions

illustrated in Fig. A.2.

K
0ij = ———2\/—;—;@(0) (A1)

The parameter K is the crack-tip stress intensity factor, and f;;(6) is a function of the
angle 0 and is typically dependent on the material geometry and loading condition.
For a stress-free crack in an infinite plate, for example, K = 0,+/ma where o, is the
far-field applied stress and a is the crack length. For a material free of any prominent

fractures, a is the average microstructural flaw size.

y 0]

Crack Tip

0]

Figure A.2 Crack-tip stresses in an arbitrary body.

For linear-elastic materials, fracture occurs when the stress intensity factor K
attains a critical value KY which is the mode I fracture toughness of the material.
That is, crack growth occurs when K > K{. For conditions of plane strain, K{ is a

material constant and is dependent on the surface energy, 4,,, associated with the
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molecular bonding in the material of interest. In particular,

(K3 = o

T 1—2

(A.2)

where g¢, = 27,,. The parameter ¢°, is known as the critical strain energy release rate
and has units of N/m. Hence, in accordance with Eq. (A.2), the fracture criterion

in Eq. (A.1) also be expressed in terms of energy, i.e.

. Eg.,
oij = \/mfij(o) (A.3)

where g,, = K?/E. As before, crack growth occurs whenever g,, > ¢,. The variable
gm 18 the crack-tip energy release rate, and in general varies with loading and the

fracture geometry. As with K7, ¢5, is a material constant.

- The subscript 1 in K7 indicates that the crack propagation results from a pure
mode I opening (Fig. A.3). In general, the motion of the crack surface relative to
the loading axis can be described by three orthogonal components of a global system
of coordinates. In practice, therefore, K is divided into three cracking modes which
are then superimposed to describe a general state of fracture. Stresses normal to the
crack plane produce mode I opening; in-plane shear results in mode II sliding, and
out-of-plane shear yields mode III tearing (Fig. A.3). Deformations resulting from
application of more than one mode are referred to as mized mode. For the present
analysis, only mode I deformations are considered. As a result, all crack growth is

orthogonal to the loading axis.

Cracks propagate readily in ceramic materials because of their low fracture
toughness, K{. In fact, K7 for a ceramic is typically much smaller (by an order
magnitude or more) then for say a ductile metal. As an example, K¢ for a silicon
carbide ceramic falls between 2 and 5 MPa//m. This is compared to 50 MPa//m
for a low carbon steel, and 100-300 MPa/./m for copper and aluminum [25]. Fur-

thermore, because of the low fracture toughness of ceramic materials, once a crack
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Mode 1 Mode 2 Mode 3

Opening mode Sliding mode Tearing mode

Figure A.3 Crack displacement modes.

begins to propagate, the stress intensity at the crack tip remains larger than the
material fracture toughness (i.e. K > K7) and the crack continues to grow. In most
metals, on the other hand, local plasticity effects tend to lower the stress intensity
factor such that K < Ky and the crack propagation ceases. Hence, the fracture
process in brittle materials may also be improved by either reducing the crack-tip
stress intensity, K, or by increasing the material fracture toughness, K{. Both av-
enues continue to be aggressively pursued. The latter is accomplished through the
reduction of material imperfections and is associated with improvements in the man-
ufacturing process. Fiber reinforcement, on the other hand, reduces the impact of
the matrix failure. One consequence, however, is that multiple fractures form within

the composite matrix prior to laminate failure.

Unlike polymer based (PMCs) or metal-matrix composites (MMCs) in which

the progression of damages has been fairly well characterized, fracture in brittle com-
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posites is a less mature area, stochastic in nature, and sensitive to many parameters
(material imperfections, stress concentrations, etc). Microstructural damages can,
of course, develop within PMCs and MMCs, however, neither PMCs nor MMCs are
dominated by the deluge of critical microstructural flaws as with ceramic compos-
ites. For CMCs, the ratio of the fiber modulus to the matrix modulus for CMCs is
typically of order one, compared to 10 or 100 for PMCs and MMCs. In addition,
the functionality of the fiber in CMCs is fundamentally different than with these
other types of composites. For example, the reinforcing fibers in CMCs are not the
main load bearing member. Instead, bridging fibers maintain the integrity of the
composite in spite of extensive matrix cracking. The additional toughening allows

CMCs to be used for a number of applications.

Because of their thermal and wear properties, CMCs are ideal materials for
components such as dies and tool bits, seals, nozzles, grinding wheels, and brakes.
However, CMCs are also finding their way into many diverse industries. For example,
ceramic composites are not only used in aircraft structures, rocket nozzles, and
turbine engines, but also in armor plating, missile radomes, pressure sensors, and
even artificial teeth and heart valves; [73] proving that CMCs are viable candidates
for a wide range of applications over large temperature regimes. In addition, as with
most composites, CMCs offer the promise of providing significant weight savings
for many structural components. Automotive engines, for example, could not only
be designed to run hotter, but also to be lighter in weight. This could result in a
significant savings in the specific fuel consumption. However, as with many advanced

materials, design and manufacturing cost is an important consideration [191].

The market size for aerospace and defense related applications of ceramic com-
posites is projected to approach five hundred million dollars a year by the year
2000 [187]. The United States government has already invested approximately a
quarter of a billion dollars in research and development of ceramic matrix compos-

ites over the period of 1979 to 1989 [128]. However, a survey conducted by the
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Department of Defense (DOD) Ceramics Information Analysis Center (CIAC) con-
cluded that although the funds appeared to have been invested wisely, the life of
CMC components when subjected to fatigue loadings could not be adequately pre-
dicted due to the lack of available models [148]. The objective, in many cases, is
to model the macromechanical behavior of the composite material with emphasis
on accurate predictions of the residual strength, stiffness, and life cycle. Hence,
modeling the laminate’s stress-strain response is desired. This, however, calls for an
estimate laminate’s damage progression, and therefore, some focus of the laminate’s

micromechanical behavior is in order.

Prior to laminate failure, as damage forms within the composite, the material’s
compliance gradually increases. This produces the non-linear stress-strain behavior
observed during experiments (Fig. A.4). The increased compliance can be estimated
from simple one-dimensional models if the average number of cracks can be deter-

mined [115]. Unfortunately, the most common technique of estimating the crack

Stress

\

Pseudo-Ductility
resulting from
E, Matrix Cracking

Strain

Figure A.4 Stress-strain response of a ceramic matrix composite.

density is to manually count the cracks. This is accomplished by examining acetate

replicas of the composite surface obtained during experimental tests of the laminate.
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This typically involves interrupting the test and pressing a piece of acetate on one
face of the composite to obtain a reproduction of the composite surface. The tests
are usually stopped during a tensile portion of the loading cycle so that the crack
openings are more apparent. The acetate replica is examined under a microscope
and the average crack density is estimated by manually counting the cracks. This
can be quite a tedious process especially to get a time history representation of the
crack density progression since the process must be accomplished a number of times.
Other problems with this approach are that the representative damage is limited
to only the surface damage appearing on the outer edge of the specimen, and that
discrepancies in the data may result if different techniques are used to count the
cracks. For example, how long does a fracture need to be before it constitutes a
matrix crack? Also, even if the matrix crack density can be determined, the num-
ber of fiber fractures and the extent of interface debonding are almost impossible to
determine. This is not only because of the relative size of the crack openings, but
also because for these damage modes, in particular, the extent of damage is likely
to differ significantly from the surface damage captured on the replica. For these
reasons, estimating or verifying the extent of damage within brittle composites is

certainly an inexact science.

There are, of course, alternate techniques for gathering crack density data
[13,48,98,193,199]. For example, the information may be obtained optically using
a highly magnified lens [199]. In addition, since matrix breaks are audible, the
crack density may be estimated using acoustic sensors {193]. In some cases, acoustic
emissions have been used to gather information on matrix cracking, fiber fracture
and even interface debonding. The various damage modes can be differentiated by

the strength (i.e. decibel level) of the the emission.




A.3 Toughening Mechanisms

In order to appreciate the details of the stress-strain (macroscopic) response, a
better understanding of the fracture and toughening mechanisms which dictate the
shape of the curve is required. These are now reviewed, and should provide some
insight into the requirements and potential difficulties in modeling the rather benign

response illustrated in Fig. A.4.

In the early 1900’s, Griffith investigated the fracture characteristics of brittle
materials [61]. He is best known for the development of an energy equilibrium
criterion which states that crack propagation will occur in a brittle homogeneous
material if the energy released upon crack growth is sufficient to provide all the energy
required for crack growth [43]. An important consequence is that crack growth may

be slowed or even arrested if energy used to propagate the fracture can be dissipated.

The Griffith criterion has been recently shown to be applicable to brittle non-
homogeneous materials [129]. This has led to a better understanding of multiple
matrix cracking in CMCs. As matrix cracks advance toward and envelop embedded
fibers, a number of events can take place. For example, if the fiber and matrix are
physically (i.e. chemically) bonded to one another, the large stress fields near the
crack tip can cause the constituents to debond. Since this debonding process reduces
the energy available to propagate the main fracture, interface debonding contributes
positively toward toughening of the composite. If the interface debonds and the fiber
remains intact such that the fiber continues to bridge the crack plane, energy will be
dissipated as the matrix slides along the fiber since the crack opening displacement
must increase in order for the crack front to advance. This frictional sliding also
contributes toward toughening. In fact, frictional heating within debonded regions is
one of the primary toughening mechanisms. Hence, it is advantageous to have the
fiber continue to bridge the crack plane since this not only increases the heat loss,

but also as mentioned earlier, bridging fibers provide closing tractions which tend to
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reduce the crack-tip stress intensities [127]. However, the fibers do not always bridge

the crack plane.

Consider a single crack as it propagates across the laminate microstructure

(Fig. A.5). As a crack advances toward a fiber, the fiber may break, pull out, or

Fiber

Fractured Pull-out

Fiber

N\

Bridging Fiber

Crack Opening
Displacement
. Interfacial Slip
Matrix and Debonding
Crack

Figure A.5 Failure mechanisms within ceramic matrix composites.

continue to bridge the matrix. Which of these events takes place is largely dependent
on the “strength” of the fiber/matrix interface. If the interface is too tight, the large
crack-tip stresses are easily transferred to the fiber and the crack propagates through
the fiber (i.e. fiber fracture). If, on the other hand, the interface is loose, the fiber
may debond and pull free from the matrix. In general, this process (fiber pull-
out) may be a large contributor to the material’s toughness due to potentially large
frictional forces; however, if the interface is too weak little energy is dissipated since
the frictional sliding is negligible. In both cases (extremely weak or strong interfaces),
no appreciable improvement in the mechanical properties of the composite is realized.

Fiber failure, for example, releases only a small amount of energy equal to the stored
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elastic energy in the fiber. Further, after pull-out or failure, the fiber no longer

effectively contributes to the strength of the ceramic.

If the interface is properly designed, the percentage of fibers which continue
to bridge the crack plane can be enhanced. This promotes toughness through
load transfer and continued frictional energy losses. Hence, “tuning” the inter-
face strength though proper design and manufacturing is a very important area
of research in composite engineering. Furthermore, because of this ability to tune
material properties, such as in the case with CMCs, there has been a fundamental
change over the past thirty years in how material engineering is approached. In the
past, materials were simply applied to structural components. Today, through im-
proved understanding of material science, advanced materials are able to be designed
for specific applications. Ceramic matrix composites represent an excellent example
of the change in philosophy. Tuning the strength of the interface in order to obtain

the desired lamina properties is covered in the next section.

A.4 Interface Design

Design of composite materials not only includes optimizing the laminate by
adjusting the interlaminar properties (e.g. ply orientation, stacking sequence), but
also includes the optimization of lamina properties. Hence, improvements in both
the strength and failure characteristics of the individual plies are desired and can
be accomplished, in large part, by controlling the properties along the fiber/matrix
interface. The latter is accomplished primarily by two techniques: (1) by adjusting
the residual stresses across the plane of the interface and (2) through the application

of interface coatings.

During processing, residual thermal stresses develop normal to the interface
due to the mismatch in the coefficients of thermal expansion between the fiber and

matrix. For most CMCs, the thermal coeflicient of the matrix is greater than that
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of the fiber (i.e. oy, > af). This creates a residual compressive stress across the

interface which can be adjusted to optimize the frictional energy dissipation.

An alternate means of adjusting the strength of the interface is through the
use of different interface coatings. During processing, a chemical reaction occurs
between the constituents which forms a thin (10 nm) carbon layer which helps to
weaken the interface [87]. Manufacturers often add coatings to the fiber to enhance
the result [80,114,120,122]. Carbon and silicon carbide are common coatings used
in the design of CMCs. Unfortunately, the application of the coating is a complex
procedure since the carbon interphase can oxidize and form a continuous silica layer
under elevated temperatures [5]. This reaction can result in an undesirable increase
in the interface strength which has been found to decrease the composite toughness
by up to two-thirds [6]. If properly designed, however, the effects of oxidation can
be reduced [30,131,166].

Although the strength of the interface is somewhat easy to control, quantifying
the strength of the interface can be quite difficult. Typically, two parameters are
used: the maximum interface shear strength associated with bonded fiber/matrix
regions, Ty, and the interface shear within debonded regions, 7;. The latter is
assumed to be constant along the debonded region, and governed by Coulomb friction

according to

i = ot (A4)

where p; is the friction coefficient between the fiber and matrix, and of* is the

residual thermal stress across the interface.

There has been an extensive amount of research devoted to characterizing the
parameters 7,;; and 7;. Both experimental [55,92,93,99,135] and numerical [31,37,
54, 55,178,121, 186] studies have been conducted. The most common experimental
techniques are single-fiber push-in and pull-out tests; however, there is some question

of the utility of such tests since these techniques induced unwarranted Poisson’s
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effects and also fail to account for crack-tip stress fields [167]. The numerical studies
typically involve fitting empirical data. Since the interface controls so many of
the characteristics of the CMC, a number of approaches are possible. The interface
stresses 7,;; and 7; can be estimated, for example, through curve fits of empirical crack
density or stress-strain data [37], or by matching the shape and location of hysteresis
curves [54] or the fatigue life diagrams (e.g. S-N behavior, modulus degradation)
[176]. In general, each of the predominant damage modes, matrix cracking, interface
debonding and fiber failure, is dependent on the interface properties. Several failure

criteria governing the initiation and evolution of matrix cracks are now considered.

A.5 FEuisting Failure Criteria for Matriz Cracking

Two dominant failure criteria are present in the literature: maximum stress
(strain) theories and the more traditional fracture mechanics approaches. The lat-
ter category including both the energy balance techniques (discrete solutions) of
Aveston, Cooper and Kelly [8], as well as the stress intensity solutions (continuum
solutions) similar to those proposed by Marshal, Cox and Evans [127]. The solutions
from Aveston, Cooper & Kelly, and Marshal, Cox & Evans are typically referred to
as the ACK and MCE theories, respectively. The theories presented in this section
are divided into two categories: those which employ a maximum stress criterion and
those using more traditional fracture mechanics approaches. However, as illustrated

by the ACK solution, there can be some overlap between the two fields.

A.5.1 Mazimum Stress Criterion.  The maximum stress criterion assumes
that a new matrix crack will form whenever the matrix stress exceeds the ultimate
strength of the matrix, o,,,,. Furthermore, the matrix strength is assumed to be
single-valued and a known material property. Since under the micromechanics ap-
proach, the matrix cracks are assumed to be uniformly spaced throughout the com-
posites, the maximum matrix stress is guaranteed to exist at the mid-spans of the

existing cracks. Hence, new cracks form at locations equal-distance from adjacent
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crack, and as such the composite’s crack density doubles with their formation. For
the unit-cell shown in Fig. A.6, for example, a matrix crack is assumed to form at
a the axial coordinate z = 0 whenever, the peak stress at this location, oy, exceeds

the matrix strength, i.e.

01> Omy,- (A.5)

Equation (A.5) is the failure criterion.

Matrix
Stress
L
Gl .
{
I
x=0

Figure A.6 Distribution of the matrix stress in a one-dimensional unit-cell.

For a moment, define some parameter ' which characterizes the distance it
takes the stress in the matrix to go from zero along the plane of the matrix crack to
a peak value of oy [Fig. A.6]. If 2’ is small compared to the average crack spacing L,
then once Eq. (A.5) is satisfied at z = 0 such that a matrix crack is allowed to form
at this location, it is likely that Eq. (A.5) will be satisfied at a number of locations
(e.g. L/4, L/8, etc) and that an extensive amount of matrix cracking will occur

instantaneously. This concept is illustrated in Fig. A.7.

First assume that matrix crack spacing is L, and that the matrix stress dis-

tribution is as given by Fig. A.7 (a). In addition, assume that oy is such that the
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Figure A.7 Evolution of matrix cracks as predicted from a maximum stress
criterion.

failure criterion is satisfied (i.e. o3 = o, ), and therefore, allows a new crack to
form at the mid-spans of the existing cracks. Now consider the redistribution of
stresses within the matrix [Fig. A.7 (b)]. Note that since ' is small compared to L,
the stress in the matrix again reaches a peak value of oy, and therefore in accordance
with Eq. (A.5), additional cracks are assumed to form [Fig. A.7 (c)]. This procedure
would be repeated until Eq. (A.5) is no longer satisfied [Fig. A.7 (d)]. Note that
Figs. A.7 (a) through (d) are assumed to occur instantaneously, and at the same
level applied stress. This is one of the drawbacks of the maximum stress criterion:
an extensive amount of cracking occurs at a single applied stress. Hence, the maxi-
mum stress criterion is not likely to capture the gradual evolution of matrix cracking

observed experimentally. This results in a “stepped” stress-strain prediction rather
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than a gradual non-linear deviation. A sketch of a crack density versus applied stress

prediction and stress-strain response are illustrated in Fig. A.8.

Crack Stress
Density

experiment

max stress
prediction

max stress
prediction

experiment

Stress Strain

Figure A.8 Crack density and stress-strain evolutions based on a maximum stress
criterion.

Aveston, Cooper and Kelly (ACK).  The maximum stress crite-
rion was first applied to ceramic matrix composites by Aveston, Cooper and Kelly
(ACK) [8]. Their analysis considers a unit-cell similar to that in Fig. 2.11 in which
the fiber/matrix interface is assumed to be purely frictional; having a constant in-
terface shear stress. Failure of the matrix is assumed governed by a single-valued
matrix stress (strain), and the matrix cracks are assumed to be infinitely long and

uniformly spaced. No fiber damage is considered. Thermal effects are also neglected.

The failure criterion employed by ACK assumes that matrix cracking occurs
whenever the stress in the matrix, o,,(z), exceeds the ultimate strength of the matrix,
Oy 1-€

Om(®) 2 O (A6)

Since the laminate is initially assumed to be free of any damage, the matrix stress
om(z) has the same magnitude at all points in the unit-cell. Hence, once Eq. (A.6)
is satisfied at a single point, it is satisfied everywhere. This results in an extensive

amount of matrix cracking occurring instantaneously as previously discussed. In
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addition, it should now be clear that 0., = 0y, and L = L;p;; = Lge:. Both parame-
ters o, and L,,; are determined by ACK. The formulation for L,; is now presented
whereas the derivation for o, is presented in section 2.6.2.1 since it falls under the

fracture mechanics approach.

For the analysis, consider the unit-cell shown in Fig. A.9, and assume that the

applied stress is just sufficient to cause the fracture to form, i.e.

7= P o (A7)

It is known that along the plane of the matrix crack, the stress in the matrix vanishes
at the free boundary and the fiber is forced to carry the entire load. Away from the
crack plane, the load is redistributed between the constituents. Furthermore, in
the ACK model the interface shear has been assumed constant such that the stress
transfer is linear (Fig. A.9). The parameter z’ represents the stress transfer distance
or, equivalently, the distance over which the fiber/matrix constituents slip.?

S
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Figure A.9 Fiber stress near a matrix crack for a completely debonded interface.

TThe stress transfer distance is the distance over which the presence of the matrix crack is felt.
In particular, it is the distance away from a crack plane required for the matrix stress to return to
its undamaged magnitude.
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The additional stress in the fiber due to the presence of the fracture will vary

from zero to a maximum of

and the additional strain in the fiber due to the crack is

~

a

Ef = -iemult (A'g)

where 6 = {vnEn} [/ {vsEs} and €n,, = Omy,/Em. Further, when multiple matrix

cracks exist, the final crack spacing must satisfy
2’ < Lgyy < 22 (A.10)

since upon completion of matrix cracking, the maximum stress in the matrix must
be less than ¢,,,,,. The matrix stress distributions for L = 22’ and Ly = @' are

shown in Fig. A.10. In Fig. A.10 (a), the crack spacing is sufficient to allow the strain

G,
mult
12 C,
: Inult
Matrix Stress
B
e
2x” X

(a) (b)

Figure A.10 Matrix stress for a completely debonded interface: limiting cases.

in the matrix to reach the strength of the material. Hence for this case, Eq. (A.6) is

satisfied and additional matrix cracking would be allowed such that L,,; = &’. This
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is the limiting case. From statistical theory, the final crack spacing can be expected

to be 1.337z' [37].

From Fig. A.9, equilibrium along the plane of the crack requires

27;

=v i——lw' + UV Cms, - A.11

g f ult
vy rf

Hence, from Eq. (A.8),

) _ 11 Vm Em

= —o0. A.12
v 27’,’ vy E1 ? ( )
Finally, the additional strain in the fiber due to the matrix cracking is
e = tmp for Lyw = 22’ (A.13)
= ——F e, or Lg =2z .
€f 2Ef vf ult i
and
1 m
30 for Lsu=12'. (A.14)

€ = Ezz;amun
Therefore, from Eq. (A.10), the additional fiber strain resulting from failure of the

matrix can be shown to satisfy

A

Z&Gmw <g< %emu“. (A.15)

Since all matrix cracking has occurred at a single stress, the resulting stress-
strain response is characterized by a single step as illustrated in Fig. A.11. Initially,
the stress-strain response exhibits a stiffness of F;. However, when the applied stress
has a magnitude of E¢€,,,, matrix cracking occurs. This results in a single jump in
strain satisfying Eq. (A.15). Beyond this stress, the stress-strain response is again

linear; however since the matrix has failed so extensively, the composite stiffness

approaches vy Ey.
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Figure A.11 Stress-strain prediction when matrix cracking is predicted from a max-
imum stress criterion.

Lee and Dantel. Another model which employs a maximum
stress criterion and provides closed-form solutions for the average matrix crack spac-
ing was presented by Lee and Daniel [113]. Their model is based on a modified
shear-lag technique and considered matrix cracking in a partially bonded unit-cell.
Residual thermal stress fields are also considered in the analysis. As with the ACK
model, the matrix is assumed to fail whenever the stress in the matrix exceeds the
streﬁgth of the matrix material. Since thermal stresses are considered, the matrix is
assumed to fail when

E,

o2 5 (e — 22) (A.16)

where o!” is the residual thermal stress in the matrix. In addition, for the shear-lag

formulation presented by Lee and Daniel, the stress in the matrix is given by

onte) = (B 1 o) { - ohlall)2 /;)5”)]} (A1)
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where « is the shear-lag constant as derived under their formulation [113]. Further-
more, the instantaneous average crack spacing can be determined by assuming that
new matrix cracks form at the mid-spans of existing cracks whenever Eq. (A.16) is

satisfied. This yields

2 -1 EmU “I" Elo'th
= — m ) A.18
L=gcosh {Em T (o — on) (A.18)

Unfortunately, just as with the ACK model, Eq. (A.18) predicts a very rapid satu-
ration of matrix cracking, and once again, the resulting stress-strain response is of
a stepped fashion (Fig. A.11). Neither approach (ACK or Lee and Daniel) is able
to capture the gradual evolution of matrix cracking observed experimentally. More-
over, the correct procedure for considering brittle fracture is through the use of the
critical energy release rate and, therefore, a number of fracture mechanics solutions
have been formulated [8,20,37,54,127,129, 196,201, 213]. Several of these solutions

are reviewed below.

A.5.2 Fracture Mechanics Solutions. Because fracture mechanics ap-
proaches generally focus on conditions required to propagate a single fracture, they
are not, in general, suited for modeling the initiation and growth of multiple cracks
as required in the current analysis. The solutions are, however, well suited for inves-
tigating the salient characteristics of fracture, as well as determining which material
and laminate parameters influence the matrix failure. Such approaches also provide
estimates for the critical composite stress (o.,) and final crack densities (Ls4). In
order to capture the behavior of multiple cracking, however, additional factors such
as the statistical distribution of flaws and the interactions of adjacent cracks need

to be considered.

The models reviewed in this section are presented in three subsections. The
first two subsections (Discrete Models and Continuum Models) present established

fracture mechanics solutions which can be used to estimate o, and L. The dis-
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crete models are labeled as such since they consider each discrete fiber as a separate
entity. The continuum models, on the other hand, consider an effective distribu-
tion of closing tractions to account for the influence of bridging fibers. Hence, the
functionality of an individual fiber is lost in the collective. In the final subsection,
Evolution of Matriz Cracking, the nucleation and growth of matrix cracks for o > o,

is discussed.

A.5.2.1 Discrete Models. The conditions for the onset of matrix
cracking can be determined by ensuring the formation of the cracks is energetically
consistent. This requires that the energies before and after crack formation must

satisfy
AU — AW + gm + Wy =0 (A.19)

where AW is the work done by the external load during crack formation, Wy, is the
frictional energy dissipated through interface sliding; g,, is the strain energy release
rate available for matrix cracking, and AU is the total change in strain energy.
Formulations which employ Eq. (A.19) will be referred to as the energy balance
solutions. The most famous of which is the model presented by Aveston, Cooper

and Kelly (ACK) in which the energies within a simple unit-cell are considered [8].

Aveston, Cooper and Kelly. In conjunction with the maximufn
stress criterion presented in section 2.6.1, the original ACK analysis also examined
the energetics of multiple fracture in brittle composites. The purpose was to explain
why multiple cracking occurred in composites and how a quick estimate of the strain
to the onset of multiple cracking could be obtained. In doing so, the analysis also
showed the effects of various material parameters on the matrix cracking. Several

important results are obtained. The first is that under the assumptions of the discrete
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model, the strain energy release rate available for matrix cracking is

3102 .2
0 ELvirs
I9m = T 5 159

= . A.20
6Ef’l)]2e7‘iE12 ( )

Further, equating g¢,, to the matrix fracture energy, v,,¢¢,, leads to a solution for the

initial matrix cracking stress

(A.21)

E,zn’UmTf

{GEfvﬁTiEfg,ﬁ% }1/3
Ogp = { ——t—7T .

Note that Eq. (A.21) is a lower bound for o., since variations in g, due to flaw
size and location have been neglected. In addition, the crack length was assumed
“long” (infinite), and therefore, independent of the crack-tip stress intensity. So-
lutions which consider incremental increase in the crack size are presented in the
next section. The following is a summary of the ACK analysis and is presented in a

format analogous to the review appearing in reference 129

Figure A.12 illustrates the discrete model to be considered. The fiber/matrix
interface is assumed to be completely debonded, and the interface slip is governed
by a constant interface shear, 7;. The length of the fiber is assumed to be twice the
slip length, i.e. 22’. Again, the parameter 2’ is the slip length needed to recover to
the pre-cracked stress state as defined in section 2.6.1. The stress T' represents the
maximum fiber stress and occurs along the plane of the matrix crack (i.e. z = 2’).
This stress has a magnitude of o/v;. If € is defined as o/ Ey then T = Eje/vs. The

crack opening displacement is 2U, and the far-field constituent stresses are

E

op,=Lo= Eye, (A.22)
E,
E,

Omy = e E,.e (A.23)
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Figure A.12 Discrete fiber model.

since thermal stresses are neglected in the original ACK analysis. In addition, since
the interface shear, 7;, is assumed constant, the constituent stresses near the fracture

are given by

27
os(z) = oy, + —f (A.24)
om(2) = op, — :—fQ—Tz-w (A.25)
m Tf

Now, if us(x) and u,(z) represent the displacements in the fiber and matrix such

that
Ous(z
os(e) = 5,20, (A.26)
Ounm(z
then
us(z) = ex + T for 0<a< ', (A.28)
Eyry
_ vy T 2 !
Un(2) = ez + o EmT'f:c for 0 <z <2 (A.29)
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Further, the crack opening displacement is given by 2 [us(z') — u,, ()] which implies

_ TmBm TM’ZTZ

N 47’,”Uj2cEf €= 4T,'E1Ef '

(A.30)

Let p be the effective closing traction created from the bridging fiber. Then for the
discrete model, p = v;T'. Further, from Eq. (A.30)

p=Mu (A.31)

~ 2rr; E
where u = Ey U/27 and A = 2vy {-:_:Umém

effective traction under the continuum approach is of the same form as Eq. (A.31).

1/2
} . It will be shown later that the

With the model now established, the energy terms in Eq. (A.19) can now be
established. The additional work performed by the external tractions during crack

formation is

r VmEm 2
AW =20 {us(z) — e’} = 2—7%EfE1 ( orE; ) e, (A.32)
The change in the strain energy per unit area is
! ' 2
vr [T 2 Um  [% o 20 _ TiEsEn (vmBn " 4
AU =3 / Ym / . - . (A
B Jo o¢(z) dz+ £ Js o2 (z) de—Ere‘x o ( >y ) e. (A.33)

Finally, the work done (per unit area) by the frictional forces along the fiber / matrix

interface is

4 ' E:E, (v B, \*
vy :Tf = ('v E ) e, (A.34)

Wy, = -—Ti/o () — up(z) do = o

rs

Substituting Eqs. (A.32), (A.33) and (A.34) into Eq. (A.19) yields Eq. (A.20).
Equations (A.10) and (A.21) follow directly.

Zok and Spearing. Zok and Spearing presented an analysis

similar to ACK in which the same energy balance approach was considered for the
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two damaged configurations illustrated in Fig. A.13 [213]. As with the ACK analysis,

I . L IHmmn

T~

T I

Voo Voo
@ ®)

Figure A.13 Schematic diagrams of (a) periodic matrix cracks and (b) random
matrix cracks.

the interface was assumed to be debonded and the matrix cracks were assumed to
extend throughout the entire laminate cross-section. However, this time a reduction
in the matrix stress due to the interactions of adjacent cracks was included in the

analysis.

As the matrix fails, the crack spacing decreases. Eventually, the spacing may be
insufficient to permit a full recovery of matrix stress and this reduces the opportunity
for continued cracking. This phenomenon is sometimes referred to as a shielding or
screening effect. Zok and Spearing considered the influence of both periodic and
random crack spacing on the shielding aspects of brittle composites. For brevity

however, only the results for the first configuration (periodic cracks) are presented.

Shielding results when z’ > L such that the stress in the matrix does not
fully recover (Fig. A.14). Two cases need to be considered: 1 < L/z’ < 2 and
0 < L/2’ < 1. In the first case, the existing cracks do not interfere with one another
(i.e. the matrix stress fully recovers), however, with the formation of a new crack,
the spacing is insufficient to permit the matrix stresses to recover. For 0 < L/z’' < 1,

the pre-existing cracks screen one another even prior to the formation of the new

A-26




/

<—x—>

Matrix
Stress
S — —

L L
No Shielding Crack Shielding

Figure A.14 Shielding (screening) effect resulting from a sufficiently small crack
spacing.

crack. The net effect of the screening is that the strain energy release rate, g,,, varies
with L/z'. The formulation follows directly from Eq. (A.19), but is somewhat more
involved than the ACK solution since the constituent stresses are a function of the
crack spacing in Zok and Spearing’s analysis. The crack-tip strain energy release

rate is found to vary as

gm L ) !

= =1 - — <] < A.

- 1-4 <1 9/ for 1 Jz' <2, (A.35)
Im _y (—)3 for 0<L/2' <1 (A.36)
g5 2/ . '

This variation is illustrated in Fig. A.15. An important result of this analysis is that
crack saturation does not occur instantly (i.e. 05t # 0 ) as a result of the shielding
effect. The final cracking spacing and saturation stress are found to be Lo = 1.262’
and o54¢ = 1.260., [213]. Hence, shielding slows matriz cracking by reducing crack-tip

stress intensities. This phenomenon was shown to be more prevalent under random

crack spacing [Fig. A.13 (b)].

A.5.2.2 Continuum Models. For mathematical purposes, it is con-

venient to “smooth the mechanical effect of the discrete system of unbroken fibers
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Figure A.15 Variation in the crack-tip strain energy release rate, ¢,,/g5,, as a func-
tion of the crack spacing L/z', for periodic matrix cracking.

that cross the crack and assume that the displacement distribution is everywhere
single-valued and smoothly varying.” [129]. This is the idea behind the continuum
approach in which the net effect of the bridging fibers is modeled as a continuous
distribution of closing tractions (Fig. A.16). In the review of the ACK model pre-
sented earlier, it was shown for the discrete model that the closing tractions, p(z),
were proportional to the crack opening displacement, u(z) [Eq. (A.31)]. For the

continuum model, the relationship between these two parameters is

u(z) = % [ \/tz—t_—;{ Ot ”jtz“__f”(g d(} dt (A.37)

where a is the crack length. The later result was obtained from reference 129. The

corresponding stress intensity factor as determined under the formulation presented

by McCartney [129] is

11—
K = oo /ma) where Y = —2- 1 - P(X)

=y = X (A.38)
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Figure A.16 Continuum model

where P(X) is a normalized effective closing distribution such that when P(X) =0
(i.e. no fibers bridge the crack plane), K = 04+/ma. The latter is recognized as the
solution for a stress-free crack in an infinite plate as presented earlier. For P(X) >
0, K decreases from this fundamental solution. Hence, as was observed with the
screening effects of adjacent cracks, bridging fibers reduce crack-tip stress intensities
by providing forces which reduce the crack opening displacements [127,129,196] These
forces, typically referred to as closing tractions, can be effectively modeled using
a continuous single-valued distribution, p(z). At the onset of crack propagation,

therefore, the energy release rate at the crack tip is given by
Gm = G — / p(z) da. (A.39)

The models presented by Marshall, Cox & Evans (MCE) [127] and McCartney
[129] represent the classical solutions in this area (continuum models). Such models
are referred to as stress intensity solutions as opposed to the energy balance solutions
presented earlier. An important consequence of the MCE analysis is that for crack

lengths larger than some characteristic flaw size, ¢,, the crack-tip stress intensity

factor is independent of crack length. Thus, for a > ¢,, the ACK solution [Eq. (A.21)]
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is valid. The characteristic length may be estimated by Eq. (A.40) [37].

2/3
1 (1/3) UmT s B/ B,
o~ =(gt R A R S A4
= 5(05) o (A40)
In addition,
o 1/a —3/4
T=14=(— A4l
o* + 8 (co) ( )

where o* is the original ACK solution.

As illustrated in the preceding sections, there are a number of solutions which
yield estimates for the critical composite stress, o... Perhaps the most referenced
of these are those presented by Aveston, Cooper & Kelly (ACK) [8], Marshall, Cox
& Evans (MCE) [127] and Budiansky, Hutchinson & Evans (BHE) [20]. The ACK
and MCE models have been examined in the above discussion. The BHE model
considers steady-state crack growth under which it is assumed that the stress at
the crack front remains unchanged during incremental crack growth, and that the
upstream and downstream stress states, far ahead of and behind the crack front, do

not change [20]. The crack growth model is shown in Fig. A.17. where P, and P

< —
‘_| ‘‘‘‘‘‘‘‘‘‘
-
Aa
- -
Downstream Upstream
K R

Figure A.17 Crack growth model.

are the upstream and downstream potential energies per unit cross-sectional area.
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Moreover, in order for the crack to advance an incremental distance which produces

a net increase in the crack area of Aa, the following must hold.

(P, — P)Aa = AU (A.42)

Equation (A.42) is now the energy balance failure criterion where AU is the potential
energy loss during crack advancement. From the Betti-Maxwell theorem of reciprocal

displacements, it follows that

P /V (04 — 0a) (€ — €) dV. (A.43)

N 2vm7rr§

From here, o, is estimated by setting ¢, = v gs,.

In analogy to BHE, Weitsman and Zhu [201] formulated a criterion for the
formation of a new matrix crack which compared the energy levels of two discrete
(upstrearﬁ and downstream) states. Rather than considering incremental growth a
single crack (BHE), however, Weitsman and Zhu considered two damaged states of
uniform crack spacing. “State I” was assumed to have a crack density of 1/L and
the crack density of “State II” was twice this amount. The failure criterion was
again that AU = v,g%,. Their solution is important to the present work since it is
the only known analytic criterion which has a finite stress range over which matrix
cracking is predicted. That is to say, the Weitsman and Zhu criterion does capture
some evolution of matrix cracking. Unfortunately, the criterion offered only a slight
improvement over the previous analyses. The solution presented by Weitsman and

Zhu is presented in greater detail in the chapter three.

A.5.2.3 FEvolution of Matriz Cracking.  Under the traditional fracture
mechanics approach, in order to capture the gradual evolution of matrix cracking
which is observed experimentally, the shielding and stochastic behavior of matrix

failure must be accounted for in the analysis. The shielding effect was discussed

A-31



earlier in chapter two, and results from crack interactions once the matrix crack
density becomes sufficiently large. This interaction can reduce the driving force for
the propagation of additional cracks. In addition to this phenomenon, matrix crack-
ing is governed by statistical relations which relate the size and spatial distribution
of matrix flaws to their relative propagation stress. These relations have been well

publicized by William Curtin [37].

Curtin. As mentioned in the previous section, for relatively large
cracks (e.g. a > ¢,), the stress required to propagate the fracture is independent of
the flaw size [127]. The propagation stress is given by Eq. (A.21). Hence, if all flaws
inherent to the matrix are larger than c,, the statistical analysis becomes trivial.
However, experimentally, the evolution of cracking occurs over a finite stress range.
Hence, the statistical aspects of failure may be important. For flaws smaller than
the critical length determined by MCE, the stress required to propagate the flaw is
greater than that predicted by Eq. (A.21). It follows that if a distribution of flaw sizes
is incorporated in the analysis, then the matrix strength will also be characterized

by some distribution.

Curtin proposed modeling the crack progression using a 3-parameter Weibull
strength distribution [37]. In particular, the matrix strength distribution, ®(c, V),

was taken as

(o, V) = -“—; (“ ;”)m (A.44)

where m is the Weibull modulus, o, is a scale parameter and ¢* is the minimum
stress for crack formation. These parameters may be chosen to match the empirical
data. V is the material volume, and V,, is a characteristic volume which contains one
flaw smaller than ¢* where

o, =0"+ % (i> _3/4. (A.45)

Co
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FEvans, Zok and McMeeking. As a final note, the work accom-
plished by Evans, Zok and McMeeking [54] serves as a comprehensive overview of
the matrix cracking process. Reference 54 discusses the initiation and evolution of
matrix cracking for both unidirectional and cross-ply laminates. Quasi-static and fa-
tigue loading are also considered. In addition, the effects of shielding, as well as the
statistic aspects of failure are addressed. A simple approximation for determining

the average crack spacing is also provided, and is shown below.

L:Lm{w} (A.46)

0/Ome —1

A.6 Additional Comments

This section investigates some of the simplifying assumptions employed in the
current model formulation, as well as several assumptions used in the development
of the failure criteria. In addition, some general observations on the fatigue response

of brittle composites are presented.

A.6.1 Micromechanics/Shear-lag Assumptions. In order to simplify the
analysis, a number of assumptions are made on the geometric arrangement of the
constituents and the configuration of the damages. In doing so, the analysis is
reduced to one dimension; however, a host of effects and the true nature of fracture
in CMCs is lost. For example, it is to be expected that because of the dominating role
of the fiber/matrix interface, the Poisson’s effects near the bi-material regions may
be rather significant in determining the laminate response. The Poisson’s effects may
prove especially important in debonded regions where the stress transfer is dependent
on the frictional resistance of the fiber/matrix constituents. This is particularly the
case when repeated and cyclic loadings are considered and in which the “direction”
of the Poisson’s effects vary. The effect may be rather pronounced and manifests as
large variations in the shape of the stress-strain hysteresis loops predicted under the

analysis.
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The concentric cylinder models used in the present analysis assume that the
distribution of fibers in the composite matrix are uniform. From Fig. 2.10, this is
most certainly not the case [177]. To investigate the effects of the relative fiber spac-
ing on the strength of the brittle laminate, Weitsman and Beltzer recently introduced
an eccentric shear-lag model in which the fiber spacing in an extended representa-
tive volume element can be given some eccentricity [200]. The analysis found that
traditional models may significantly underestimate the loading effect near fractured
fibers, and as such the validity of current statistical failure distributions is question-
able. Furthermore, the accuracy of “dry” bundle tests for estimating the evolutions

of fiber fractures in in-situ composites is also in debate.

The assumptions used in the shear-lag derivation are also only gross approx-
imations. More accurate solutions do exist; however, because of their complexity,
the applicability of such models is limited [137,139]. Each problem will require an
assessment and trade-off between the accuracy of the assumed stress fields and the
ease of implementation. The primary assumption of the shear-lag model is that the
interface shear stress in bonded regions is proportional to the difference in the aver-
age displacements between the constituents. The assumption, plus the approximate
nature of the assumed constituent displacements, calls into question the accuracy
of this approach. However, as presented in this document and in other literature,
the shear-lag formulation is suitable for modeling polymer-based, metal matrix and

ceramic matrix composites under a number of loading conditions [133].

A.6.2 Fatigue Loading.  The fatigue behavior of ceramic matrix composites
can be characterized by four predominate features: modulus, stress-strain hystere-
sis, strain ratchetting, and S-N behavior. Each of these are useful for defining the
material behavior. Unfortunately, due to the variability in material batches, testing
methods, and stochastic failure processes, the salient features/empirical trends may
vary, sometimes significantly, between the data reported in the literature. More-

over, due to the uncertainties in the failure mechanism, the observed phenomenon
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can be difficult to explain. This section briefly summarizes some of the observa-
tions/discrepancies reported for the four characteristics: modulus, stress-strain hys-

teresis, strain ratchetting, and S-N behavior.

A.6.2.1 Modulus. During fatigue loadings where the applied stress is
greater than the critical composite stress (i.e. ¢ > 0., ), the laminate’s modulus, E,
decreases due to the formation of damages [76,210]. The damages progress on a cycle
by cycle basis in which the modulus approaches a magnitude of v fE ¢ as the matrix
cracks and the fibers debond. Once the matrix cracks saturate, the degradation
in the elastic modulus is a result of the interface debonding which continues due
to Poisson’s effects and changes in the stress intensity factor at the debond crack
tip [184]. Note also that E, may decrease below the stated limit, e.g. v¢(1 — D)Ey,
as fibers fracture and pull-out. The reduction in the modulus is a function of the
loading environment!, interface shear? and the laminate’s composition. Zawada et
al observed a gradual degradation in the modulus over the first 10,000 cycles [210].
Pryce and Smith reported a much quicker degradation [153].

With extensive cycling, a slight recovery (= 5 — 10%) in E. may be observed
[153,210]. This could result from an increase in the interface shear, 7;(V), due to
long term exposure to the environmental conditions. In particular, the humidity
level is believed to be the main contributor. Also, debris along the interface may
produce some mechanical interlocking which reduces the interface sliding. Finally,
as the matrix cracks and the interface debonds, the fibers are permitted to realign;
perhaps into a stiffer orientation. Note that as the modulus increases, the fiber strain
decreases, and in turn, the interface slip and stress-strain hysteresis also decrease.
Cycling below the critical composite stress can increase the residual strength of the

laminate by decreasing the crack-tip stresses [210].

tMaximum applied stress, atmospheric conditions, temperature, strain rate, loading frequency,
stress ratio, etc. [74,95,165,190,210]. -

!The degradation in 7;(N) may be modeled as presented in chapter four or by some alternate
form, e.g. (N) =7, N~* [54,163].
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A.6.2.2 Stress-Strain Hysteresis.  Stress-strain hysteresis results from
frictional sliding along the fiber/matrix interface. The shape of the stress-strain
loop and the width of the loop can both vary during cycling. In general, the shape
of the hysteresis loop is non-linear when the state of interface sliding is changing
(partially bonded) and linear when the constituents are fully sliding (debonded)
[178]. Furthermore, the loop width may remain the same, decrease, or increase with
cycling [100]. All possibilities exist due to the competing nature of the frictional
sliding. For a constant slip distance, the larger the frictional force (i.e. large 7;),
the wider the hysteresis loop due to an increase in energy dissipated. However, as
7;(N) declines, the slip distance also decreases which, in turn, reduces the energy
dissipated and hysteresis. Pryce and Smith observed that for ¢ > o.,, the hysteresis
width decreases with cycling, and for o &~ o,,, the width remains fairly constant over
the fatigue life [153]. Holmes & Cho and Rouby & Reynauld reported increases in
the loop width with cycling [76,163].

A.6.2.3 Strain Ratchetting. Strain ratchetting occurs when fibers
fail and pull-out from the matrix. It has been observed that strain ratchetting is a
time dependent phenomenon due to variations in 7, and 7; resulting from oxidation
embrittlement [153]. Furthermore, the fatigue specific damages and time-dependent
matrix cracking which occurs, increases the rate of fiber fracture since the fibers
are forced to carry a greater share of the applied load. In a similar manner, the
slippage process itself may be a catalyst for increases in the matrix crack density, and
ultimately the fiber crack density, due to the surface roughness of the constituents
[153]. Also, additional fiber fractures form as microscopic flaws grow under fatigue

loading and eventually obtain a critical size.

A.6.2.4 S-N Behavior. The fatigue life of a composite is typically
defined as one million cycles. The maximum stress for which the composite does not

fail over the prescribed fatigue life is known as the fatigue limit. For ceramic matrix




composites, it is generally observed that the fatigue limit is close to the critical
composite stress of the laminate [151,210]. However, based upon some unpublished
work by Holmes, for long duration cyclic tests (> 107), the fatigue limit can be
far below, on the order of 40%, o.,. This reinforces the time dependency of failure
in these materials (e.g. oxidation embrittlement). Moreover, the reduction in the
fatigue life at high loading frequency may be a consequence of additional interface

damages caused by large temperature rises.

tUniversity of Michigan, Ann Arbor.
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Appendiz B. Theory of Micromechanics

This appendix provides an introduction to the modeling of ceramic matrix com-
posites via the theory of micromechanics. For brevity, unidirectional laminates are
emphasized. Rule-of-miztures equations are reviewed for the case of an undamaged
laminate, and an introduction to shear-lag theory is presented for when damage
is considered. Also, this appendix includes a review of the solution methodology

employed in the current study.

B.1 Rule-of-Miztures Theory

Under the geometric constraints outlined in chapter two, the behavior of a
unidirectional laminate can be modeled using a simplified unit-cell consisting of a
single fiber and surrounding matrix. If the composite is void of any damage, the
strain in the constituents is assumed to be equal and to define the composite strain,
ie.

€c = €f = €m. (B.1)
Moreover, the total strain is a combination of the mechanical and thermal strains:

g

€= El + O.’lAT,

€= ‘;f + AT, (B.2)
f

€m= UE”: + o, AT.

The subscripts f,m,1,2 and ¢ denote the fiber, matrix, axial direction, transverse
direction, and composite, respectively. The parameter F is Young’s modulus; « is

the coeflicient of thermal expansion.
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Substituting Eq. (B.2) into Eq. (B.1), it may be shown that

%=%%+@@—WMZ (3.47)

1

Omy = %n-a + En(or — am)AT. (3.46)
1

Hence, the constituent stresses are assumed to be constant over the length of the

unit-cell as illustrated in Fig. B.1.

Stress

Fiber
G,
fO
............................................................................... G
Matrix Mo

Fiber matrix

Figure B.1 Constituent stresses, based upon micromechanics theory, for an undam-
aged laminate.

The equilibrium relation may be determined by noting that any applied load,

P, may be expressed as the sum of the loads on the individual constituents, i.e.

P=P;+P,. (B.3)
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From which, equilibrium is determined by dividing by the composite area as illus-

trated below.

Furthermore in differentiating Eq. (B.4) with respect to ¢, it follows that

E, = ’UfEf + v (34)

since the constituents are assumed linear-elastic. The following relationships also

hold [25].

-1
vy Um
E,={—4 — .
2 {Ef + Em} (3.5)
oy = viEras + v Epnop, (B.5)
Ey
Qg = VO + Uy (B.6)
Vi G + (1 -+ I/f)Gf
G = G, B.7
12 {(1 +I/f)Gm-|-I/me ( )
. 1 3 -3 2 32
(o —vp)(1 + pr§) — vl B2,
where
7+ B 1 1
‘TN =30, br=35=1;
m G
p= Pm — 7By vz G
1+7/8f Gm

The parameters Gy and G, are the shear moduli for the fiber and matrix, respec-

tively. Similarly, v; and vy, are the corresponding Poisson’s ratios. For the cross-ply
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laminate,
_ bElal + dEzC!g
%= TVE, + dE,

where b and d are the half-thicknesses of the 0° and 90° plies.

B.2 Introduction to Shear-lag Theory

One-dimensional shear-lag models typically assume that the state of stress in
a bi-material composite can be defined by the normal (axial) stresses in the con-
stituents and the shear stress which develops at the interface of the two materials.
For the system of materials, @ and b, shown in Fig. B.2, these correspond to o,(n),

os(n) and 7;(n). Note that the unmodified shear-lag theory is limited to the anal-

—qm §

m

T (ﬂ) Constituent ‘b’

Figure B.2 Bi-material representative volume element (RVE).

ysis of two constituent systems with uniaxial loadings (e.g. 7 direction). Further,

equilibrium requires that the following two relations hold.

Va |4
— : B.
o %+%0(77)+%+befb(’7) (B.10)
__dau(n) | doy(n)
i(n) = Fba = +6 p (B.11)

where V' denotes the constituent volume and § is of unit length and depends on
the RVE cross-sectional area. The unit-cell is assumed to span a pair of matrix
cracks. Note that Egs. (B.10) and (B.11) constitute only two equations for the three
unknown stresses. The final relation is obtained from the shear-lag formulation which

assumes that the rate of stress transfer between the constituents is proportional to
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the average constituent displacements according to Eq. (B.12); where it has been
recognized that the stress transfer rate is also proportional to the interface shear
[Eq. (B.11)].

7i(n) = £H {tia(n) — ws(n)} (B.12)

The sign in Eq. (B.12), +, is dependent on which entity, a or b, is the main loading

bearing member.

Equation (B.12) represents an additional relation for the analysis; however,
several unknowns are also introduced. In particular, the shear-lag parameter, H,
and the constituent displacements, 4,(n) and 4;(n), must be determined. The latter
requiring the introduction of an assumed set of in-plane constituent shear stresses,
7(n,(). These shears are not to be confused with the interface shear stress, 7;(n);
rather 7(n, ) describes in-plane warping of the constituents. Note however that since
the shear-lag stresses [04(n), 01 (n) and 7;(n)] are based on the average displacements,
cross-sections of the RVE are assumed to remain plane under deformation. The
solution is formulated in this manner to reduce the problem to a single dimension. It
is worth noting that several of the shear-lag models differ only in the assumed form
of the constituent shear stresses, 7(n,{). Furthermore, given 7(n,(), the average

displacements may be determined from the assumed problem kinematics, e.g.

um) = [ [r(.0/(40) dc da (B.13)

where A is the cross-sectional area of the unit-cell under consideration. Equa-

tion (B.13) represents the reduction in the problem to one dimension.

It turns out that in its present form, Eq. (B.12) is not independent of Eq. (B.11)
due to the assumed kinematic relation, and therefore, an insufficient number of
equations still exists to solve the problem. However, in differentiating Eq. (B.12),
the desired solution is obtained. In particular, by differentiating Eq. (B.12) and
employing Eqgs. (B.10) and (B.11) and the proper kinematic relations, the following
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relation is obtained.

d20a(n)
dn?

6a - Alaa =H {A20' - (aa - ab)AT} (B14)

where Ay = [H|{VoE, + VoEp} [ {VE,Ep} and Ay = (V, + V;)/(EsV3). The latter
is recognized as the inverse of the volume fraction of constituent b (i.e. Ay =1/wy).
Equation (B.14) represents a second-order linear differential equation with constant
coefficients and whose solution yields one of the desired axial stresses. The two
boundary conditions for Eq. (B.14) are dependent on the damage configuration
within the composite. Typical boundary conditions are that the axial stresses must
vanish at the free boundaries (i.e. a matrix crack), and that the interface shear
vanishes along planes of symmetry. Finally, Egs. (B.10), (B.11), (B.12) and (B.14)
constitute four equations in four unknowns: o4(n), os(n), 7(n) and H. Hence, the

state of stress is now completely defined.

Under the current formulation, the two-dimensional constituent’ shear stresses

are assumed to be of the form shown in Eq. (B.15).

o €)= 81+ (¢ + 62) - 7(n) for constituent ‘a’ (B.15)
, 83+ (64/C — ¢ + 65) - i(m) for constituent ‘b’

The constants §; are dependent on the initial laminate geometry. Moreover, the
separation of variables is required for Eq. (B.13). The final stresses for the unidi-
rectional laminate are given in Eq. (B.16). These are the same as presented by Kuo

and Chou [106], but have been modified to account for fiber fracture. For brevity

the stresses in the cross-ply laminate are not shown, but can be found in chapter

TNote that the term constituent is used loosely in this text since it refers to not only the fiber
and matrix of the unidirectional laminate, but also the 90° ply and the 0° ply of the cross-ply
laminate. Refer to chapter three for more detail.

B-6




three.

o4, + G cosh (8n) [ cosh (B[L/2 — d]) bonded region
af(’l) = vf(l—a_ﬁj _ i_;z (L/2 _ |$|) debonded region
i {G cosh (fn) [ cosh (B[L/2 — d])} bonded region
Um
om(n) = :
() vy 27 (L/2 — |n]) debonded region
U T
o G sinh (Bn) / cosh ((L/2 — d)) bonded region
\n) =
Ti debonded region
(B.16)
where
o 27
o= {vfa -D) 77 Ed} (B0

The variable 3 is the shear-lag constant {106]; L is the crack spacing; d is the debond
length, and 7; is the frictional shear resistance in regions of fiber/matrix debonding.

7; 1s assumed constant.

From the above development, the composite stress-strain response is com-

pletely described by the Hookean relation given in Eq. (B.18)
g = E1 € (B18)

where o is the applied stress and ¢, is the strain of the composite. Since the applied
load is assumed to be aligned with the fibers in this case, E; represents the laminate
stiffness, i.e. £y = E.. In addition, for an intact fiber, the composite strain is defined

as the average strain in the fiber. Hence,

1
€ = m/Laf(x) dz + (ay — a.)AT (3.6)

where 2 is the axial coordinate defined along the fiber axis.
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B.8  Methodology

The methodology employed in the current study for modeling the CMC behav-
ior under quasi-static and fatigue loadings is illustrated in Figs. B.3 and B.4. The
solution algorithm is detailed in Fig. B.3 while Fig. B.4 provides a general overview
of the mechanisms which must be considered in the fatigue analysis. Note that both

rule-of-mixtures and shear-lag formulae are employed for analysis purposes.

Given G, Find Ucry,

Modified

Shear-Lag
R [eeeened

Determine
debond length

..................

Increment
crack spacing

Generate response Increase percentage
of fractured fibers

()

Determine
strain

l

€ Apply G

Figure B.3 Flow chart outlining the current approach used in generating the stress-
strain response for a ceramic matrix composite in which matrix crack-
ing, interface debonding and fiber fracture are considered.
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Figure B.4 Fatigue methodology




The fatigue behavior of a ceramic composite can be characterized by several
salient features: stress-strain hysteresis, modulus degradation, strain ratchetting,
and S-N behavior. Each of these are illustrated in Fig. 2.5. Stress-strain hystere-
sis refers to the size (e.g. width) and shape of the loading and unloading lami-
nate response which (numerically) describes a closed loop within the stress-strain
response (Fig. 2.5). The hysteresis is caused primarily by frictional sliding of the
fiber/matrix constituents in regions where the interface has debonded and, moreover,
the area enclosed by the loop represents the energy dissipated during the fatigue cy-
cle. Hence, the hysteresis loop is a good indicator for the magnitude of the interface
shear stress [100]. Similarly, decreases in the composite modulus are representative of
the formation of damages within the laminate microstructure. In particular, strain
ratchetting, which denotes the continuous evolution in residual /permanent strain, e,
results primarily from permanent slip of broken fibers. Finally, S-N plots define the
expected fatigue life (and fatigue limit) of a given composite and are generated by
plotting the maximum applied stress versus the maximum number of loading cycles
to laminate failure. As is common throughout the literature, the fatigue limit is
defined as the maximum allowable applied stress for which the laminate does not

fail over a standard fatigue life, defined here as one-million cycles.

Figure B.4 illustrates the analysis methodology employed in the current analy-
sis for modeling the fatigue behavior of the cross-ply laminates. The analysis calls for
a priori knowledge of the constituent and laminate properties, as well as the loading
conditions. Moreover, the principle mechanism contributing to the fatigue response
must be included in the analysis. For the present study, the major contributors to
the fatigue behavior are assumed to include the formation of damages (matrix crack-
ing, interface debonding, and fiber fracture); frictional slip along the interface; the
degradation in interface shear, and fiber pull-out which is the primary mechanism for
strain ratchetting. In addition to these phenomena, a means for predicting laminate

failure is required.
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As before, o, and ™m must first be obtained from a monotonic tensile test before
the fatigue behavior can be determined. In addition, the degradation of interface
shear, 7;(IV), during fatigue is required. Given o, 7 and 7;(N), the stress-strain
hysteresis and fatigue life may be predicted. Alternatively, 7;(N) may be estimated
by fitting empirical ¢,, hysteresis, and/or S-N data. This is desirable since the
degradation in interface shear is difficult to measure experimentally, and therefore,
such empirical data are unavailable at this time. Under the current analysis, the
laminate is assumed to fail when the energy available for pulling the fibers out of

the matrix, U,, exceeds the work required to do so, W,,.
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Appendiz C. Origin of Hysteresis

During unloading and subsequent reloading, hysteresis in the stress-strain re-
lationship will develop as a result of energy dissipated through frictional sliding
between the constituents of ceramic composites [47,149,189]. Hysteresis developing
from a completely debonded interface in the shear-lag formulation has been well
documented [153]. For a partially debonded interface in the present shear-lag for-
mulation, the analysis becomes slightly more complicated. This appendix develops
the unloading (and subsequent reloading) behavior of a partially debonded interface
based upon the shear-lag assumptions. Before presenting the analysis for the par-
tially debonded interface, the same is presented for a completely debonded interface

as a first step [153].

C.1 Completely debonded interface

The mechanics of frictional slip for a completely debonded interface is well
described by Pryce and Smith [153]. The fiber is forced to carry the entire load
along the plane of the matrix crack. Within this plane, the fiber obtains a maximum
stress value of o/vs. Away from the crack plane, the additional load is transferred
back into the matrix via interface shear stresses. Since the interface shear is assumed
constant, the rate of transfer of stresses between constituents also remains constant.
Provided the crack spacing is sufficient, the stress transfer will take place over a
distance z' at which point the constituent stresses will return to their original rule-
of-mixture values [153]. Since the rate of transfer of stresses is directly proportional
to 7;, ' may be determined. Pryce and Smith found z’ to be

= % [%%—?0 — a}hl (C.1)
where J}h is the residual thermal stress in the fiber. Further, it may be shown from

simple strength of material calculations that if the matrix is to remain stress free
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along the plane of the matrix crack, then for any applied load, frictional sliding, i.e.
relative displacement of points on opposite sides of the interface, will occur over the
entire distance z’. Note that slip will not occur in reality until the interface shear
stress exceeds some limiting or threshold value. However, in the shear-lag model
the problem has been reduced to one dimension (i.e. constituent’s shear stresses are
neglected), and if the normal matrix stress is forced to be zero at the boundary, slip

will occur for any stress value.

Upon unloading the interface shear now resists slip in the opposite direction
(counterslip). Such slip again starts near the plane of the matrix crack where the
constituent interactions first occur, and results mathematically in a sign change in
7; over a given distance y (Fig. C.1). Further the maximum distance over which
counterslip may occur is exactly one-half of the original slip distance (i.e. Ymaz =
z'/2). This is a common phenomenon associated with frictional joints [132]. The
magnitude of the shear stress resisting the counterslip is often assumed equal to the
original shear stress [8,153]. Realistically, this will not be the case especially when
one considers Poisson’s effects. Whichever is the case, as long as the magnitude of the
shear is known, y may be easily determined since both the stresses at the boundaries
and the rate of transfer of stress are known. Based upon Pryce and Smith’s work,

the resulting form is as shown below.

1), s (vm B ih
y =3 {:v o [vf 7 7 "0 (C.2)
Equation (C.2) assumes that the magnitude of the shear stresses are equal in areas

of slip and counterslip.

Upon reloading slip must once again occur near the crack plane to ensure a
stress free boundary in the matrix. This slip is assumed to occur over a distance z
which is given by Eq. (C.3). Figure C.1 illustrates typical fiber stress distributions

at the peak applied stress, omqs; after unloading to oy (< Omaz), and after reloading
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L2 X
Figure C.1 Fiber stress distributions for a completely debonded interface with fric-

tional sliding during loading (omaz), unloading (oy) and subsequent
reloading (o2). '

to 02 (< Oumaz, > 01). The main feature, to be noted, is that slip (counterslip) will
occur over a given distance required to satisfy equilibrium and continuity of stresses

and that the remaining portion simply unloads (or reloads) elastically.

. 1 P T‘f ’UmEm th
2=y 2{:1:—27',‘[’0]' 7,7 0 | (C.3)

C.2 Partially debonded interface

The above argument is also applicable to a partially debonded interface. How-
ever due to the shear within the bonded region, the relative magnitude of slip (coun-
terslip) will differ from the previous case. Figure C.2 shows the constituent normal

stresses and interface shear stresses for a partially debonded interface. Note that
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within the debonded region (z € [L/2 — d, L/2]) the shear stress is constant and

yields a linear transfer of constituent stresses.

Stress O/vf
Fiber
i CSt‘o
....................... o
P A ! Shear t ’ mo
Matrix ! T
,"l i__ S _ft:_i_,,,"_"_‘? \\\
Matrix d L/2 X

N
Matrix crack lﬁond

Figure C.2 Constituent stress distributions near a matrix crack for a partially
debonded interface. The interface shear stress, 7;(z), is also shown.

Clearly, based upon the formulation used in the development of the debond
length with 7; < 7, slip extends throughout the entire debonded region. Upon
unloading from a peak value of 0,4, counterslip will again occur near the plane of
the matrix crack over a distance y. To simply use the existing shear-lag equations
at the new stress level (¢ < 0pmqey) would incorrectly assume that a portion of the
model within the bonded region has not unloaded elastically {en(z,) # €(z,); o €
[0, L/2—d]} while unloading in surrounding regions has been elastic. In theory, what
must occur is that there will be a reversal of slip near the plane of the matrix crack

and the remaining areas must unload elastically. However, due to the large shear
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stresses within the bonded region, counterslip may occur over the entire debond
length. But since slip cannot occur in the bonded region, the maximum counter slip

distance is equal to the debond length, i.e. Y = d.

Upon reloading (to o3), slip again occurs near the crack plane over a distance
z. Three cases need to be considered here. For y < d, z is determined by ensuring 7;
evaluated at ¢ = L/2—d equals 7. For y = d and z < d, z is again determined such
that reloading within the bonded region is elastic and where |7;(z)| at z = L/2 — d
is still constant but now < 7. The resulting fiber stresses may be determined by
letting y = d in the previous equations. For y > d and z > d, the original shear-lag

equations are again valid.

C.2.1 Unidirectional Laminate.  Since 7; has been assumed constant in the
present analysis, as is typical of most studies [8,106,113], the extent of interface slip
during loading and unloading may be determined analytically {132,153,174]. For the
unloading portion of the cycle, the counterslip distance y may be calculated from
Eq. (3.45) by noting that the magnitude of the interface shear, 7;(z), at z = L/2 ~d
remains equal to 7, since the deformations within the bonded region are know to

be elastic. The analysis results in the following expression for y.

1 ]. vm am ]- T’U,lt
= — d_ - - *
=3 { 5! vf T + Btanh B(L/2—d) = } (C4)

Furthermore, the stresses within the fiber may be shown to be defined by the fol-

lowing set of equations.

os(z) = oy, + coshc[(;s(}}/(/ﬂ;)— 7] (Z—Tamo - %(d — 2y)) T € [0, g — d] (C.5)
af(x)=§—f+i—7;(x+2y—§) xe[g—d,g——y] (C.6)
of(z) = %-I—% (%—w) T € [g—y,g—] (C.7)
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Since slip cannot occur within the bonded region, the maximum counterslip distance

is equal to the debond length, i.e. Ymar = d.

Upon reloading, slip again occurs near the crack plane; this time over a distance
z. Three cases need to be considered here. For y < d, z is again determined by

ensuring 7;(z) evaluated at z = L/2 — d equals 7,;;. This results in the following.

1 1 vpom, 1 Tult
kA §{d_ ErfE ' + Btanh B(L/2 —d) = } (C.8)

In addition, the fiber stress for this case is given by Egs. (C.9) through (C.12).

oie) =+ iy (et S0 -2 =d) zelo; _(ﬂ )
9

q(:c)z%-ki—?(m-l—?(y—z)—é) xe[g—d,g—y] (C.10)
Uf(ﬁ):%+%<g_2z—$> we[g—y,-g-—z] (C.11)

o4(z) = :—f - %:— (:;’- ~5) ze [; 2 g] (C.12)

For y = d and z < d, the deformations within the bonded region is still elastic;
however, |r;(z = L/2 — d)| < 7. The maximum existing shear may be determined
from Eq. (C.4) by letting y = d and solving for 7,;. Moreover, the resulting fiber
stresses may be determined from Egs. (C.9) through (C.12) with y = d. Figure C.3
represents a sequence of normal (axial) fiber stress distributions during unloading
and reloading for both Y. < d and Y., = d. Note that in both cases, hysteresis

will develop during unloading and reloading.

For y > d and z > d, the original shear-lag equations [Eq. (3.45)] are again
valid, and more importantly the state of stress and composite damage is ezactly the
same as if the unloading never occurred. This is why under the assumed conditions of

repeated loading, the stress-strain response of coupons cycled to the same maximum
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Figure C.3 A time history representation of the normal fiber stress during un-
loading and subsequent reloading of a damaged composite where = €
[0,L/2]. In the above figures, matrix cracks are assumed to exist at
abscissa values of +1. Hence, for the figures shown, the fiber stress at

z = 0 has a magnitude equivalent to oy,. (a) Ymer < d and o = 400,
275, 150 and 0 MPa. (b) ymqez = d and o = 225, 150, 75 and 0 MPa.
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stress remain constant. In addition, the fatigue behavior and fatigue specific damages
cannot be modeled under the present conditions. Egs. (C.4) and (C.8) are valid under
the assumption that the interface is partially bonded, once the interface debonds fully

(i.e. d = L/2), the analysis must be re-evaluated as follows.

Once the interface completely debonds, the slip distances y and z can be
obtained by ensuring that the constituent displacement remain elastic in regions
where slip has not occurred. Furthermore, for the current shear-lag formulation,
the constituent stresses for the fiber and matrix, os(z) and o,,(2), are given by
Eqgs. (C.13) through (C.16) under the conditions of complete debonding and unload-

ing.

o 27

of(z) = m-k;(m-l—Zy—Lﬂ) for = €0,L/2—y] (C.13)
g 27’,’

() = —:—f%— (c+2—LJ2) for z€0,L/2—y]  (C.15)

on(z) = —Z_f% (Lj2—2) for z€[Lj2—y,L/2 (C.16)

Equations (C.17) and (C.18) represent the change in constituent strains for a

partial unloading from o, to o.

Aes = 2 L/2—y ; .

6f - EfL /o {Uf(m)lg_:gmaz - O-f(x)li;:g} T ( 17)
2 Lj2—y

Aep, = —EmL/o {O-m(m)lzzgma: - am(m)|Z:g} dz (C.18)

Based upon these results, the criterion for determining the slip distance for a com-

pletely debonded interface becomes

Aen — Aey = 0. (C.19)
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When considering Egs. (C.13) through (C.19), y is determined to be

1 ((omaz — 0) Emvom 75
{ = z, 'Uf(l—D)} for y<L/2

L/2 for y > L/2.

(C.20)

The reader may verify that Eq. (C.20) is equivalent to Eq. (C.2). During reloading
of the unit-cell, Eq. (C.19) may once again be applied. This time, the slip distance

z, is found to obey the following equations.

1 [(0 = Omin) Emvm 75 ‘
~ 9 Omin) EmVm Ty, L2
z= 4{ o B Uf(l—D)} or st

Lj2 for 2> L/2

(C.21)

Hence, Eqgs. (C.20) and (C.21) are used when the interface is purely frictional. A
known phenomenon associated with frictional joints is that during unloading, the
maximum counterslip distance is equal to exactly one-half of the original slip distance
[60,132]. However, for a partially bonded interface, this restriction is no longer
true [174] (reference appendix D). It is somewhat convenient to express the slip
distance in relation to the debond length (e.g. y/d and z/d). Denoting this ratio by
D, it may be shown that for a partially bonded interface,

1 | _ UmImls Tult loadi
]2 2v;md | miBdtanh|B(L/2 — d)] Hnioacing
D= . (3.123)
D, — = {1 = tmImo"s Tult reloadin
“T g 2v;md | m:AdtanhB(L)2 — d)] &

where D, is D at ¢ = 0ypin (unloaded), and for a completely debonded interface,

vamrf Omaz —
’Uf(l — D)ElL T
UmEmry 0 — Omin

vi(1=D)E.L 7

a) unloading
(3.124)

reloading.

[SCR I N
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Before presenting results for repeated loading conditions, note that Eqs. (C.4)
and (C.8) can be used to approximate the slip distances for a completely debonded
interface. For example, during unloading, Eq. (C.4) can be used to estimate y by
considering the limits as the interface debonds (d — L/2) and the interface strength

(which is a function of the bonding energy) vanishes (7,; — 0), i.e.

. . 1 1 vpom 1 Tult
1 1 —<d— —rj——= — C.22
dln% ratem0 (2{ 9'! vf T + ftanh B(L/2 —d) = }) ( )
or
1 1 v,o0n
=_—dd—-rj——=+4C 2
Y 2{ 27‘fo T; + } (C 3)
where the constant C is obtained by ensuring y vanishes at ¢ = 0,0, Equa-

tion (C.23) does not (mathematically) follow from Eq. (C.22); however, it does
provide a convenient link between Egs. (C.4) and (C.20).

C.2.2 Cross-Ply Laminate. ~ The frictional sliding which occurs along the
fiber/matrix interface during cyclic or repeated loading conditions determines in
large part the stress-strain and stress-strain hysteresis behavior of a ceramic matrix
composite. For a cross-ply laminate, the interface debonding and slip within the
0° plies is assumed to be the sole contributor to the hysteresis phenomenon. Fur-
thermore, interface slip occurs between the constituents over the entire debonded
region, and the extent of the slip is governed by the frictional resistance along their
common interface. During unloading, the constituents slip in the opposite direc-
tion over a discrete region, y. As shown in chapter four, the extent of counterslip
may be determined from equilibrium and displacement continuity relations. For the

cross-ply composite, y is found to be
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1 . 17'f _}_ b—I— d d ) _ TCOSh (/\wtl:::qs,») .
cosh(AL;/2) %

7 sinh ()\a:tlm:d)) — cosh(¢; — ¢,)sinh </\$t|z=¢‘>

* B sinh(¢; — @) cosh(AL:/2)
Tult 1 1
- E’I (tanh(qbz — &) t sinh(¢; — qﬁ,))} (C.24)

where ¢; = B(FL/2+d;) and j = r (right) if ¢ = [ (left) or j = [ if ¢ = r. Recall
within the cross-ply analysis, the fiber stress is not symmetric and therefore there
exists a left counterslip distance, y; and a right counterslip distance, y.. The reader
may verify that if a symmetric damage configuration exists within the representative
volume element (e.g. ¢; = —¢; and Ty, = —a:tlz=_¢j) and if or(z) ~ ¢4 with d
and 0% vanishing then Eq. (C.24) reduces to the unidirectional counterslip distance

[Eq. (C.4)].

During reloading, the frictional resistance will again reverse near the plane of

the matrix crack; this time over a distance z. It may be shown that

1 1 /b d cosh (/\.’Et$= )
g Lrs _( +d (o ))_T lo=g; 0

AU E e [y e T cosh(AL/2) I

T sinh ()\wtlmqu) — cosh(¢; — ¢, ) sinh ()‘xtlz=¢i)
B sinh(¢; — &, ) cosh(AL¢/2)

Tult 1 1
- B (tanh(¢1 — ¢r) * sinh(¢; — ¢T)> } ' (C.25)

Once again, with the proper assumptions, Eq. (C.25) reduces to the unidirectional

+

case [Eq. (C.8)]. Given y and z, the fiber stress may be easily obtained, and are

C-11




provided below. During unloading,
— 27
(=L/2)] + }I" (L/2+z) for z€[-L/2, —~L/2+y), (C.26)
f

{(—L/Q)}-I—%(?yl—l)ﬂ—:c) for ¢ € [<L/24y, —L/2+d], (C.27)

o¢(x) = cssinh(Bz) + ¢4 cosh(Bz)
T cosh ()\wtlz=z)

+o; for xe€[-L/24+d, L/2-4d,], (C.28)

cosh (AL;/2)
T/D7 + i—: Oy —L/2+2) for ce[L/2~dy, L)2—y],  (C.29)
{(L/2)}+i—7:(L/2—:v) for z € [L/2 —y,, L/2] (C.30)
where
77T = 1 b+d d
{(-=L/2)} = oy (1= D) { ;9 30T ($t|z=_L/2>} (C.31)
and
—_— 1 b+d d
{(L/2)} = /(1= D) { o~ 307 <$t|I=L/2)}- (C.32)
For the subsequent reloading,
(LRI - (/2 +e)  for el-Lf2 ~Lf242),  (C3)

I/ + i—: (L/2+2—22) for w€[~L/2+2, —L/2+y], (C.34)

T+ % @u—2}—L/2—2) for o€ [-L/2+y, —L/2+dJ, (C.35)
os(z) = cssinh(fz) + ¢4 cosh(Bz)

T cosh ()‘xtlzn)
cosh (AL;/2)

+o; for ze€[-L/2+d, L/2-4d,], (C.36)
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o7+ %’(2{% Cn}—L/242) for s€[L/2—dy, I)2—y], (C37)
77 + % (L)2 =2 —a) for z€[L/2—u, L2—2],  (C.38)
(/2] + -;7 (L)2—x) for z€[L/2—2, L/2]. (C.39)

For repeated loading, once the composite is reloaded to oymez, both y and z vanish.
Hence, the predicted strain at o = 0,4, is independent of the loading history. Ad-
ditional damage mechanisms need to be considered if the material response under

fatigue loading is to be modeled.

If the fiber/matrix interface is completely debonded then the slip distances y
and z may again be determined by ensuring that the constituent displacements are

elastic in regions where slip has not occurred, i.e.
Aem - Aéf =0 (019)

and where Egs. (C.17) and (C.18) are still applicable. The axial fiber stress is shown
below in Egs. (C.40) through (C.49) for the unloading and reloading conditions.
The axial matrix stress is determined from equilibrium [Egs. (3.52) and (3.53)]. The
axial fiber stress in the 0° ply of a cross-ply laminate with a fully debonded interface

during unloading is

os() = [=L/2)} + Q—f (Lj2+2) for z€[-L/2 —L/2+y], (C.AD)
oi(a)= L + 2 u—Lj2-)  for a€[-Liz+m, 0],  (Ca)
os(z) = (LD + i—; (@42, —L/2) for €0, Lj2—y], (C42)
os(z) = {TD] + ?—;- (Lj2-z) for ze(lj2—y, L2,  (C.43)
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and during reloading, these stresses become

oi(z) = {(=L/2)] — % (L)2+z) for zel-L/2, ~L/2+z], (C.44)

os(z) = {(-L/2)}+%(L/2_2z,+x) for @€ [~L/2+2, —L/2+uyl,

(C.45)

ofe) = LT+ - (=)= Lf2=a)  for a€[-L/2+y, 0],
(C.46)
os(z) = TT/DT + % 2@y, —2) = Lj2+3) for z€0, Lj2—1], (CAT)
oy(z) = (T/D] + %’(Lﬂ 9 —w)  for ce[L/2—y, L/2+47], (C48)
o1(z) = {T/DT - %(L/Q —a)  for w€[L/2—z, Lj2.  (C.49)
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Appendix D. Shiding Along Frictional and Non-Frictional Interfaces

The following presentation illustrates that for a purely frictional interface in
which the shear stress is assumed éonstant, the maximum counterslip distance which
may develop during unloading is exactly one-half of the original slip distance. For
non-frictional interfaces, the counterslip distance may be larger. Note that the devel-
opment presented in this appendix is intended to be neither mathematically rigorous
nor descriptive of the problem mechanics of a composite interface; rather is thought

to be an interesting treatise.

The development assumes that one-quarter of the representative volume ele-
ment can be modeled as an infinite sequence of frictional blocks and linear springs
(Fig. D.1). The lower series of blocks in Fig. D.1 represent the fiber region. These
blocks are numbered 1,2...n. Similarly the upper blocks represent the matrix and
are numbered n + 1,n + 2...2n — 1. The spring stiffnesses are A and B for the
matrix and fiber respectively. The shear stresses which develop along the interface
for each pair of blocks (matrix and fiber) are denoted 71,72...7,-1. Relative dis-
placements (Z1,Z; - - - Ta,—1) are given by (fixed) local coordinates (z1,z2 - T2n—1).
From symmetry, Z1,Z,41 and 71 are all zero. In addition, the composite interface is

assumed to be completely debonded.

As the applied load, F, is increased from zero, individual pairs of blocks will
displace with no relative slip initially between them. For this condition, the interface

shear stresses are given by

0 for k=1,2...n—2
Tk = (Dl)
KF for k=n-1

where K = A/(A + B). Eventually 7,,_; will exceed the ultimate frictional resistance
of the blocks, 7,:. At this point, blocks n — 1 and 2n — 1 slip and the shear stresses
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Figure D.1 Representative model using an infinite number of frictional blocks and
linear springs.

become
0 for k=1,2...n—3
= KF—7y  for k=n-2 (D.2)
Tult for k=n-1

when the second pair of blocks [n — 2 and 2(n — 1)] slip, the shear becomes

0 for k=1,2...n—-4
Te =4 KF — 21y for k=n-3 (D.3)
Tult for k=n-2,n-1

and so on.

D-2




The corresponding block displacements are given by the following:

( 3\

0
[ n—1
1
&1 -
572 [ n—1 1
£ |(n—4)F — (n—5).24n— (n—=6)Ty_5 — - — 213 — T2
_ i =1 1
Tn-3 Lin=3)F—(n—4) >, ni—(n—=5)Tpeg — -+ =213 — T
7 1=n—3
Tn—2 = 1 B
Tp1 2 ln=2)F—(n=3) Y ni—(n—4)rp 33— =211
i=n—2
4 T b ) N
o L{(n—1)F = (n —2)Tu1 — (n = 3)Tyog — -+ — 275 — 7]
a_:n+1 0
jn+2 n—1
. %}; T
Ton-3
n—1
Ton—2 +|(n—4) i+ (n=5)Tnat - +2m3+ 7
i=n—3
L ZTon-1 ) n—1
L|n=3) > i+(n—Tms+ - +2m+ 7
t=n—2
(=21 +(n—3)Tnoa + - + 273 + 7] J

In order to ensure that maximum slip and counterslip occur, a load sufficient to
cause T = Ty will be applied. That is, at the maximum applied load, Fj,q4, all but
the last two pair of blocks (1 & n+ 1 and 2 & n + 2) are assumed to slip. Further,
blocks 1 & n + 1 can never slip and for any load greater than F),,,;, blocks 2 & n + 2
will slip. This requires Frnor = (n — 2)7u:/ K. Now define, §; = Z;,,,, —%; where Z; .,
is the maximum displacement for the :** block (i.e. displacement at F,,.;). Let ;...
denote Z;,_,, — Z; evaluated at zero load. Further note that maximum counterslip
will occur between blocks n — 1 and 2n — 1. Let ¢ represent the (maximum) ratio of

the final slip distance (ie. at zero load) over the original slip distance (ie. at F,z)
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for these blocks. That is

_original slip distance — counterslip distance

D.4
v original slip distance (D-4)
or
a—:n_lmaz - gn_lma:c — 'i‘zn_lmaz - g2n_1maz)
b= ( i ) (_ . (D.5)
xn_lmaz’ - x2n_1maz
Substituting in the proper displacements, it can be shown that
2(n-1) nf2—1
> k=2

b = i A i (D.6)

"3 (n-2)n—-3)+K’
; - (BK)?

For K greater than 0.05, the limit of ¢ as n — oo is 1/2. Hence the maximum
reversal of slip is one-half of the original slip distance. As expected, ¢ vanishes for

A or B zero. For ceramic matrix composites, K € (0.3,0.5).

A partially bonded interface may be modeled by restricting slip between a
pair of blocks and allowing the shear to exceed 7,;. For the special case of n = 6,
K = .32, and 7, = 27y, ¥ was found to be 1/3. Similarly, with 75 = 107y,
¥ = 0.05 and with 7, = 100007, ¢» = 0.00005. Hence it may be surmised that for a
partially debonded interface ¢ € [0,1] whereas for a completely debonded interface
¥ € [1/2,1]. Although admittedly not a proof, the preceding analysis has given some
support to the original hypothesis that the maximum counterslip for a completely
debonded interface is exactly one-half of the original slip distance whereas counterslip

may extend over the entire slip distance for a partially debonded interface.
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Appendiz E. Critical Matriz Strain Energy (CMSE) Failure
Criterion

This appendix examines, in detail, the critical matriz strain energy (CMSE)
criterion used within the present study to determine the evolution of matrix cracking
in ceramic matrix composites as initially presented in chapter three. In summary,
the instantaneous crack spacing, L, is determined by ensuring that the matrik strain
energy remains constant once it obtains some critical value. Mathematically, this
criterion is represented by Eq. (3.117) where the left hand side is the instantaneous
matrix strain energy; U,,  is the critical matrix strain energy, and o, is the critical

composite stress.
Un, + Un(L) = U, for all o > o, (3.117)

Under the current analysis, the initial crack spacing, L., must be estimated by
means other than Eq. (3.117) since for ¢ = o, multiple solutions exists. In fact,
computationally, an infinite number of solutions exists. As such, a technique for
estimating L;,;; is presented in this appendix. Also, a detailed discussion of how the
matrix strain energy varies with loading; interface debonding and matrix cracking is
provided. In particular, several matriz strain energy versus crack density plots are
presented. These plots portray a unique representation for the CMSE criterion in
which bounding limits for the crack density and expected trends in the predicted
crack density evolution can be obtained. Following this presentation, the CMSE cri-
terion is compared with more traditional fracture mechanics approaches. Advantages
and limitations of both techniques are provided. In the final section, the models sen-
sitivity to several material parameters (e.g. 0., 7; and 7;) is investigated. First,

however, an introduction to the CMSE criterion is presented.
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E.1 Development of the Critical Matriz Strain Energy

In previous analytical studies, two failure criteria for predicting matrix crack-
ing have been widely used: maximum stress (or strain) theories [28,37,113], and
classical fracture mechanics approaches [20,130,196]. The latter includes both the
energy balance formulation as originally proposed by ACK [8], and the classical stress
intensity factor approach [127]. Although the simplicity of the maximum stress cri-
terion is appealing, it typically results in rapid saturation of matrix cracking with
small increases in loading. That is, the evolution of matrix cracking occurs over a
very narrow stress range. This results in a “stepped” stress-strain response which is

not seen in experiments of CMCs [193].

Classical fracture mechanics approaches have yielded an extensive amount of
information on the mechanics of matrix cracking. These may be used to determine
closed-form solutions for the matrix crack spacing [20,179,201]. In addition, several of
these approaches provide lower bounds for the initial matrix cracking stress as well as
estimates for the saturated crack spacings (i.e. upper bounds) [8,20,127,130,179,196].
One approach presented by Weitsman and Zhu [201] employs a matrix cracking
criterion analogous to Budiansky et al[20] to determine the crack densities for a unit-
cell similar to the one used in the present study (Fig. 3.7). Their analysis involves
comparison of the energies associated with two damage configurations (“state I” and
“state II”, Fig. E.1), under constant stress, and assumes the additional matrix cracks
(state II versus state I) develop once the available energy (shown as shaded region
in Fig. E.1) is sufficient for the crack formation. The crack density of state II is

assumed twice that of state I.

With the current shear-lag formulation, this cracking criterion is represented
by Eq. (E.1).
(W— U)[ = (W— U)H-{—AAmchn +AAdbg§b (El)
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Figure E.1 Matrix cracking criterion based upon a classical fracture mechanics
approach.

where W and U are the work and energy terms appropriate to the assumed damage
laminéites, and the areas associated with the newly formed matrix cracks and debonds
are denoted by AA,, and AAg, respectively. The terms g°, and g¢§, are the critical

strain energy release rates for matrix cracking and debonding, respectively.

Note that the work term (W) includes both the work of the external trac-
tions (Wr) and the work of the frictional forces along any debonded regions (W;,)
[Eq. (E.2)].

W = Wrp — Wy, (E.2)

or more specifically,

o€ dvsm; L/2
W=e—n— — 5 dz. E.
VU VT LH JLj2-d 7i(z) dz (E.3)

Additionally, the total strain energy (U) includes components from the fiber (Uy),
matrix (U,,) and (bonded) interface (U;) [Eq. (E.4)].

U=Us+Upn+U (E.4)
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For the present shear-lag model, these energies are

L2 (v 0f(z)  on(e) | 205
- / { )4 = 4 2(z) b de. (E.5)

vm Ey Tt H

Finally, note that from Eq. (E.1), the critical energy release rates g, and g5, are
required to predict the instantaneous crack spacing, L. Unfortunately, some uncer-
tainty regarding the magnitude of these parameters for CMCs exists [37]. Estimates
for g¢, range from the monolithic (matrix) value to far less [37,201]. The fracture

energy associated with debonding is even more difficult to quantify.

Weitsman and Zhu {201] considered several values of ¢¢, ranging from 44 N/m
to 5 N/m in their analysis of a unidirectional laminate of a CMC system, silicon
carbide fibers reinforced in a calcium-aluminosilicate matrix (SiC/CAS). In addition,
they assumed that the fiber/matrix interface was not bonded (g5, = 0.0). In the
present study, the same CMC system is investigated and the critical energy release
rate for matrix cracking (g¢,) is initially assumed to range from 50 to 20 N/m. 50
N/m is the measured value for unreinforced CAS and the value of 20 N/m is based
upon work by Curtin [37]. As in the previous study {201], no toughness is associated
with the fiber/matrix interface (i.e. g5, = 0.0).

The stress-strain and crack density versus applied stress response for the unidi-
rectional SiC/CAS laminate are shown in Figs. E.2 and E.3 for several values of ¢¢,.
These results are computed from the present shear-lag formulation and the cracking
criterion in Eq. (E.1). Note that in order to compare this criterion of matrix cracking
[Eq. (E.1)] with empirical data, as well as the proposed approach, Eq. (E.1) is imple-
mented in the analysis at ¢ = 200 MPa with an initial crack density of 0.747 1/mm.
The stress level of 200 MPa corresponds to the laminate’s proportional limit, o,
and the crack density value of 0.747 1/mm is based upon experimental data at this

load level [103]. Weitsman and Zhu employed an initial crack spacing of 30,000 r; at

E-4




zero load. However, under the present study, the composite is assumed undamaged

for stresses below the proportional limit.

Stress (MPa)
3

200 | 0\ experimental values [103]
A ——1F—— present CFM: 50 N/m
150 3 A —V— present CFM: 40 N/m
100 2 %# ——O—— present CFM: 30 N/m
| ——O—— present CFM: 20 N/m
50 o present CMSE
O ‘ s : i : | L L s ) Il L L . ! 1 . ! L s | L
0.000 0.002 0.004 0.006 0.008
Strain (m/m)

Figure E.2 Stress-strain response of a unidirectional SiC/CAS laminate. Experi-
mental data are from reference 103. Predicted results determined using
the current micromechanics model and a classical fracture mechanics

(CFM) cracking criterion with ¢S, = 50, 40, 30, and 20 N/m and the
critical matriz strain energy (CMSE) criterion.

As illustrated in Fig. E.3, little matrix cracking is predicted with a critical en-
ergy release rate, g¢,, of 50 N/m. More specifically, the failure criterion [Eq. (E.1)]
is only satisfied once before the ultimate strength of the composite (425 MPa)
is reached; thus allowing the crack density to double from 0.747 to 1.494 1/mm
(Fig. E.3). The limited matrix cracking causes the predicted stress-strain response
to be a fairly linear relationship, as expected (Fig. E.2). On the other hand, for
g5,=20 N/m, extensive matrix cracking is predicted. However, as in the case of
maximum stress theory [113], the evolution of the matrix cracks occurs over a nar-

row stress range (Fig. E.3), and results in a stepped stress-strain response (Fig. E.2).
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Figure E.3 Crack density versus applied stress for a unidirectional SiC/CAS lami-
nate. Experimental data are from reference 103. Predicted results de-
termined using the current micromechanics model and a classical frac-
ture mechanics (CFM) cracking criterion with g, = 50, 40, 30, and 20
N/m and the critical matriz strain energy (CMSE) criterion.

The range over which crack densities are predicted is greater for g5, = 30 and 40 N/m
than in the other cases (¢, = 20 and 50 N/m); however, the continuous progression
of damage as observed in experiments is not captured with this damage criterion of

matrix cracking (Figs. E.2 and E.3).

The analytical results in Figs. E.2 and E.3 may be improved if other factors (e.g.
flaw size, crack location and environmental effects) are considered [179]. However,
consideration of these factors further complicates the modeling process especially
for fatigue involving thousands or millions of cycles. Therefore within the scope of
the present study, where a simplified matrix cracking criterion is sought for both

monotonic and cycling loading conditions, an alternate solution is desired.
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The fracture mechanics solutions shown in Figs. E.2 and E.3 are generated
under the assumption that the crack density doubles each time the failure criteria
[Eq. (E.1)] is satisfied (i.e. Ly/Lyr = 2) [201]. In order to examine the effect of this
assumption on the development of crack densities, the previous analysis [201] may
be modified to consider a more continuous progression of crack growth by allowing
the ratio L;/Ljs to be arbitrary. To avoid violating the steady-state assumptions of
the continuum approach [20,127], “state I” is assumed to remain fixed at a reference
state chosen in the present study at the critical composite stress, oo (Fig. E.4).

With this modification, Eq. (E.1) becomes
(W —=U)er = (W = U1 + AAmgy, + AAagy,. (E.6)

This approach is computationally less efficient since the external work in Eq. (E.6)

State I State I1
Critical State (cr)
. 0'cr ¢ o 4\
g
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€
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Figure E.4 Incremental crack growth model.

must be determined numerically. Additionally, this approach may initially violate the
assumptions of the continuum approach if Ly; ~ L., [127]. However, given an initial
damage configuration (L, d) at 0., and the appropriate critical strain energy release

rates (g%, 9% ), the matrix crack spacing may be determined analytically at any stress
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level from Eq. (E.6). Crack density and stress-strain solutions are determined in this
manner; however, no improvement over the previous analysis [201] is found. The
progression of matrix cracking is again found to occur over a very narrow stress range
which results in a stepped stress-strain response as is observed with the previous

cracking criterion [Eq. (E.1), Fig. E.2].

With only limited success from the fracture mechanics approach [Egs. (E.1) and
(E.6)], empirical crack density data is next used to examine how the work and energy
terms associated with the external work, frictional dissipation, matrix cracking and
interface debonding [Egs. (E.2) and (E.4)] vary during loading with the current shear-
lag formulation. Such data are useful in understanding how energy is dissipated and
redistributed between the constituents during the formation of damage. Further, the
non-dimensional quantities represent a convenient way of monitoring these variations
by normalizing the instantaneous value by their magnitude at the critical stress, o,.
These parameters, Wr/Wep., Wi [Wer ., Upn [ U, Uz /Ue,, and U; /U,,,, are plotted
as functions of the applied stress for a SiC/CAS composite in Fig. E.5. The results
in this figure are generated using empirical crack density data from reference 86. It
is interesting to note that in Fig. E.5 the normalized matrix strain energy, U,,/Us,.,
remains fairly constant throughout the loading process once damage initiates (i.e.
o > 0.). Readers should keep in mind that there are several factors which could
influence this variation of Uy, /U,,_, such as scatter in empirical matrix crack density,

fiber/matrix debonding, etc. Underestimating the extent of debonding will cause the

magnitude of U,,/U.,, to be overestimated, or vice versa.

Based upon the above findings, a simple matrix cracking criterion is proposed
which assumes that for any loading beyond the critical stress, the matrix strain en-
ergy remains constant to a critical value {174,175]. This damage criterion is referred
to as the critical matriz strain energy (CMSE) approach, and has proved successful
in modeling both the nonlinear laminate stress-strain response, as well as the con-

tinuous progression in matrix cracking [174,175]. In general, the CMSE criterion
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Figure E.5 Variations in the work and energy terms due to microstructural
damages.

states that matrix cracking at any stress level o; with the average crack spacing of
L and having a fiber/matrix debond length d (Fig. 3.7) will occur when the matrix

strain energy is equal to its critical value, U, _, i.e.
Uny + Un(L) = U, (3.117)

The critical matriz strain energy, U, , is defined as the strain energy in the matrix

at the critical composite stress, o,,.

In Eq. (3.117), U,,, is the matrix strain energy which would exist if the com-

posite was undamaged, i.e.
1 2
U, = §AmL2m°, (E.7)
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and the term U, (L) accounts for the decline in the matrix strain energy due to

the presence of the microstructural damages. Also note that since the matrix strain
energy is defined by Eq. (E.8), the left hand side of Eq. (3.117) can be determined
using Egs. (3.45) and (E.8).

1 Lz
Un = 55~ / ) /_ 1 Onl@) de A (E.8)

Performing the math, the instantaneous matrix strain energy is found to be

U, = ;—2::-——;%7 {(H +48d/3) (rooyd)* + (B(L/2 — d) + H/4 — 2G) -

(VT $Omy )2 — d TfORVsTiOm, (H — 4G)} (E.9)

where G = tanh [3(L/2 — d)] and

e B(L — 2d) + sinh[B(L - 2d)]. (E.10)
cosh [B(L/2 — d)]

An importanf computational note is that as L — oo, G — 1 and H — 2. Fur-
thermore, as d — L/2, both G and H vanish. Also note that for the current CMSE
criterion, the volumetric matrix strain energy is considered rather than the matrix

strain energy density, i.e. per unit volume, as in the previous case [201].

Under the CMSE criterion, by letting U,, in Eq. (E.9) equal U,,_, the average
crack spacing can be determined for any applied stress. However because of the
non-linear nature of Eq. (E.9), L is determined iteratively. In particular, at each o,

an initial guess for the crack spacing is made according to

Ln+1 = Ln - (Ln—l — Ln) . (Ell)
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After the initial guess, if Eq. (3.117) is not satisfied, the solution is updated itera-
tively, with index ¢, until the criterion is satisfied [Eq. (E.12)].

Um' - Ucr
Lijwv=Li+V; (—U—ﬂ) (E.12)

where V is a dynamic variable tuned to speed the rate of convergence.

Accounting for matrix failure in this manner allows for a more accurate repre-
sentation of the average instantaneous crack spacing as compared to other existing
(analytical) failure criteria. For example, consider the evolution of matrix cracking

and the representative models shown in Fig. E.6. Since no restriction is placed on

L/1.15

L/i32

b ad

=

Composite Unit-Cell

Figure E.6 Unit-cell representation of the average matrix crack spacing as predicted

by the CMSE criterion.
the location where new matrix cracks must form under the CMSE approach, an infi-
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nite number of crack configurations are possible. On the other hand, for the criteria
set forth by Daniel et al [40] and Zhu and Weitsman [212], the representative model
decreases in size only discretely since the respective failure criterion assume that the
crack density doubles whenever the criterion is satisfied (Fig. E.7). Therefore, for the
composite damages illustrated in Figs. E.6 and E.7, the present CMSE solution is
able to more accurately model the continuous evolution in matrix cracking (Fig. E.6)

whereas, the other approaches are only able to capture discrete steps (Fig. E.7).

L2

B
e

Composite Unit-Cell

Figure E.7  Unit-cell representation of the average matrix crack spacing as predicted
by criteria which assume that the crack density doubles whenever the
criteria are satisfied.

Since the volume of the shear-lag model varies with matrix cracking, care
must be taken to ensure that equivalent volumes (Fig. E.1) are considered when

applying Eq. (3.117). The stress-strain and crack density versus applied stress plots
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resulting from the present shear-lag approach using this criterion of matrix cracking
[Eq. (3.117)] are shown in Figs E.2 and E.3, and they are in good agreement with
their experimental counterparts. Further, they show a great improvement over their
counterparts obtained from matrix cracking criterion based on the fracture mechanics
approach, Eq. (E.1). Also the predicted stress-strain relationship does not result in

a stepped response as in the previous analytical case.

Equation (3.117) has proven to be an effective technique for estimating the in-
stantaneous crack density in unidirectional composites. As is evident from Fig. E.3,
results from the CMSE method are in very good agreement with their experimental
counterparts. For this reason, the critical matrix strain energy criterion is employed
also in the analysis of cross-ply laminates. That is, crack propagation in the trans-

verse plies is assumed to be governed by a critical energy as shown by Eq. (3.118).
Ur, + UT(L,;) = Uch (3.118)

where Ur, is the rule-of-mixtures (transverse ply) strain energy for an undamaged
laminate and Ur(L;) accounts for the transfer of energy upon damage formation.
The critical strain energy is U,,, and is assumed to be a material constant. The

parameter L; is the average crack spacing of the transverse plies.

Moreover, prior to the development of any damage of the 0° plies, the strain

energy in the 90° plies due to transverse cracking is found to be

o\ 2 :
UT:‘;‘stEz (a_T) {1 4 {1/\Lt+smh(/\Lt)

2 — tanh (AL . _
E, M, |8 Teosh(\L /2 ( t/2)]} (E.13)
Note that Eq. (E.13) is of the same form as Eq. (3.118), i.e. Ur = U3 +Ur(L¢). Once

damages form within the 0° plies, the strain energies are determined numerically from

Egs. (E.14) through (E.16).

1 D=L\ . (L2 od(zy)
Up == (1 ) d / o\ 4 .
T=35 + I ne B T (E.14)
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f 2 v /L/z Ef ( )

Note that the current critical matriz strain energy approach is fundamentally
different than the traditional fracture mechanics approach. This has many advan-
tages. For example, the CMSE approach eliminates dependence on parameters g,
and ¢§, which are difficult to evaluate. Further, no consideration to variations in flaw
size and crack location is required. With the proposed approach, only the critical
composite stress, o, is required to determine the average crack spacing analytically.
In addition, interface debonding and fiber failure are easily incorporated into the so-
lution scheme. For the current analysis, transverse cracking is governed by a critical
strain energy limit in the 90° ply, U,,; matrix cracking by U,,, and fiber failure, as

discussed in appendix F, is governed by its own critical energy U,

E.2 FEstimation of the Initial Crack Density

For the present study, the stress-strain response is predicted using two inde-
pendent algorithms. For applied stresses below the critical composite stress (i.e.
o < 0¢ ), the rule-of-mixtures (ROM) solution is employed. For ¢ > o, the shear-
lag analysis is used in order to account for laminate damage. In dividing the solution
algorithm into two schemes, ROM and shear-lag, the analysis code becomes more
efficient since crack density data for o < o, (i.e. left of point ‘c’ shown in Fig. E.8)
does not need to be estimated. However, the initial crack spacing, L;i;, at ¢ = o,

must be determined for the CMSE failure criterion.

To better understand how L, is calculated, recall that the instantaneous
matrix strain energy, Uy, (L), can be written in terms of the undamaged strain energy,
Unm,, plus an additional term which accounts for the fact that energy is transferred

between the constituents because of existing damage. Experimentally, the energy

E-14




Stress ROM Crack
- - Spacing
G et a/ .. .
or b Experiment
e
init
.9
Strain

Figure E.8 Typical stress-strain and crack density development within a brittle
fiber-reinforced composite. A rule-of-mixtures stress-strain approxima-
tion is also shown.

transfer manifests as a deviation in the composite’s stress-strain response from its
linear ROM approximation (Fig. E.8). Numerically, of course, the energy transfer can
be monitored directly. For example, Fig. E.9 shows the deviation in the matrix strain
energy at o, for various crack spacings. The strain energies have been normalized by
the undamaged matrix strain energy U, ; hence, the ordinate value of 1.0 represents

critical matrix strain energy, U,,, if o = o,,.

~ For the current analysis, the initial crack spacing is chosen such that the
strain energy of the damaged configuration is “close” to the strain energy in the
undamaged configuration Up,,. For example, for a deviation of three percent (i.e.
Uer,, = 0.97 U,,,), the predicted crack density matches well with the empirical data
presented by Kuo for a SiC/CAS system [103]. In both cases, the crack density is
determined to be 0.747 1/mm for o, = 200 MPa. For the present study, a con-
stant deviation of one percent, U, = 0.99 U,,,, is used for all cases. Under this

condition, the initial crack density is determined to be 0.26 1/mm for the SiC/CAS
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laminate (Fig. E.9). By limiting the deviation in the matrix strain energy, the
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Figure E.9 Deviation, away from the critical matriz strain energy, in the matrix
strain energy as a function of crack spacing. The plot is for a constant
critical stress value of 200 MPa.

stepped appearance! of the stress-strain response is reduced. The change in the ini-
tial crack density between the two cases (0.26 1/mm versus 0.747 1/mm) has only

a slight effect on the composite response (Fig. E.10).

Once the initial crack spacing, L;n;, is determined, the instantaneous crack
spacing at any stress level follows directly, and efficiently, from Eq. (3.117). Hence,
under the current CMSE criterion, any energy placed into the system via loading is
transferred to the fibers though the formation of new matrix cracks, the propagation

of existing cracks, and fiber/matrix debonding.

tThe “stepped” appearance results from the transition from the rule-of-mixtures analysis to the
shear-lag analysis. The size of the step is represented by the horizontal spacing between points ‘a’
and ‘b’ in Fig. E.8.
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Figure E.10 Stress-strain predictions for a unidirectional SiC/CAS laminate. The
initial crack density of 0.26 1/mm corresponds to U, = 0.99 U,,
and the initial crack density of 0.747 1/mm corresponds to U, =
0.97 Up,,.

E.3 The CMSE Criterion and Its Relation to Variations in the Matriz Strain En-
ergy

A convenient format for representing the critical matriz strain energy (CMSE)
failure criterion is found in plotting the matriz strain energy versus crack density
for various levels of applied stress. The range for the applied stress is reasonably
chosen as 0., < 0 < ou;. A typical plot is illustrated in Fig. E.11. The broom
shaped appearance of Fig. E.11 proves to be an important representation for the
CMSE criterion. In particular, the intersection of the broom bristles and the (dashed)
horizontal line in Fig. E.11 provides information on the expected evolution of the

crack densities predicted by the CMSE criterion. In addition, the bounding limits of
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Figure E.11 Matrix strain energy versus cracks density at various levels of applied
stress. The CMSE failure criterion is represented by the horizontal
dashed line.

the crack densities are easily obtained. In Fig. E.11, the crack density (CD) limits,
for example, are denoted CD;,;; and CDy,; for o, and o4, respectively. Note
that once the interface completely debonds, the matrix stress, and consequently the
matrix strain energy, is independent of the applied load. The matrix stress for a
completely debonded interface has been derived many times for the one-dimensional
micromechanics model [153]. For the shear-lag model, the interface is not only
assumed to be completely debonded, but also to have slipped completely. This is a
reasonable assumption under the maximum stress debonding criterion used in the

present study. Under these conditions, the matrix strain energy is

1 VT 2 1 V§T; 27 1\2
o= A (oY s L (o)L |
6L, (vmrf) L 6E,, (vmrf) CD (E.17)

The reader will note that Eq. (E.17) is independent of the applied stress, o.

The utility of the broom plots is that even though the broom moves around as
input conditions change, the crack densities which will be predicted by the CMSE

criterion are always defined by where the broom intersects the line U, /U, =1.0.




Hence, in theory, the broom plots are an effective method for investigating the impact
of different input parameters on matrix cracking. In addition, these plots point out
the expected limitations of the CMSE failure criterion. These are discussed later in

this section

In general, the shape and location of the broom is dependent on the laminate’s
composition and residual properties (e.g. fiber volume fraction, interface strength,
and residual thermal stresses). However, since matrix cracking is coupled with the
other damage modes, the salient features of the broom are also dependent on the
extent of debonding and fiber failure. The remainder of this section investigates the
influence of debonding on matrix cracking. As would be expected, the two modes

are highly coupled.

Figure E.12 illustrates the dependence of matrix cracking on interface debond-
ing. In particular, four plots are generated: d = L/2, d = 16 vy, d = 8 r; and
d = 0. For each plot, the debond length is held constant. For convenience, the ratio
Up /U, is plotted against Ly,;/L where L, is the bounding limit obtained from
the classical ACK analysis, i.e.

T Unm Em
—————0¢r.
277 L% E1 CT

Ly = 1.337 (E.18)

Clearly, from Fig. E.12, the crack densities predicted by the CMSE criterion change
dramatically with debonding. Two cases of particular interest occur when the inter-
face is completely debonded (i.e. d = L/2) and when it is fully bonded (i.e. d = 0).

These are now considered.

The first case considered is for a completely debonded interface, d = L/2. The
broom plot for this situation in given by the first (upper left) plot in Fig. E.12.
Note, that in this case, the CMSE criterion is satisfied at only two points: L =
Linit and L = L, By definition, these correspond to the conditions ¢ = ¢, and

0 = 04, 1espectively. In addition, because of how U, is defined, the first point,
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Figure E.12 Broom plots for d = L/2,d =16 r¢, d = 8 ry and d = 0. In each case,
the debond length is held constant.

(Un(L) = Ue,,, L = Linit), is always a solution. Based on the shape of the broom
plot in Fig. E.12, it is apparent that for an incremental increase in applied stress, the
predicted crack density will jump from CD;,;; to CDy,:. Hence, an extensive amount
of matrix cracking occurs instantaneously. This is the same as the classical solution

for a debonded interface as formulated by Aveston, Cooper and Kelly (ACK) [8].

The other limiting solution is obtained when the interface is fully bonded (i.e.
d = 0). The broom plot for this configuration is given by the last (lower right) plot

in Fig. E.12. Tt is clear from this figure that an extensive amount of cracking will
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be predicted. This is to be expected since for a bonded interface the applied load is
readily transferred between the constituents, and therefore, the stress in the matrix
increases much faster than in the debonded case. Hence, the final crack densities for
a fully bonded interface can be expected to be much larger than for a completely
debonded interface. The same argument can be made for a fully debonded interface
with a high interface shear strength, 7;, versus a debonded interface with low interface
shear. The fact that the broom bristles are approaching horizontal indicates that for
a completely bonded interface, the evolution of matrix cracking is again very rapid.
That is, large decreases in the crack spacing can be expected for incremental rises
in stress. In contrast to these two limiting cases (d = L/2 and d = 0), the CMSE
crack density evolution for a partially bonded interface (second and third plots in

Fig. E.12) are well defined and representative of empirical trends.

Unfortunately, Fig. E.12 does not provide a complete picture for how the crack
densities will evolve under the current formulation since the debond length will vary
with loading. Recall, that for each of the four plots in Fig. E.12, the debond length
is held constant. Figure E.13 shows several broom plots which are generated using
different debonding criteria. As expected, debonding plays a large role in the crack

density evolution.

For the upper left plot in Fig. E.13, the debond length is held constant at each
applied stress level, but is allowed to increase as the applied stress increases. The
formula used in determining d is shown in Eq. (E.19) where I'; is a constant which
varies linearly with ¢ and has end conditions: I'y = 0 for ¢ = o, and I'y = 1 for
0 = Osat-

d=T40L/(20.) (E.19)

The second plot (upper right) in Fig. E.13 is generated using a debond criterion
which assumes that the ratio d/L remains constant and independent of the applied
stress. In particular, it is assumed that d = L/100, independent of o. For the third

case (lower left), the ratio of d/L is again held constant at each stress level, but this
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Figure E.13 Normalized matriz strain energy versus crack density for several
debond criteria.

time, the ratio is assumed to increase with the applied load (e.g. for o = 200 MPa,
0 < 2d/L < 0.01, for ¢ = 205 MPa, 0.01 < 2d/L < 0.05, etc). The last plot in
Fig. E.13 is generated using a simple maximum stress debonding criterion similar to
the one used in the current analysis, however, the solution is limited to one step in

the Newton iteration scheme.
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Even though the broom plots provide information for the evolution of matrix
cracking,! as predicted by the CMSE criterion, the manner in which the information
is presented is somewhat inconvenient. The best approach for examining such data
is, of course, simply to plot the predicted crack density versus the applied stress

plots. Such results for various levels of debonding are shown in Fig. E.14. For each
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Crack Density (1/mm)
L =)

>

012 14 16 18 2

Applied Stress / Critical Stress

Figure E.14 Crack density versus normalized stress as predicted by the CMSE cri-
terion in which the debond length is held constant. Several curves are
shown for different levels of debonding. The dashed line represents the
ACK solution for g¢, = 45 N/m.

prediction, the debond length is assumed constant. Note that the predicted crack

tThe distance between the adjacent bristles along the line Uy, /U,,,, = 1.0 characterizes the rate
at which crack growth occurs. The closer the bristles, the less rapid is the crack growth, and the
opposite is also true. As an example, for the case of d = 0 in Fig. E.12, the distance between the
bristles for which the CMSE criterion is satisfied is relatively large. Hence, an extensive amount of
cracking occurs for a small increase in stress.
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densities for the two limiting cases, d = 0 and d = L/2 are consistent with the
previous results (Fig. E.12). In both cases, the matrix cracks evolve quickly, and
further the final crack density (CD,4¢) is much larger for the bonded interface due

to the efficient stress transfer.

It is interesting to note that the crack density predictions in Fig. E.14 define a
fan which forms as the solution for d = 0 is pivoted around the point (o, CDinst).
The bottom of the fan is defined in the limit as d approaches L/2. Moreover, the
completely debonded solution defines a minimum saturated crack density for the
CMSE criterion. As the bonded solution is pivoted, once the saturated crack den-
sity obtains this limit, the crack density solution bends upon itself,! and eventually

becomes the unit-step response associated with a completely debonded interface.

The fan defines an envelope for the crack densities in which almost any path
can be predicted due to the coupling between the cracking and debonding modes.
In addition, the span of the envelop can be narrowed since it is reasonable to expect
some debonding. The bounding envelop, as predicted, could provide a design engi-
neer with reasonable estimates for the expected crack densities. Also, such plots are
a convenient way of comparing various failure criterion. In this light, the following
section examines the CMSE criterion and its relation to more traditional fracture

mechanics approaches.

E.4 CMSE and Its Relation to Other Failure Theories

As discussed in chapter two, fracture within ceramic matrix composites is gov-
erned by the relation between the crack-tip energy release rate, g,,, and the critical
energy release rate, g¢,. The former is a function of the crack-tip stress fields, and
the latter is an inherent property of the composite. In general, a given fracture will

propagate under the condition that g,, > ¢5,. Hence, given some distribution of

'The phrase bends upon itself is intended in indicate that the initial slope of the crack density
versus siress curve is increasing, and is indicative of an interface which is completely debonded, but
for which interface slip occurs along only a portion of the debonded region (i.e. 2’ < L/2) [179].
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matrix flaws, the evolution of cracking can be accurately predicted if g, is known at
each fracture. Unfortunately, predicting the energy release rate in a brittle composite
with multiple crack fronts in far from trivial. Several fracture mechanics solutions
have been presented; however, their implementation has been limited due to the
inherent complexities associated with the analysis. The purpose of this section is
to compare and contrast the CMSE criterion with some of the fracture mechanics
solutions. In doing so, the utility of the CMSE criterion should become apparent.
Also, the CMSE criterion is shown to be reasonable and consistent with the more

traditional criterion.

A good comparison for the CMSE criterion is the energy balance solution
introduced by Weitsman and Zhu [201]. Both solutions are analytic, and under
reasonable conditions, predict a finite stress range over which matrix cracking occurs.
Bounding envelops for the CMSE criterion and the energy criterion employed by
Weitsman and Zhu (WZ) [201] are provided in Fig. E.15. The results shown in this
figure are for a SiC/CAS composite system and are generated by varying the critical
strain energy release rate, g2 , in the WZ analysis, and the debond length under the
CMSE criterion. The critical strain energy release rate is varied between 20 and
50 N/m. In addition, for the WZ criterion, variable debonding and fiber fracture
are permitted. For the CMSE results, the debond length is held constant and a

minimum debond length of a few fiber diameters is assumed.

As mentioned, the difficulty with the fracture mechanics approaches lies in
trying to determine the energy release rate, g,,. Even under the simplest of loading
conditions (e.g. uniaxial tension), the shielding and statistical influences associ-
ated with multiple fractures, as discussed in chapter two, make determination of g,,
difficult. To remedy the problem, statistical fits of empirical data are sometimes
used [179]. Bounding envelopes for a statistical model presented by Spearing and
Zok are illustrated in Fig. E.16 [179]. The results are again shown for a SiC/CAS

composite; however, unfortunately insufficient data are presented in the article to
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Figure E.15 Crack density (bounding) envelopes for the Weitsman and Zhu energy
criterion and the current CMSE failure criterion.

determine the exact range of crack densities predicted. The expected range of crack
densities are shown for the Weibull modulus equal to 4 and 10. As would be expected,

the empirical models are more representative of the experimental data.

Due to the statistical aspects of fracture in brittle composites, it is reasonable
to expected that the strain energy release rate, g,,, required to propagate a fracture
will increase during loading [171]. This results since more energy is required to
initiate growth in very small flaws as opposed to rather large microcracks which
may exist [127]. In addition, Zok and Spearing illustrated that the strain energy
release rate must also increase due to the shielding effects associated with small

crack spacings.

The strain energy release rate can be estimated by comparing the energy states
before and after the formation of damage. Equation (E.20) represents this result

where “state I” and “state II” represent the damage configurations before and after
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crack formation.

1 LiLy 4vsgap

= — L SAW — AU — AWy, — —L22 (Lydyy — Lisd E.20

The terms in Eq. (E.20) are defined in chapter two. For the current shear-lag anal-
ysis, the energy associated with debonding, g4, is neglected; however, a study by
Kuo suggests that gg/gm < 0.3 for SiC/CAS composites [103]. Also, note that g,
may be determined by assuming that state I is fixed at a given stress and damage
configuration, or else by allowing the state definition to vary with these parameters.
In the latter case, the work terms become trivial, i.e. AW = o(err — €r), and nu-
merical integration can be avoided. However, care must be taken not to violate the

inherent assumptions used in formulating Eq. (E.20).t

tThe energy balance relation in Eq. (E.20) implicitly implies that large increments in crack
growth are required under the assumption that da = Aa.

E-27




The change in the strain energy release rate, as predicted from the current
CMSE failure criterion, is illustrated in Figs. E.17 and E.18. The results in Fig. E.17
are shown for when state I is assumed to vary; whereas the results in Fig. E.18
assume that state I is fixed. In both cases, solutions for a range of debond lengths
are presented. Also, note that the strain energy release rate is normalized by the

critical energy release rate, g¢,, which is taken as 50 N/m. For both figures, g,
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Figure E.17 Strain energy release rate versus applied stress.

increases with the applied stress, as expected. In addition, from Fig. E.18, the strain
energy release rate can be expected to range between 0.3 ¢, and 0.75 ¢Z,. This is
consistent with experimental data [37]. As a special case, when using Eq. (E.20)
with the empirical data from Kuo, g,, is found to vary almost linearly over this same

range [103]. Under the WZ criterion, g,, is assumed constant.
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Figure E.18 Strain energy release rate versus applied stress with state I fixed.

A final comment on the WZ criterion is also in order. Recall, that each time
the energy failure criterion is satisfied the crack density doubles. This results by
design since the crack ratio, L;/Lys, appearing in Eq. (E.20) is assumed to have
magnitude 2.0. To examine the impact of this assumption on the evolution of crack
densities, the energy criterion in Eq. (E.20) is now investigated for arbitrary crack

ratios.

When applying the WZ criterion with g¢, = 45 N/m, the predicted range of
crack densities is in tolerable accord with the empirical data; however, the predicted
evolution fits the empirical data only in piecewise steps (Fig. E.19). The gradual
evolution of matrix cracking, as observed experimentally, is not captured. At first

glance, it is reasonable to suspect that the discrete steps results from the assumed
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doubling in crack density. To investigate, the crack density is now predicted under
conditions of arbitrary crack ratios, L;/Ljr. In performing the analysis, it is found
that the predicted crack densities do not change for 1.05 < L;/L;; < 2.0. Ratios
below 1.05 are not examined since Eq. (E.20) becomes singular as L;; — L. The
fact that the crack densities are independent of the ratio of Ly/Ljs results from the
fact that the magnitude of g,, is for all intensive purposes independent of L when
d, ga» and o are assumed fixed. This is also the reason for the stepped stress-strain
responses predicted by the energy balance solutions. The change in the predicted

matrix strain energy, normalized by U,,,, is shown in Fig. E.20 for crack ratios of

Li/Liy=1.1and L;/Li = 2.0. The latter is the WZ criterion.

The vertical drops in Fig. E.20 represent solutions to Eq. (E.20); hence, each
drop represents a change in the crack density. Clearly, the crack density progression is
very similar for the two cases, and therefore, the assumed crack ratio of L;/Ly; = 2.0
is not believed to be the reason for the discrete or piecewise crack density predictions
presented by Weitsman and Zhu. In general, matrix cracking under the energy
criterion represented in Eq. (E.20) is dependent on three parameters: g¢g,, d and
gap in which d is a function of L and o. Unfortunately, Eq. (E.20) is extremely
sensitive to these parameters. Moreover, since the material constants g5, and g4 are
unknown, it is difficult to justify any solution from Eq. (E.20). Hence, in the authors
opinion, the CMSE criterion is currently the best analytical approach for predicting

the evolution of matrix cracks.
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Figure E.19 Applied stress versus crack density as predicted by the current analysis
and a classical fracture mechanics (CFM) failure criterion and the
current critical matriz strain energy (CMSE) criterion.
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Figure E.20 Normalized matrix strain energy versus normalized stress based upon
the fracture criterion presented by Weitsman and Zhu [201].

E.5 Sensitivity Analysis

For unidirectional composites, the nonlinear material response is due, in large
part, to the relative magnitudes of the crack spacing, L, and debond length, d,
rather than matrix cracking or interface debonding alone. Uncertainties in material
properties which influence L and d may therefore be significant sources of error. In
light of this, the critical composite stress, o.,, the ultimate interface shear strength,
Tuit, and the interface frictional shear stress, 7;, are investigated since they are deemed
the most important parameters for the present closed-form analysis. The interface
parameters (7,; and 7;) are difficult to measure experimentally and a wide scatter
of data is reported in the literature (due in part to the use of various interface
coatings and curing processes) [12]. Further, although ¢, may be easily determined
from experimental data, its influence on the proposed model is unknown. In an
attempt to better characterize the cracking and debonding modes, fiber failure is

not considered.
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It is known from experiments that matrix cracking initiates at a stress level
often far below the proportional limit [103]. However since this crack density is low,
its influence is negligible. Hence within the present algorithm, it is not necessary
to capture the initiation of matrix cracking but rather only the crack density corre-
sponding to the start of non-linear behavior is required. In the present formulation,
the deviation of the stress-strain curve is caused by the damage term U, (L) in the

CMSE relation

U, + Un(L) = U.,, . (3.117)

If the critical stress is chosen inappropriately low, the desired initial crack spacing
which is predicted should tend to be large such that U, (L) is negligible. If not,
the predicted response would incorrectly become non-linear at this stress level. It’s
effect, as desired, manifests itself as both a continued linear stress-strain prediction,
as well as an initial horizontal “step” on the crack density versus applied stress plots
(i.e. no increase in crack density). The latter requiring U,,(L) to remain negligible
until the “correct” o, is obtained. If the critical stress is chosen too large, the
initial crack spacing becomes excessively small; resulting in an inappropriately large
disparity in strain (at o.,) between the rule-of-mixtures subroutine and the shear-lag
subroutine. However since o, was chosen large anyway, it would be desirable if the

jump in strain placed the predicted response back on the correct path.

A series of computed normalized crack density [normalized by 100 (r;/L)] ver-
sus applied stress plots are provided in Figs. E.21, E.22 and E.23. These figures

indicate the influence of o.,, 7,;: and 7; on matrix cracking for the current analysis.
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Figure E.21 Influence of 7; on the crack density progression during loading. Data
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Figure E.22 Influence of 7,; on the crack density progression during loading.

The influence of the frictional interface shear stress and the critical composite
stress on the crack density progression within the laminate is shown in Fig. E.21. The
stress at which crack saturation is reached appears to be independent of 7;; however,
variations in 7, cause crack saturation to be achieved more sharply with increasing
value of 7,;; or gradually with decreasing value of 7,;;. That is, as 7, increases, the
stress differential, 0,0 — 0., from crack initiation (o) to crack saturation (o)
decreases. Clearly, 0., ; and 7,;; may be estimated by fitting a set of empirical
crack density data. For example, choosing o, = 200 MPa, 7, = 35 MPa, and
Tut: = 220 MPa provides a good fit to the empirical data provided by Kuo [103]
(Fig. E.23). Of course, these parameters should not be arbitrarily selected to match
. existing data, but rather should be obtained based upon physical evidence (push-
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out tests, stress-strain response, etc). Based upon published data, 7; is probably
closer to 10 MPa [103]. The crack densities for 7, = 10 MPa are also shown in
Fig. E.23. Interestingly enough, even though the crack density curve for 7, = 10
MPa seems to have significant error (i.e. doesn’t match empirical crack densities),
the resulting stress-strain responses for 7; = 10 and 35 MPa (Fig. E.24) are quite
similar. This again results from the fact that the stress-strain response is dependent
on the relative magnitudes of L and d rather than their exact values. Hence for
the purpose of predicting the composites stress-strain response, it is not required
to exactly match empirical crack density data. Of course doing so may provide
insight into the progression of interface debonding and/or variations in interface

shear stresses.
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Figure E.23 Normalized crack density versus strain. Empirical data are from ref-
erence 103.
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Figures E.23 and E.24 indicate that even though the crack densities decreased
significantly for 7, = 10 MPa, the debond length appears to have increased enough
such that the resulting stress-strain response remained approximately equivalent to
the original case (7; = 35 MPa). Similarly, relatively large changes in o, also result
in small changes in material response curves. For example, Fig. E.25 shows that for a
60 MPa variation in o, the maximum (stress) difference in the predicted stress-strain
curves for any value of strain is only around 20 MPa. As this variation decreases,
the error quickly vanishes, and as such the present algorithm is surprisingly robust
to variations in the critical composite stress. Based upon these results, a series
of parametric studies may be developed which will yield information on not only
7; and Ty; but also upon the progression of interface debonding during loading.
As mentioned, if o, is chosen small, U, (L) should be negligible; at least until
the “correct” proportional limit is reached. Again this would show up as an initial
horizontal step in the crack density curves; minimal debonding, as well as a continued

linear response in the stress-strain plots.
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Figure E.25 Stress-strain response for critical stress values of o, = 140 MPa and
on = 200 MPa. For a strain value of 0.00165 (vertical line), the
difference in stress is approximately 20 MPa.

E-39




Appendiz F. Fiber Fracture in Ceramic Matriz Composites

The percentage of fracture fibers, D, in ceramic matrix composites is typi-
cally determined using some type of statistical failure criterion. The most common

approach is to use a two-parameter Weibull distribution of the form

D=1-—exp [—L (g)ﬂ} (F.1)

o

where o and f are constants which are determined from dry bundle tests of fibers
(ez-situ). Such tests are difficult to perform, and have resulted in a wide scatter
of reported data. In addition, the variation between ez-situ and in-situ values is
unknown. To avoid these problems, a fiber fracture criterion independent of any
empirical constants is sought. This appendix outlines two approaches considered
in the present study. The first solution is an attempt to find D analytically using
a discrete approximation. Unfortunately, the solution overestimates the percent-
age of fractured fibers under the current strain energy approach. As a result, a
statistical approach is adopted. The analytical criterion, as initially developed, is
presented in the first section of this appendix. After this presentation, the statistical
model is briefly revisited.! The appendix concludes with some final comments on
Weibull statistics and the present critical énergy approach. Some brief comments on

fiber/matrix debonding are also included as an aside.

F.1  Fiber Crack Density: An Analytical Model

Consider the extended representative volume element (ERVE) shown in Fig. F.1
in which the composite is divided into NL/§ discrete cells where L is a characteristic
length of composite;t § is the effective length over which the fiber crack influences

the local fiber stress and N is the number of fibers in the ERVE. The elastic modulus

TThe statistical model for fiber fracture is discussed in greater detail in chapter three.
tTypically, L is the gage length of the laminate.
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Figure F.1 Extended representative volume element (ERVE).
of each cell is assumed to be

viEf + v B, uncracked fiber

U B, cracked fiber.
Additionally,
L/s
Le=Y 6" for any ¢ (F.3)
k=1
and
N .
No =3 ‘of for any k (F.4)
=1

where ‘c® is the strain corresponding to the cell in row 7 and column k and ‘o is the

associated stress. It may be shown that

§ (e . N .
0==3 S 0By i+ Y (viEs+vnEn) ‘e (F.5)
NLk::l =1 1=cp+1

where ¢;, is the total number of cells with cracked fibers in column k. Letting

the total number of cells be ¢ and assuming a uniform distribution of fiber cracks
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(ck = ¢b/L Vk), then

o= {vf (1 — —]%%) E¢+ vam} € (F.6)

where ¢6/ N L is recognized as the normalized fiber crack density.

Now since fiber failure is assumed to initiate at a critical fiber strain energy

Uer, and since

Lx 1 2
Uy = ;EE (Ef 60) ; (F.7)
it 1s determined that
cb
Usp; = (1 — ﬁ) Us. (F.8)

By definition D = ¢6/NL and therefore from the above relation

Ucr ¥

D=1~ .
Uy

(F.9)

As mentioned, Eq. (F.9) overestimates the extent of fiber fracture during quasi-
static loading of brittle composites. As a result, it was determined that some em-
pirical constants would be required. However, the number of empirical constants,
as well as their availability were concerns of the present analysis. As shown in the
next section, D was assumed to follow a Weibull failure distribution in which only a
single empirical constant needed to be determined. Further, this constant is easily

obtained.

F.2  Fiber Crack Density: A Statistical Model

For the present study, the probability of fiber failure or equivalently, the cumu-
lative distribution of fiber crack density, is represented by the parameter D. Further-
more, fiber failure is accounted for in the current shear-lag formulation by modifying

the (fiber) stress boundary condition along the plane of the matrix cracks according
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to Eq. (F.10).

oy ((E = %L) = vf(—la——ﬁ (F.10)

This is the same approach as employed by Rouby and Reynauld [163].

Statistical approaches are commonly used to model the failure of fibers in
reinforced composites [35,64,141,162,163,201,214] The classical paper in this area
is by Rosen in which the composite was treated as a chain-of-bundles where the
concept of a “weakest link” was applied to determine the cumulative crack density
of fiber fractures [161]. The chain-of-bundles approach assumes that each fiber may
be divided into a number of evenly spaced segments (or links) of length é; such that
the total length of the fiber is given by Ly = é;N; where Ny is the total number of
fiber links. Each fiber link is assumed to be characterized by a strength distribution
of the Weibull type. The characteristic distance d; represents the length over which
the local constituent stresses are influenced by the fractured fiber, and depends
largely on 7; {161]. In his analysis, Rosen assumed that each link was characterized

by a two-parameter strength distribution function, G(o) [161].
G(o) = 5fr1r2cf(r2 - 1)exp(—r16far2) (F.11)

The scaling and shape constants r; and r, are evaluated from empirical data.

More recently, Curtin [36] presented an analysis which assumed that the fiber

crack density was given by

1
D=1- o (3.121)
where
(L, o) = -LL— (f) (F.12)
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and o, is the stress required to cause one failure, on average, in a fiber of length
L, [36]. These data (o, and L,) are again determined experimentally. The Weibull

modulus, m, characterizes the variability of the data about the average [36].

For the present study, the fiber strength distribution is again assumed to be
of a Weibull form; however, instead of using the fiber stress to characterize the
distribution as in the previous cases [36,161], the fiber strain energy, Uy, is used to

model fiber fracture. For this study, the percentage of fracture fibers is given by

D=1- . (F.13)

where U, is the critical fiber strain energy defined as the average strain energy
in the fiber when fiber fracture initiates, and r is now the Weibull modulus. The
argument 1 — Ue,, /Uy is chosen based upon the analysis presented in the previous
section. Further, it is recognized that Egs. (F.11), (3.121) and (F.13) all represent
cumulative fracture distributions with ® of the form

O=r (i) " (F.14)

O

where r; and r; are constants. However, the distribution in the present study assumes

that there exists a threshold stress below which no fiber failure occurs, i.e.

_ T2
®=r (" "ff> . (F.15)

To

The stress at which fiber failure initiates, o4s, is defined as the stress at which
a maximum or saturated crack density is obtained for D = 0, and is determined

analytically from Eq. (3.117).

Failure distributions similar to Eq. (3.121) have also been used to predict ma-

trix cracking in brittle composites [37,117,179]. However, fiber failure in ceramic
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composites is distinguishable from matrix cracking by one important factor. During
matrix failure, the fibers are, in general, able to carry the additional stress. However
during fiber failure, there is a critical fraction of broken fibers beyond which addi-
tional load will fail the composite. The critical fraction of fractured fibers is denoted

D* where if D > D*, composite failure occurs. Hence, D € [0, D*] where D* < 1.

The parameter D* may be related to the traditional Weibull modulus, m, by
Eq. (F.16) as reported in reference 163.

2
Df = — F.16
m+ 2 ( )

From Eq. (F.13), the current Weibull modulus, 7, is also dependent on D* as given

by Eq. (F.17). X |
: _ln{ln<1—D*)} (F.17)

where U is the average fiber strain energy at composite failure. Since the damage
configuration at composite failure is not known @ priori, m must be determined.
The constant m is obtained by fitting empirical stress-strain for the unidirectional
laminate. Further, obtaining and fitting the experimental stress-strain data is easily
accomplished. Also, based on Egs. (F.16) and (F.17), a range for 72 may be estimated
based upon reported values for m. A common range of m for a SiC/CAS composite
is between 2 and 10 which corresponds to a range of 1.25 to 5.5 for 7 [36,37,163]. For
a unidirectional SiC/CAS laminate, m = 2.0 is found to match well with empirical

data [175]. Finally, D* is assumed to be a constant of laminate lay-up for the same

material, and is found to be 0.42 for SiC/CAS [175].
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When accounting for the fracture of fibers in this manner, the fiber stress,

os(z), in Eq. (3.45) becomes

os, + - bonded region
o) = 7 con (B2 =] \og(T = D) r (5.16)
s o 2

v¢(1 — D) B rfq-i(L/Q — |zl) debonded region.

cosh(8z) ( o . )

From this, the remaining stresses, 0., (z) and 7;(z), may be determined from Eqgs. (3.8)
and (3.10). For the cross-ply laminate, the fractured fibers are accounted for in the
analysis by replacing the quantity v; appearing in the definitions for the constants
c1-c4 (chapter three) with vs(1 — D). For completeness, a brief discussion of Weibull

statistics is provided.

F.3 Weibull Statistics

Ceramic materials have randomly distributed imperfections (e.g. voids and
inclusions) within their microstructure. These defects are statistical in both size
and location. It has been well established that the failure distribution for brittle
cylindrical fibers can be described by a statistical distribution known as the Weibull
distribution. For such a distribution, the probability density function?, f(:z:), is given
by the following two parameter (« and ) distribution

f(lo)= Laﬂa(ﬁ ~1) exp {—Laaﬂ} (F.18)

where L is the fiber length, o is the fiber strength. Furthermore, the cumulative

failure distribution, F'(z) and the expected value, p,, are

F(o)= 1—exp{—L (g)ﬂ}, (F.1)

tThe area under the probability density curve defines the probability.




pe = (La)THB) 01 4 1/8) (F.19)

where I'() is the well-known gamma function. Note that p, is also the mean (nomi-

nal) fiber stress [25]. It may also be shown that

) -

The constants, a and 3, may be determined by fitting empirical fiber crack density
data according to Eq. (F.20).

The Weibull distribution assumes that the fibers is composed of a number of
segments of the same length, and in which each segment has an equal probability
of failure according to Eq. (F.1). In engineering mechanics, the cumulative survival

probability [Eq. (F.1)] for continuous fibers is typically written as

1

D=1 —exp{(aio)m}- (F.21)

where o, is some characteristic fiber strength and m is the tradition Weibull modulus.
From Eq. (F.21), 0, corresponds to a survival probability of 0.37 percent. Figure F.2
shows schematically the strength distributions for various values of m. The shape
and scaling parameters, o, and m, may be determined by fitting empirical data;
however, their solution is somewhat involved since the variation in D versus o, as

shown in Fig. F.2, cannot be solved for directly.

F.} Fiber Crack Density: An Alternate Approach

In chapter three, it was shown that the instantaneous average crack spacing
could be estimated by ensuring that the matrix strain energy never exceeded some

critical value, U.,,, according to Eq. (3.117).

Upy + Un(L) = Us, (3.117)
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Figure F.2 Cumulative probability distributions based upon a Weibull formulation.

The parameter U,,, is the matrix strain energy which would exist if the composite
was undamaged. The fact that matrix cracks do exist and some energy is transferred
from the matrix to the fiber is accounted for by the term U,,(L). The constant U,,,,
is assumed to be a known lamina property and was termed the critical matriz strain

energy.

It may be shown that Eq. (F.9) can be reformulated in terms of the critical
fiber strain energy according to the following equation in which the fraction of broken

- fibers in now the perturbed parameter.
Ufo + Uf(D) = Ucr, (F.22)

Note, that the variable D in Eq. (F.22) loses it physical significance since D must
increase in order for the left hand side of Eq. (F.22) to decrease. Hence, the actual

number of fractured fibers must still be determined empirically. However, the two
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problems can be posed in a similar manner. In both cases, there exists some damage

parameter, P, which fails according to Eq. (F.23)
P=(1-x)P,+ xPsa (F.23)

where P, is the initial parameter value; P;,; is the final magnitude, and x is the
damage index € [0, 1]. For the current analysis, P € {L,d,vs}. Further, based on
the assumed critical strain energy relations (e.g. Up, + Up(x) = Up,,),

_ P~ F(Up)

F.24
Po - Psu.t ( )

where F(Up) is an inverse function of the strain energies. For matrix cracking,
F(Up) is known directly; however, when considering fiber failure, F(Up) cannot be

determined and therefore is assumed.

F.5 Aside: Fiber/Matriz Debonding

Recall that interface debonding is assumed to occur whenever the interface
shear stress, 7;(z), exceeds the ultimate strength of the interface, 7,;;. Hence, under
this maximum stress approach, the debond length may be determined by ensuring
that 7;(z = L/2 — d) = 7,;. With the addition of fiber fracture, the extent of

debonding for the unidirectional laminate is given by Eq. (F.25).

1 VU OF Ef D o 1 Tun
d= - — e — — .
2Tf{’vf T; +E11—DTZ'} ﬂG T; (F25)
where
- LAY )AT F.26
Tme = B 1—p T TN Om (E.26)
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Equation (F.25) must also be solve iteratively, however, a simple Newton iteration

scheme is suitable, e.g.

d, + _Z’i{”_m”;hwEf D U}

BGr, 2 \vy n  E1-Dm

Tult G2_1
1
T { G }

For cross-ply laminates, the maximum stress criterion is again adopted for

dn+1 = dn -

(F.27)

debonding. However, the debonding is assumed to occur only within the 0° plies of
the cross-ply laminate. Accordingly, the debond lengths are determined numerically

from the following two coupled equations.

sinh (/\;z:,g| . )
T=9r

— £2fi csff cosh(¢r) + c4ffsinh(@r) + HA—— GLj2) [ =™ (F.28)
r sinh ( Az;
-2—"- {csﬁ cosh(¢r) + csBsinh(¢,) + HA Cosh( 0 th/g)) } = Tu (F.29)

where 7,; is the ultimate interface shear stress of the bonded fiber and matrix, and

$1=P(~L/2+d) and ¢, = B(L/2 - d,).
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Appendiz G. Strain Ratchetting in Unidirectional Laminates: An
Analytical Model

In an attempt to capture the influence of strain ratchetting which is observed
in fatigue tests of ceramic composites, the modeled fiber stress is augmented by a
constant stress, Ac(N). This quantity, Ac(N), is an approximation for the addi-
tional stress experienced by an undamaged fiber when adjacent fibers fracture and
pull-out from the surrounding matrix according to a uniform distribution. Further-
more, the introduction of this stress is necessary since the shear-lag model, in the
traditional manner, fails to capture the continuous progression in permanent strain

(e.g. strain ratchetting) which results from fiber pull-out.

Once a fiber fractures and debonds, the extent of pull-out is dependent on
the interface resistance, 7;, as well as any obstructions which may collect along the
interface (e.g. surface asperities, debris from broken fibers and/or matrix). Further-
more, upon unloading, the fiber crack opening does not necessarily vanish due to the
surface obstructions, fiber warping, and Poisson’s effects. Since these phenomena
restrict constituent slip, they may be modeled within the unidirectional unit-cell as
a region which never debonds nor slips upon unloading. The introduction of this
permanently bonded region (PBR) represents areas within the laminate where slip
is obscured, and more importantly, the application of this frictional region leads to
an analytical solution for the development of permanent strain. The development is

present in this appendix.

Since the modified fiber stress distribution, as shown in Fig. 3.17, is assumed
linear, Ao(N) may be determined provided the stress at any point is known. This
point may be taken anywhere, i.e. z, = yL/2 where 7' defines the region within

the shear-lag model where debonding is prevented (i.e. T, = 00). Note that this

fo<y<1
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constraint has only been introduced to find o¢(z,) and the constituent stresses will
be defined in the limit [Eq. (G.1)] as the permanently bonded region vanishes.
lim
Ac(N)=v—0 Ac(N,7) (G.1)
When evaluating the limit of Eq. (G.1), stress equilibrium must be maintained.
Further two constraints need to be taken into account. The first is to ensure that
the fiber carries all of the stress along the plane of the matrix crack [i.e. on,(z =

+1/2) = 0]. The second constraint is derived from the fact that upon complete
unloading, the strain in the matrix is known a priori [Eq. (3.125); Fig. 3.17].

During loading, the constituent stresses within the permanently bonded region
remain unchanged from those previously determined [Eq. (3.45)]; however, since slip
is prevented during unloading within this region, the resulting shear-lag equations
produce a Ac(N,+) which may be determined since the matrix strain is defined
upon unloading. The additional fiber displacement due to Ao (N) is now defined by
6(N) according to Eq. (G.2).

§(N) = = (G.2)

The desired stress Aog(/N) may now be determined by evaluating §(N,v) as v —
0 under the aforementioned considerations. As expected, Ag(N) depends on the
extent of composite damage, the maximum applied stress, and the degradation of

the interface shear.

G.1  Formulation of Ac(N)

The formulation of Ao (N) consists primarily of three steps. For the analysis,
consider a unit-cell which has length L (i.e. z € [~L/2,L/2]) and which is assumed
to contain a PBR (z € [—vL/2,vL/2]) which neither debonds during loading, nor
slips during unloading (Fig. G.1). The first step of the analysis is to determine the
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Permanently
Bonded Region (PBR)

Figure G.1 A modified unidirectional unit-cell incorporating a permanently bonded
region (PBR) for analysis purposes.

constituent stresses o¢(z) and o,,(z) during a complete loading and unloading cycle.
After unloading, the residual matrix strain is not consistent with the expected value
due to the presence of the PBR, and therefore, the constituent stresses must be
adjusted to ensure the desired result is obtained. The adjustment of the constituent
stresses constitutes the second step of the analysis. The final step in finding Ao (N)
lies in determining the fiber stress as the permanently bonded region vanishes (i.e.

v — 0). Each of these three steps are now considered.

G.1.1 Residual Constituent Stresses in the Modified Unit-Cell.  Because of

the assumed geometry, only one-half of the unit-cell needs to be modeled. Hence,

consider only the axial coordinates: z € [0,L/2]. It may be shown that during

loading the stress in the fiber is

o(z) = vf(1—0-13')' - % (; - :v) for z€WL/2,L/2,  (G3)
_ cosh(Bz) o L
O‘f(.’L') =05, + COSh(ﬂ’)’L/2) {’Uf(l _ D) —0f, — (]- —7) r } for = € [0’7[//2] .

(G.4)
Further, since the interface is not permitted to debond within the PBR, the shear

stress which develops along the fiber/matrix interface may exceed the ultimate
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strength of the interface 7,:. Recall that previously under the maximum stress
debonding criterion, 7,; was assumed to be the maximum obtainable value for
7;(z). This is no longer the case, ie. 7i(z = vL/2) > 7u;. Now, if we define
(%), 7ui to be the maximum shear stress which develops under the new geometry

(i.e. #ur = 7i(z =vL/2) at 0 = Opag), then it may be shown that

A ﬂrf o TiL
= " tanh oi—p) " UmMLs - ©
fun = ¥ tank (BYL/2) { -5 — o5~ (L= o= o (G.5)
Moreover,
7 (2 = 7L/2) = Fu (G6)

since slip is not permitted within the PBR during unloading. By enforcing the
equality in Eq. (G.6), the fiber stress along the PBR during unloading becomes

cosh(Az) { o

°1(2) = 9%t R B L/2) mon - 7)%} (G1)

vf(l —D) Ty

where

n rs 1 27214” o }
7= — +0os 7. G.8
(1—+)L {ﬁrftanh (ByL/2) wvs(1—D) g (G8)
Furthermore, the fiber stress outside the PBR is

o L AL g L
os(2) = v¢(1 — D) +(1-7) Ty Ty (m 2 ) ' (6-9)

The latter is determined by ensuring the fiber stress remains continuous.

The stress in the matrix may be determined from Egs. (G.7) and (G.9) since
equilibrium requires that
g Uy

(@) = Dy @ - V) oty

(7‘1' —721'). (GlO)

Then, upon complete unloading, the fiber/matrix constituent stresses may be de-

termined by evaluating Eqs. (G.7) through (G.10) at ¢ = opin. In performing the
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analysis, one finds that the matrix strain resulting from Eq. (G.10) is in disagree-
ment with the known magnitude for a completely debonded interface. Hence, the
next step in the analysis is to adjust the constituent stresses within the unit-cell to

ensure that the desired matrix strain is predicted.

G.1.2 Re-Evaluating the Residual Strain.  For a completely debonded in-
terface, the matrix strain resulting from load cycling of a unidirectional laminate is
readily available. Let €, define this strain; then under the present shear-lag formu-

lation,

L/2 ’Uf 27’1
=g L/ (¢ — L/2) de (G.11)

Um T'f

However, due to the introduction of the permanently bonded region into the unit-
- cell, the predicted strain does not equal €,,, and therefore, it is necessary to adjust
the former distribution to ensure the resulting matrix strain is equal to €,. This is
accomplished by superimposing a constant stress Ao, on the previous solution to

obtain the desired value. In other words, define Ao, such that

i L/ {om(z) — Aoy} dz =§, (G.12)

where 0,,(z) is defined by Eq. (G.10) and Ao, is the required stress adjustment.
The latter may be determined directly from Eq. (G.12), and is a function of .

Pictorially, this process is illustrated in Fig. G.2. The unmodified matrix stress
distribution, as predicted by Eq. (G.10), is represented schematically by the dotted
line in this figure. The adjusted (dashed line) and desired (solid line) stresses are
also shown. As is evident from Fig. G.2, the predicted stress is increased uniformly

until the adjusted and “actual” stress distributions represent equivalent strains.

G.1.3 Removal of the PBR Constraint.  The final step in the analysis is to
consider the resulting fiber stress as the permanently bonded region vanishes. For

this part of the analysis, let’s again introduce the parameter §(/N) which represents




Matrix
Stress Adjusted
2~ Stress
Actual Stress X
Distribution

\ Predicted Stress with
a Permanently Bonded Region

Figure G.2 Stress distributions after unloading for a completely debonded interface
and an interface with a permanently bonded region.

the fiber pull-out distance associated with the stress Ao (N) [Eq. (G.2)]. Further,
given the adjusted matrix stress, as determined in the previous section, the following

relations [Eqgs. (G.13) and (G.14)] may be shown to be true.

5(V) = 1 {/O'YL/Z os+ Z—TAam N cosh(Bz) { : o +a —'y)fiL}d:v

E; cosh(ByL/2) | vs(1 — D) Ty
L/2 o v L 27;
7 4 UmAg (=)L —7) — 2z~ L/2)d
oDy T Aot (L= )= ) = T (o - L2) da
L/2
- [ 2mi z—L/2)da:} (G.13)
|U=0min

Ao(N) = 2= { |t (o, - o1,,,) | 8L - 2tanh 8L/}

{3y = 2)vBL +4(1 — v) tanh (v8L/2)} (G.14)

2ﬂ
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Finally, equating Eq. (G.13) into Eq. (G.2) and considering the limit as ¥ — 0, the
desired stress, Ac(N), is found to be

. UmEm + DUfEf QTZ(N)
AO'(N) - 'Uf(l _ D)El Omaz rs

L (4.3)

where the interface shear is assumed to degrade with load cycling, i.e. 7; = 7;(N).
As expected, the extent of fiber pull-out is dependent on the maximum applied stress
(Omaz), the interface resistance [7;(N)], and the composite’s state of damage (D, L

and d). The final constituent stresses upon unloading are illustrated in Fig. G.3. Note

Fiber '
Stress
AcN)
X
Matrix v
m f
Stress

Figure G.3 Final constituent stress distributions.

that the matrix stress is as desired, and the fiber stress is adjusted appropriately.
In fact, the application of the permanently bonded region is simply a mathematical
means for determining the fiber stress at a single point, #,. In this case, z, = yL/2.
Furthermore, once the stress at this point is determined, the fiber stress is known

everywhere since the distribution varies linearly with slope 27;/r;.
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Appendz'm H. Strain Ratchetting in Cross-Ply Laminates: An
Analytic Model

Under the current shear-lag formulation, once the fiber/matrix interface com-
pletely debonds, the residual strain upon unloading becomes constant, and there-
fore, the analysis is unable to capture the strain ratchetting behavior observed dur-
ing experimental fatigue tests of cross-ply ceramic matrix composites. However, as
observed with the unidirectional model, the ratchetting behavior can be modeled
simply by augmenting the assumed fiber stress by a constant amount Ag(N). In
this manner, the stress-strain hysteresis loops continue to “march out” as observed
experimentally. In addition, a closed-form solution for Ao (N) can be found if a
permanently bonded region (PBR) is introduced into the analysis. The formulation

of Acg(N) is provided in this appendix, and it is presented in three steps.

H.1 Formulation of Ac(N)

The first part of the analysis lies in determining the residual fiber/matrix con-
stituent stresses, o;(z) and o, (x), within the 0° ply. These stresses will differ from
those presented in chapter three due to the assumed PBR. The second step of the
analysis involves augmenting the aforementioned stress fields such that the predicted
matrix strain equals the matrix strain which is known to exist for a debonded in-
terface. Finally, the stress Aa(N) is determined through examination of the fiber

stress as the PBR vanishes. These three steps are now considered.

H.1.1 Residual Constituent Stresses in the Modified Unit-Cell. During
loading, since « is fixed, the interfacial shear 7;(z) at = +vyL/2 may exceed the
ultimate bond strength of the interface, 7y, i.e. 7 (£yL/2) > 7. Let Fuy, =

7. (—vL/2) and Ty, = 7i(yL/2) define these maximum shear stresses. Then from
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Eq. (F.29), it may be shown that

~ TS i ——L sin T
Tuy = =% {C3B cosh (BvL/2) — caBsinh (ByL/2) + cosh (VLi/2) h ()\ tlm_@/z)}
(H.1)

and

T\
Futt, = %’i {03ﬂ cosh (ByL/2) + cafsinh (ByL[2) + ——7= s1nh )‘xtlx_ }
H.2)

cosh (AL;/2) ~/L/2
where
Xi+ Xr
= : H.
= 9 cosh (ByL/2)’ (H.3)
Xt — Xr
= H.4
“ = 9sinh (B1L/)2)’ (H4)
I cosh ()\xtl . )
=0y — L o} H.
x=o;=T cosh (AL;/2) ik (H.5)

cosh ()‘xtlmd,,)

r=0; — 0} H.
Xr=9 cosh (AL;/2) oy (H.6)
1 [b+d d 2
I _ = _a 2
oy = o { 7 baT(xt'z=—L/2)} ” (1 —~)L/2, (H.7)
Oy = v {_—b o - zUT(iEtlm:L/z)} - T—f-'rz(l —~)L/2. (H.8)

Furthermore, since slip is not permitted within the bonded region, 7;(—vL/2) = Tuy,

and 7;(7L/2) = 7uu, during unloading. Now if

I = = {b td, 4, (.,)} (C31)
and
{(L/2)} = vf(11_ 5 {b Jg d,_ %UT (actlz:m)} (C.32)




then the fiber stress within the unit-cell is given by Eqs. (H.9) through (H.11).

oile) = (LAY + 2 (L2 +) 4 for sel-Lj2—L/2  (H9)

- T cosh (/\:vtl ~ )
os(z) = égsinh(Bz) + &4 cosh(fz) + -

+0$ for z€[-vL/2,7L/2]

cosh (AL /2)
(H.10)
—_ 27
oi(a) =TT+ (L2 =)+ ¢ for aepL/aL/2) (1)
where
7 cosh (/\-'L't] =_7L/2>
C; = —éssinh (B7L/2) + éacosh (BYL/2) + ——— (\L./2) +o;
27; T —_T1/9\1
_ ?L/Q(l —7) = {(=L/2)} (1:12)
T cosh ()\xq _ L/2>
Cr = Esinh (ByL/2) + & cosh (ByL[2) + —mmr = + o
27; T(T./9\1
- ;L/2(1 —) —{(L/2)} (1)
A )21 + X'r
= Jcosh (ByL/2) (1)
" )A(l — )A(r
“ = 9sinh (ByL/2) ()
1] 2h, Temb () H.16
Xt = 3 ry cosh (AL/2) (10
1 o, T () HT
Xr = B ry cosh (AL;/2) (10
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Because the constituent stresses upon unloading are desired, Egs. (H.9) through (H.17)
are evaluated at ¢ = o,;,. Finally, the matrix stress within the unit-cell may be
determined using Egs. (H.9) through (H.11) and the standard equilibrium relations.
The matrix stress is provided below. Note that these are the stresses which result

upon unloading and where a PBR is considered.

om(z) = — {v—fﬁz- (L/2+ )+ ﬁ% [UT (:Btl:r=z> —Jr <$tlx=—-L/2>:|}

Um Tf
for z€[-L/2,—~L/2]

(H.18)
1 b+d d vy
(@)= =Dy { b 7! (wt'm)} ton Gm el )
for z €[—vL/2,0]
_ b feddd N v
O'm(w) - ’l)m(l _ D) { b b T( tlz=¢)} + Um {CT f( )} (H20)

for z€[0,7L/2]

oule) =~ S 120+ g [or ) o (s, )

for z€[yL/2,L/2]
(H.21)

where o¢(z) is the fiber stress defined by Eq. (H.10). As observed in the unidirec-
tional analysis, the matrix strain resulting from Egs. (H.18) through (H.21) is in
disagreement with the known magnitude for a completely debonded, fully slipped,
interface after unloading. Hence, the next step in the analysis is to adjust the
constituent stresses within the unit-cell to ensure that the desired matrix strain is

predicted.

H.1.2 Re-FEvaluating the residual strain.  For a completely debonded inter-
face, the expected matrix stress upon unloading is as shown in Egs. (H.22) and (H.23)
for the current shear-lag formulation. In addition, Egs. (H.22) and (H.23) represent




the desired, or “correct”, matrix stresses (i.e. v = 0), and are evaluated at o = oy,
b b ’y ?

. 1 d vy 27;
om(z) = “om(1-D)b {UT (ﬂ’nm) —or (%:_m)} - ;‘i‘; (L/2+ =)
for z€[-L/2,0]
(H.22)

om(z) = _;;(11?)—5% {UT (xtluz) —or (wtlﬂuz)} B %?‘_7; (L/2-2) (H.23)

for z€[0,L/2]

As in the previous unidirectional case, the matrix stress can be appropriately ad-

justed by a constant amount Ao, so that the matrix strain is correct, i.e.

1 rL/2

Ao, = )1 {om,(2) — omy(2)} dmla — (H.24)

where 0,,, () is the matrix stress in Eqgs. (H.22) and (H.23) and o,,,(2) is the matrix
stress in Eqgs. (H.18) through (H.21). The final step of the analysis is to consider the

axial fiber stress as the permanently bonded region vanishes.

H.1.3 Removal of the PBR Constraint. Given Eq. (H.24), an equivalent
crack opening displacement §(N), as discussed in appendix G, may be formulated

from Eq. (H.25).

2 L/2 27‘,‘
5V =5 /0 71() = (12~ 2) da (H.25)
Moreover,

L
5(V) = - ao(), (G.2)

By
Ac(N) = v—mAam (H.26)

vf
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The stress Ao (V) may finally be determined by equating Egs. (H.25) and (G.2) and

allowing v — 0. After much algebraic manipulation,

_b+d 1 27;(N)

Bo(N)= = vs(1 — D) R R A ry b
d 1 1 1
a : — A ul
T3 cosh (M Lu/2) {vf(l ~D) [ cosh (ALt/2) + 5 cosh (A"’tln_m)
1 E
+-2— cosh ()\:ctlz:%ﬂ)] - Ef cosh (z\:ptlmo)} {a%mm - a%min} . (5.1)

The reader may verify that upon removal of the 90° plies, Eq. (5.1) reduces to the
unidirectional case [Eq. (4.3)].
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Appendiz I. Closed-Form Estimates for Several Laminate Constants.

The shape of the uniaxial stress-strain response for a unidirectional ceramic-
matrix laminate is a good indicator of the extent of damage within the composite
microstructure, and as such, the ability to predict the stress-strain behavior numer-
ically is important for characterizing the residual (remaining) strength and modulus
of a CMC component. For the methodology formulated as part of the current doc-
toral research, the unidirectional stress-strain response may be determined and is
dependent on the basic constituent properties, I';; the frictional shear along the
interface, 7;; the operating and processing temperature differential, AT'; the fiber
volume fraction, vy, and the extent of composite damage (L, d and D) according to
Eq. (I.1).

e=F(T, 7, AT, vg, L, d, D) o (I.1)

where I'. = {Ef, ay5,Gy, En, an, Gn} and F() is some constitutive relation re-
lating these various parameters, e.g. Eq. (3.6). Moreover, based upon the assumed
failure criteria used in the current analysis for the different damage modes, Eq. (I.1)
can be written as a function of the interface strength, 7,;; the critical energies, U,,,

and U,, / and the Weibull modulus , i.e.
€= f(FC) AT) Ufy Tiy Tulty Ucrm, Ucrf, Th) ag. (12)

Clearly, the parameters 7;, Ty, I'c, AT, and vy are material and processing constants
which can be chosen to optimize the composite’s behavior for a given application.
This is not as apparent with the remaining parameters Uy, , U, and /. However,
based upon the definitions of Ue,,, Ues,, and 7, Eq. (1.2) can be written as shown

in Eq. (I.3) in which all the required parameters can be determined analytically.

A

6:.7:(0'07, ’ﬁ’L, Uff; Fc) g (13)

I-1




where f‘c is the set of known material and processing constants: T, 7;, T, AT, and
vs. The stress at which fiber fracture is assumed to initiate is os5. The purpose of
this appendiz is to provide closed-form estimates for these parameters based upon the
known properties (e.g. f‘c); in turn, making the current analysis completely analytic.
Both unidirectional and cross-ply laminates are investigated. Note that the stress-
strain plots presented in earlier chapters are generated using Eq. (I.3) in which o,

and ™ were empirically derived.

1.1 Unidirectional Laminates

For analysis purposes, it is convenient to divide the stress-strain curve of a
unidirectional laminate into regions which can be characterized by dominant damage
modes (e.g. matrix cracking and fiber failure). Figure I.1 represents such a procedure
and is provided to help define some of the terms typically used when segmenting the
stress-strain curve. Schematic drawings of laminates with corresponding degrees of
damage are also illustrated in this figure. Matrix cracking, interface debonds, and
fiber fractures are all shown. The high-lighted stresses in this figure are defined as
follows.

Ome — crack initiation stress

o — critical composite stress

Osqt — stress at which matrix cracking ceases (saturation stress)

oss — stress corresponding to the initiation of fiber fracture

ow: —ultimate laminate stress

€u: — ultimate laminate strain
Note that the stresses 0., and os¢ appear explicitly in Eq. (I.3). Furthermore, since
is dependent on some of the remaining terms shown in Fig. 1.1, a clear understanding

of the above definitions will prove helpful in the remaining discussion.
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Figure I.1  Unidirectional stress-strain response and corresponding damages.
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Procedures for estimating these parameters (o, o5, and 1) are now provided.
As presented in the next section, there is an abundance of formulae for estimating
the critical composite stress, o.,. Unfortunately, as is often the case when multiple

solutions are presented, none of the solutions represent a universal answer.

I.1.1 Critical Composite Stress. The critical composite stress, .., may
be estimated using either the energy balance solutions similar to ACK or the stress
intensity approaches such as MCE (reference chapter two). For the energy balance
solutions, the condition for matrix cracking is determined by ensuring that the forma-
tion of the matrix cracks is energetically consistent. This requires that the energies

before and after crack formation satisfy Eq. (1.4)
AU - AW = g, (1.4)

where AU is the change in internal energy and AW is the work done during crack

formation. The classical solution, as originally derived by ACK, is

1/3
12y vinE;E?
O'CT:{ VUi 1} . (A.21)

’UmTfEfn

Equation (A.21) is derived in chapter two, and represents an estimate for o., based

upon a unit-cell with a fully debonded interface and no thermal stresses.

More recently, Kuo considered a similar analysis using the shear-lag model in
which both residual thermal stresses and a partially bonded interface were considered
[103]. The energies considered in the analysis were the fracture surface energy (U.),
the fiber/matrix debonding energy (Ug), the energy dissipated due to frictional
interface fiber sliding (U;), the fiber strain energy increment (AUy), the decrease
in matrix strain energy (AU,), and the work done by external load (AW). For

two-constituent composites which fail only after multiple fractures, the relationship




among these terms is

U.+Up + U, + AUy < AU, + AW (1.5)
where
U, = 217 (R — r?) = Amgr,, (1.6)
Ubd = 87r7dbrfd - 27r7"f - 2d - ggb, (17)
L/2
U, = dnr7; / [Adf(z) — Atim(z)] de, (L8)
L/2—d
wr2 (L/2
e 2 2
AUp =g [ Joi(@) = oh(a)] d (19)
m(R? — rfe) Lz )
L= T - dz, L1
AUy = =gpt> [ 1%, — o (e)) do (L10)
wR%c (L2
W = / — oy )dx. L11
A E; _L/2[‘7f(-'”) og,)dz (L11)

Substituting these equations into Eq. (1.5), the following general relation for the crit-
ical composite stress may be found. The solution for o, is determined by searching

for the lowest stress satisfying Eq. (1.12).




Vrm d E1 vy 2 d vy (1 2 ) 9
— L 4 me — ——TiL | -+ ——|zL—2d)d
2¥m Vs +47db + ry EnEvg [(a Uy T'fT ) 2 + VUm Tf \2 3

' [((—mam - %d)  tanh (B[L/2 ) - afod) o,

(izon o) (st * oo - )
+2d (i . 3%)

2
+ é (_Ti) d3]
’Uf vf ’r'f 3 T'f
v 1 | o 1(3 Vp T Vi Ti
—_—— d+ = | =0, — ., — 2—
vi B, [am" +,3(20 °+vmrf )( Um T'f

tanh (8[L/2 — d]) — (amo - %%dy 2cosh£(/;[;/(; —d) g (PJ—E)Z d3]

+-1 [(i’ﬂamo) a+1 (”—mamo - ffd ) tanh (8[L/2 — d]) — —dzl (L12)

Etvy vy vf

Although the general solution of the critical stress can only be determined numer-
ically, closed-form solutions exist for two limiting cases. The first case assumes a
perfectly bonded fiber (d = 0) and an infinite crack spacing (L = oo0). The second
limiting case is for a completely debonded interface (d = L/2). The solutions for
these two cases are as shown below.
For a completely bonded interface,

1/2
4 By ELE
e = (ng—””i) — Ei(a; — ap)AT (1.13)

and for a fully debonded interface

o — 127‘,~'ymEfEfv?
vamE?n

1/3
) — Ei(on — an)AT. (1.14)




Note that the latter is the ACK solution with an additional term accounting for the

thermal stresses.

Budiansky et al also considered some related cases. In particular, fully bonded

and partially bonded solutions were obtained for the conditions of steady-state crack

growth [20]. Their solutions are shown below.

For a fully bonded interface,

. 1/4
— 6viE
_— Ey(aj — an)AT B{ viky )} 2%m

1+ VB N U?nEl(l + vy T'fEm

v kg

5 2,03, 1/4
"~ | —6lnv; — 3v,(3 — vy) '

For a partially bonded interface,

where

vy d Ya

144112

o +E1(af—am)AT:a U T Ym
cr 1+ 'UmEm o 1+B_2 6E1 i
vaf \ Um Ef(l + l/m) ry

where o, is the right hand side of Eq. (I1.15).

(L.15)

(1.16)

(1.17)

Several solutions for o., have been presented using the stress intensity ap-

proaches {127,129, 196]. References 127 and 129 represent closed-form solutions

whereas Reference 196 is a numerical approximation. For brevity, only the MCE

solution is provided below.
Ocr 1 (a)—1/2+2<a>1/4
Om 3 \Cm 3 \cm
. - (71']({)2/3
" \aJ
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(118)

(1.19)




3 ((Kprarr\ PP (120)
Om = —\/7? — .
By
o= LK, 1.21
8rviE, (1 —

_ SrpBy(1 — v) (1.22)
vamrf\/E

K = \/2YmEn (1.23)

J=12 (1.24)

Several estimates for the critical composite stress are shown in Table I.1. In
particular, estimates are shown for the original ACK solution; Kuo’s solutions for
a completely debonded (db) and fully bonded (bd) interface; the partially bonded
(part. bd) and fully bonded solutions of BHE, and the MCE solution. The results
were generated with Eqgs. (A.21) through (1.18), and the material property data list
in Table 1.2. These data are for a SiC/CAS composite. Kuo’s debonded solution
[Eq. (I.14)] does the best job of matching the empirical value of 200 MPa for o.,.
In general, however, the estimates grossly over predict o.,. This can, in part, be at-
tributed to the uncertainties in several of the assumed material constants. Figure 1.2
illustrates how the critical stresses varies with the constants 7,, and 7; as predicted
by Egs. (A.21) and (I.14). The values 7,, = 20 N/m and 7, = 20 MPa correspond
to the monolithic matrix surface energy and the push-out estimate, respectively and

as observed previously, these seem to overestimate the laminate values.

Table I.1  Critical composite stress estimates.

ACK [ Kuo (db) | Kuo (bd) | BHE (part. bd) | BHE (bd) | MCE
4048 | 293.0 | -111.5 1912.0 10280 | 2.1E15

I.1.2 Weibull Modulus.  As presented in appendix F, the Weibull modulus,

m which governs the progression of fiber fractures, can be determined by fitting
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Table 1.2 Input Parameters.
E; | 210 GPa E,. | 95.5 GPa

vy |0.38 ry | 7.5 pm
af | 3.1E-6 /°C | o, | 4.5E-6 /°C
AT | -1000 °C

T; 20 MPa Tut | 220 MPa
Gy | 65 GPa G, | 38 GPa
Vg 0.2 vy | 0.2

d |60E-6mm |a |27y

Ym |20 N/m | qap | Ym/3

empirical stress-strain data. However, 7 may also be calculated from Eq. (F.17) if
the critical fraction of broken fibers, D*; the critical fiber strain energy, U.,,, and

the average fiber strain energy at laminate failure, U}, are known.

. 1n{ln<1 ~1D*)} (F.17)

Based on this relation, formulae relating D*, U, and U} are desired. These are now

investigated.

The critical fraction of broken fibers, D*, is related to the traditional Weibull
shaping parameter, m, and the composite’s ultimate stress, o,; via the following two

equations [14,163].

2
D= —— .
o—— (F.16)

m 1/(m +1)

Oult = vac

(1.25)

where S, is a characteristic fiber strength. Further, two of the three parameters o,
m, and/or S, are assumed to be known laminate properties and are now included

in the definition of f‘c. The remaining terms, U,, ;, and U7, are both based on the
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Figure I.2  Critical composites stress (o, ) as a function of the matrix surface energy
(7vm) and/or the interface shear stress (7;).

average fiber strain energy, which from Eq. (3.45), is defined as follows.

Us=— ?f [(Ti”fd)z(H +48d/3) — virird(20Bd + Om v H + 4v104,G)
1
+205vmr501,0m,G + E,B(Uf’"f‘ffo)z(lf — 2d) 4 Bd(rs0)?

+1/4(vmrfamo)2H] (1.26)

where G = tanh [3(L/2 — d)] and

B(L — 2d) + sinh[B(L — 2d)]

H= 2
cosh [B(L/2 — d)]

(E.10)

As with the matrix strain energy, Eq. (1.26) can be expressed as the sum of the fiber

strain energy for an undamaged laminate, Uy, and an additional term, Us(L,d),
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which accounts for the energy transferred between the constituents because of the
damage, i.e.

Uf = Ufo + Uf(L,d) (127)

In this manner, U.,, and U} can be defined by the following.

Uer, = {Uy, + Uy (Lys,dsy) (L.28)

No = oy

U3 = {Uy, + Uy (L*, &) (1.29)

}|U = Oult

where L¢y and dyy are the crack spacing and debond length at o = 047 and L* and d*
are the corresponding lengths evaluated at o = o,;;. Based upon Egs. (1.28) and (1.29),
the estimate for m requires first calculating Lys¢, dss, o5, L*, and d*. The first three
parameters can be determined from Egs. (3.117) and (3.2.2) since under the current
analysis, oy is defined as the stress at which a maximum or saturated crack density
is obtained for D = 0, and is therefore known directly. Furthermore, by definition,

L* = L, and, as such, can be approximated by Eq. (1.30) [8,37,179].

VU By,

— 0
vy El cr

L* ~ 1.337-% {

27‘2' - E'f(ozl — af)AT} (130)

Finally, it is reasonable to suspect that at composite failure, the interface is com-
pletely debonded and, therefore,

1
d =L (1.31)

Based on Egs. (F.17) through (I.31), the previous constitutive relation, Eq. (1.3),
can be written as

e=F(I\)o (1.32)
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where 'y = {E}, Em, a;, am, Gs, Gm, AT, vi, Ti, Tut, Oulty M, Y }-
Equation (1.32) is the desired solution in which the composites strain in a function

solely of the applied stress and known laminate properties.

L2 Cross-Ply Laminates

As with the unidirectional laminate, it is convenient to segment the stress-strain
curve for the cross-ply laminate into regions characterized by the various modes of
failure. To help define some of the relevant terms, Fig. 1.3 is provided. This figure
also illustrates several laminates with appropriate damages. The stresses labeled in
Fig. 1.3 are defined as follows:

02 — critical composite stress for the 90° plies

90

oy — saturation stress for the 90° plies

o
Ome — crack initiation in the 0° plies

0 — critical composite stress for the 90° plies

0

o-sat

— saturation stress for the 90° plies
oss — stress corresponding to the initiation of fiber fracture

ou: —ultimate laminate stress
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Figure 1.3 Stress-strain response of a cross-ply laminate.




As with the unidirectional laminate, estimates for the critical stresses; final
damage configuration, and ultimate laminate stresses are required for the complete

analytical analysis. These are now investigated.

L2.1 Critical Composite Stress. Due to their orientation, the fibers of
the 90° plies do not contribute much to the strength of the laminate. As a result,
the transverse plies may be modeled as a monolithic ceramic. Furthermore, it is

reasonable to suspect that failure can be predicted using a maximum stress criterion.

90
cr?

Hence, ¢2°, may be estimated from Eq. (1.33).

E,
00 = —=° — Ey(a, — o) AT (1.33)

cr E2 amult

The latter matches well with empirical data [123].

0
cr)

The critical stress in the 0° plies, o5,., may again be determined from Eq. (L.5).
However, for a general damage state, the energy and work terms in this equation
must be determined numerically. Kuo, however, presents the results for a few discrete
cases in which the damage state within the composite is assumed symmetric and

predictable [103]. For example, if at ¢ = o, only a single crack which extends

throughout the entire laminate cross-section is assumed to exist then

Ei(oq — ap)AT. (1.34)

g

1/2
o __b (ﬂ'ymElEfo)/ _

T~ b+d E. b+d

If the fiber/matrix interface is assumed to be debonded then

(o2

cr ™ b n d Em E](al - am)AT. (135)

b+d

1/3
o b (12Ti’)’mE12EfU?) / B




Finally, if only damage within the 0° ply is assumed then

E1 (011 —am)AT
(1.36)

o _ (1279 B2 (b Ey + dEp)” " ( 14Ty + 4T, )1/3_ b
Top = rivm EfE2b(b+ d) 14 2T, + 2T, b1 d

where Ty = (dE;)/(bE;) and Ty = (v En )/ (vi Ey).

An alternate solution is presented by Evans et al [53]. The solution, as appears

in Eq. (I.37), represents a lower bound for the critical stress.

Eorm B+ E
20 = g;’ ot L;];TT (137)

The parameters, Er, and Er, are the ply modulus in the longitudinal and transverse

directions, respectively. Further, ¢ is the ply thickness and ¢ is a function ranging

between 1/3 and 2/3 [53].

1.2.2 Weibull Modulus.  Estimation of the Weibull Modulus requires that
the ultimate composite stress, o, and the final damage configuration, Ly, L, d,

and D be known. Estimates are provided by Evans et al [53,54].
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