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A new method of controlling a flapping-wing micro air vehicle by varying the velocity profiles of the wing strokes is
presented in this manuscript. An exhaustive theoretical analysis along with simulation results show that this new
method, called split-cycle constant-period frequency modulation, is capable of providing independent control over
vertical and horizontal body forces as well as rolling and yawing moments using only two physical actuators, whose
oscillatory motion is defined by four parameters. An actuated bob-weight is introduced to enable independent
control of pitching moment. A general method for deriving sensitivities of cycle-averaged forces and moments to
changes in wingbeat kinematic parameters is provided, followed by an analytical treatment for a case where the angle
of attack of each wing is passively regulated and the motion of the wing spar in the stroke plane is driven by a split-
cycle waveform. These sensitivities are used in the formulation of a cycle-averaged control law that successfully
stabilizes and controls two different simulation models of the aircraft. One simulation model is driven by
instantaneous aerodynamic forces derived from blade-element theory, while the other is driven by an empirical
representation of an unsteady aerodynamic model that was derived from experiments.

I. Introduction

EIGHT and volume constraints on flapping-wing micro air

vehicles (MAVs) drive the desire to use as few actuators as
possible while achieving a high level of controlled maneuverability
using the simplest possible controller. The best way of achieving this
objective is an open question and represents a multidisciplinary
design problem wherein vehicle controllability must be considered
from the outset. Additionally, the issue of determining an adequate
level of fidelity for model-based control design for flapping-wing
aircraft, which are influenced by unsteady aerodynamic phenomena,
has not been settled. This exposition addresses each of these open
problems.

To address the problem of reducing the number of required
actuators for highly manueverable flight, a new control strategy,
called split-cycle constant-period frequency modulation, is pre-
sented, which shapes each wingbeat velocity profile and enables
independent control of vertical and horizontal body forces and
rolling and yawing moments using only two physical actuators.
Thus, four degrees of freedom can be controlled using two physical
actuators whose oscillatory behavior is parameterized by four inputs.
The overall objective of achieving a high level of maneuverability
using areduced set of actuators is thereby achieved, which represents
an advance over the state of the art where the number of physical
actuators was required to be greater than or equal to the number of
independent degrees of freedom to be controlled [1-7].

An aircraft concept is presented that is equipped with three
bimorph piezoelectric actuators. Two of these actuators manipulate
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the wings to follow split-cycle wing position profiles, while the third
manipulates a bob-weight that allows the vehicle center of mass to
shift for the purpose of enabling pitch control. The result is the ability
to independently control five degrees of freedom using three physical
actuators. Unlike some flapping-wing MAV designs [5,6], this
aircraft is designed to be capable of hovering and maneuvering using
only two wings and a bob-weight, without the need for conventional
empennage control effectors.

A general framework is presented for computing a control-
oriented model for flapping-wing MAVs. This framework is used to
address the issue of determining an adequate level of modeling
fidelity for a model-based control law that must stabilize and control
the proposed vehicle. The method begins by constructing a cycle-
averaged model of the aerodynamic forces and moments that is
similar to those found in the literature [2,3,8,9]. However, in the
present method, the sensitivities of these cycle-averaged forces and
moments with respect to the wingbeat kinematic parameters that can
be manipulated are computed in order to form a matrix of cycle-
averaged control derivatives that can be used for control synthesis.
The method is general in the sense that the aerodynamic control
derivatives can be extracted from high-fidelity numerical aero-
dynamic models, experimental measurements, or simple blade-
element models depending upon the desired level of controller
performance. In the interest of determining the level of adequate
fidelity for a model-based controller, an analytical blade-element
aerodynamic model is presented for the proposed aircraft. The
control derivatives are then analytically derived and used to design a
controller. These sensitivities are used in the formulation of a cycle-
averaged control law that successfully stabilizes and controls two
different simulation models of the aircraft. One simulation model is
driven by instantaneous aerodynamic forces derived from blade-
element theory, while the other is driven by an empirical repre-
sentation of an unsteady aerodynamic model that was derived from
experiments. Simulation results indicate that a cycle-averaged blade-
element-model-based controller is robust to the aerodynamic mod-
eling error introduced by the control-oriented modeling assumptions.
Additionally, it is noted that stability and tracking performance for
flapping-wing aircraft must be interpreted in terms of how the aircraft
is targeted to equilibrium points that it will ultimately orbit. Limit
cycles about target set points are unavoidable [10-12] because
flapping wings, by their very nature, produce periodic forces and
moments.

Finally, by computing an analytical control-oriented model from
blade-element theory, a direct link between the aircraft design and the
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vehicle’s controllability can be established. This feature allows
designers to consider controllability early in the design process and
enables insights into control strategies that might be obfuscated by
purely numerical representations of the aerodynamics. Insights into
vehicle physics and design are highlighted throughout the analytical
development.

II. Vehicle Concept

The first takeoff of an insect-scale flapping-wing MAV was
achieved by an aircraft called RoboFly that was developed at Harvard
University by Wood [13]. A key feature that led to its successful first
flight is that the vehicle was minimally actuated. RoboFly uses a
single bimorph piezoelectric actuator to impart symmetric motion to
two wings. The wing angle of inclination with respect to the stroke
plane is regulated by passive wing rotation joints resulting in
planform motion that is similar to that of a dipterian insect. This
passive rotation of the planform about the spar eliminates the need for
added weight and complexity associated with actuators that actively
rotate the planform about the spar. The first flight at Harvard resulted
in unregulated flight up a pair of wires that constrained the vehicle
motion to vertical translation. In the present paper, a vehicle concept
similar to the Harvard Robofly is proposed, along with a control
strategy, that would enable controlled six-degree-of-freedom
(DOF) flight of the fuselage without the need for artificial motion
constraints.

A. Design Features

A diagram of the proposed vehicle is shown in Fig. 1. The main
differences between the proposed vehicle and the RoboFly are
that the new control-configured aircraft would be equipped with
independently actuated wings and an actuated bob-weight that
allows the vehicle center of gravity to be manipulated for control
purposes. The wings rotate about hinges at the wing root. A linkage-
based transmission translates the tangential motion of the tip of a
bimorph piezoelectric actuator into rotational motion of the wings
in the stroke plane. The linkage elements are designed to achieve
impedance matching between the wing and actuator forces as well as
amplify the relatively small motion of the tip of the bimorph strip into
large angular displacements of the wing root. The planforms are
connected to the movable wing roots by a limited hinge or flexure
joint that provides for passive rotation of the wing. This hinge allows

the wing to passively flip over as the wing reverses direction at the
end of each stroke and enables the chord to rotate about the axis of the
spar in a manner that approximates the wing-twisting motion that has
been observed in dipterian insects [14]. As the wing rotates through
the stroke plane, dynamic pressure acting on the wing tends to cause
itto feather into the wind; however, as shown in Fig. 2, a flexure hinge
joint is designed such that the spar and root structure interfere at an
angle set by the designer that prevents the wing from overrotating.
This interference causes the wing to hold a constant angle of attack
relative to the stroke plane once a critical dynamic pressure is
reached. The bimorph piezoelectic actuators and the carbon fiber
substrate to which they are mounted are cantilevered to the fuselage.
In the case of the wings, the actuator assembly and linkage, together
with the wing, form a spring-mass-damper system that has a known
resonant frequency. The actuator assembly for the bob-weight is
simply used to control the mean pitch attitude of the fuselage. In the
single actuator Harvard experiments, the dynamic system was driven
atresonance [15] for maximum energy efficiency to achieve flight. In
the present problem, each wing-linkage-actuator system is nominally
driven at a hover frequency that is defined as the frequency at which
the cycle-averaged lift is equal to the aircraft weight. The term hover
is to be interpreted in a time-averaged sense because, as we will show,
the aircraft is in constant motion due to the periodic nature of the
forces and moments produced by the flapping wings. The closest
approximation of hover that can be achieved is that of a high-
frequency, low-amplitude limit cycle about a mean position [12].

Downstroke End of Stroke Upstroke
Root
Passive Wing
Rotation Joint
Hinge Spar
\
Planform
o V=rg V=r¢

Fig. 2 Detail of wing hinge flexure joint.

Fig. 1 General assembly of a control-configured MAYV equipped with independently actuated wings and an actuated bob-weight.
Approved for public release; distribution unlimited.



726 DOMAN, OPPENHEIMER, AND SIGTHORSSON

B. Control Strategy

The coordinate frames and wing angles used in the development of
the control strategy are illustrated in Fig. 3. The vehicle is designed to
mimic dipterian insect flight; thus, the angular velocity of each wing
in its respective stroke plane ¢ must be a time-varying function that is
equal to zero at the extreme limits of wing position. It is assumed
that the wing position, in the stroke plane, can be controlled directly
via a high bandwidth piezoelectric bimorph actuator. To begin the
development, a simple cosine function is selected to drive the stroke
plane rotation angle of each wing:

¢ = cos wt (D

The maximum value of this angle occurs when either wing reaches its
maximum displacement towards the ventral side of the vehicle.
Assuming that the frequency of the oscillating wing is held constant
over the segment of interest for each wingbeat cycle, the angular
velocity of the wing is given by

<i> = —wsinwt 2)

Note that the units of ¢ are in radians and that the amplitude of the
wing rotation in the stroke plane is taken to be =1 rad, which closely
approximates the rotation limits used in the Harvard RoboFly and
those observed in some flying insects such as the hawkmoth
Manduca sexta [16]. The frequency of the oscillator that drives the
actuator is selected as one of the control input variables that is used
to enable multidegree-of-freedom flight; however, this frequency is
allowed to change at key points in the wingbeat cycle, namely at
the ends of the stroke when ¢ = 1, ¢ =0and ¢ = —1, ¢ =0. If the
wingbeat frequency is held constant over each cycle and the angles of
attack for each stroke are equivalent, then the cycle-averaged
longitudinal force along the x body axis is always finite and positive,
while the cycle-averaged z body force is always zero. Such con-
ditions make it possible to achieve a practical condition that approxi-
mates hover and allows altitude tracking [12]; however, to enable a

vehicle to achieve multidegree-of-freedom flight, an additional
control input variable must be introduced.

To achieve a nonzero cycle-averaged body force in the z direction,
using wings equipped with passive wing rotation joints as described
above, the stroke plane angular velocity of each wing must be
temporally asymmetric over the wingbeat cycle; i.e., the wing
velocity profiles of the upstroke and downstrokes must be different.
Ennos [17] presents biological evidence for differing upstroke and
downstroke velocities. One way to induce temporal asymmetry
across each wingbeat is to parameterize the waveforms that define the
motion of each wing in the stroke plane in terms of temporally
symmetric and asymmetric components. The new technique that is
proposed to produce this desired behavior is referred to as split-cycle
constant-period frequency modulation. The fundamental idea is to
piece together two cosine waves of different frequencies over one
complete wingbeat cycle, i.e., an upstroke and a downstroke. The
period of the cycle is fixed by the symmetric or fundamental
frequency, while the speed of each stroke within the cycle is governed
by an asymmetric frequency or split-cycle parameter.

A detailed discussion of the mathematical construction of these
split-cycle waveforms is provided by Doman et al. [18] and
Oppenheimer et al. [19]. In short, the split-cycle control strategy
generates time-varying upstroke and downstroke wing position
commands that are defined by

¢y(t) = cos[(w — d)1], 0<t< (w]i 5 3)
¢p(t) = cos[(w + o)t + &, L 2 (4)
(w—6) w
where
1
°Te —wz(s ®)
and

Fig. 3 Relationship between body, root, spar, left-, and right-wing-planform axis systems on upstroke.
Approved for public release; distribution unlimited.
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Fig. 4 Split-cycle waveforms.

276
Tw—28

§ (6)
Thus, the waveform that drives the angular position of each wing in
the stroke plane is completely defined by the symmetric frequency
and the asymetric frequency or split-cycle parameter 6, where § <.
The stroke plane angular velocity of each wing over each split-cycle
interval is given by

g

(& —98)

pu(t) =—(w—2F8)sin[(w—08)1, 0=<t< ©)

#() = ~(w+0)sinl(w + )1 + &), =<2 )

b4
PED)
Figure 4 shows the wingbeat position profile for § >0 and § <0
along with a symmetric wingbeat. The split-cycle parameter § for
each wing, along with w for each wing, become control parameters.
Hence, the waveforms that drive the left and right wing positions are
defined by the following control parameters: oy, 0w, Wrw, and
Srw respectively.

The control strategies proposed in this manuscript are based on the
assumption that the bandwidth of the closed-loop fuselage control
system is much less than the flapping frequency required to achieve a
quasi-hover condition. If nonoscillatory control forces and inertial
measurements were available for feedback, one could use con-
ventional control design techniques to synthesize feedback control
laws that produce favorable closed-loop responses. However,
because of the nature of the aerodynamic forces produced by flapping
wings, time-varying high-frequency oscillatory forces and moments
must be manipulated to impart desired motion to the fuselage. Under
this constraint, the tracking behavior of the fuselage will, under the
best of conditions, be characterized by low-amplitude and high-
frequency limit cycles about desired set points. Towards this end, the
relationships between the cycle-averaged forces and moments and
the control input parameters that define the characteristics of the
oscillators that drive the wing positions are computed. Feedback
control laws based on cycle-averaged forces and moments will be
designed to allow a vehicle to track desired angular and spatial
positions in a mean sense.

The general method used to compute the cycle-averaged
aerodynamic forces and their sensitivities to variations in the param-
eters that define the wingbeat kinematics will now be presented.
The method is general in the sense that the aerodynamic control
derivatives can be extracted from high-fidelity numerical aero-
dynamic models, experimental measurements, or simple blade-
element models depending upon the desired level of controller
performance. G(t) is defined to be a generalized force that is aligned
with a principal body-axis direction. Thus, G(f) may represent
either a force or a moment. To compute the cycle-averaged gener-
alized force associated with each wing, an integral of the following
form is evaluated:

- o [%
G=1 L G(¢() dt ©)

Since the introduction of the split-cycle parameter changes the
frequency of the cosine wave when (@ — §)7 = m in each cycle, it is
convenient to split the integral as follows:

bid 21
= w P ©
= | [Towumnart [*Gwama] a0
0 o3

The control derivatives associated with a generalized cycle-
averaged force are calculated by computing the partial derivative
with respect to each control input variable about the hover frequency
w,. The control derivatives at hover are

- G
po, =25 (11)
awLW OLw=w,,6Lw=0
- G
Gy = (12)
aSLW O W=, .6 w=0
- IG
s = (13)
aCURW ORw =W, ,Opw =0
- G
G = (14)
8(SRW Wrw =0, Spyy =0

where the hover frequency [12] is given by

2 mg
=\ 15
@ PLCL() (1

These control derivatives can be used to design the control
allocation portion of a six-DOF control law for the proposed
flapping-wing MAV. The above calculations could be carried out
numerically if high-fidelity unsteady computational fluid dynamic
simulations or experimental measurements were available and it
was determined that lower-fidelity methods produced model-based
controllers that were incapable of providing adequate performance.
As will be shown throughout the remainder of the exposition, a
blade-element-based aerodynamic model is sufficiently accurate to
produce controllers that provide adequate performance when
applied to a simulation model that is driven by unsteady aero-
dynamics. The blade-element model has the added advantage that
cycle-averaging calculations can be carried out analytically and the
resulting model shows a clear and direct tie between key vehicle
design parameters and its controllability.

Approved for public release; distribution unlimited.
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III. Instantaneous Blade-Element Model

Strictly speaking, all mathematical models of physical systems are
idealized representations of systems that cannot physically exist. The
critical issue for the control engineer is to formulate a model of a
physical system of interest that is of suitable fidelity, which enables a
control system to be designed that is robust to errors resulting from
the modeling process. A control-oriented model should be compu-
tationally efficient so that dynamic simulations of the closed-loop
physical system run in a reasonable period of time; furthermore, it is
desirable for such models to provide a direct link between vehicle
controllability and the aircraft design parameters.

The purpose of this development is to derive an idealized
analytical model that will allow one to study the dynamic behavior of
the aircraft under consideration and to formulate and ultimately test
the proposed control strategies using nonreal-time simulations that
relax many of the key assumptions used to derive the analytical
model. The following assumptions are made in the formulation of
this analytical control-oriented model: no aerodynamic interactions
exist between the left and right wings, nor between the wings and the
fuselage; two-dimensional sectional aerodynamic coefficients are
known and constant throughout each stroke; passive wing rotation
joints are on a limit when the corresponding wing’s stroke plane
angular velocity is nonzero; aerodynamic forces and moments are the
sole result of wing motion, i.e., only flight conditions in the
neighborhood of hover are considered; and piezoelectric actuator
bandwidth is much greater than the wingbeat frequency required to
hover.

The dynamic analysis of the vehicle requires the use of several
coordinate frames. This is because the signs of aerodynamic forces
and moments differ from the left wing to the right wing. Furthermore,
the signs of the forces and moments are dependent upon the direction
of the wing stroke, i.e., upstroke or downstroke. The aerodynamic
forces and moments can be conveniently written in certain inter-
mediate frames; however, it will be necessary to transform them into
a body-fixed and ultimately an inertial coordinate frame in order to
write the equations of motion of the fuselage. The coordinate frame
and angle definitions are illustrated in Fig. 3. A comprehensive table
containing the definitions of the numerous coordinate frames and
rotation matrices is provided by Doman et al. [18].

A. Instantaneous Aerodynamic Forces and Centers of Pressure in
‘Wing Planform Frames

The aerodynamic forces are derived, using blade-element theory,
for wings that have two degrees of freedom, namely, angular
displacement ¢(t) about the wing root in the stroke plane and angular
displacement of the planform about a passive rotation hinge joint,
which is equivalent to wing angle of attack «, in still air. The planform
is taken to be a rigid flat plate and the lift and drag, produced by each
wing [18], can be expressed as

L=k ¢1)?  D=kpgp(t)? (16)

where

ky, = %)CL(O[)IA kp = %)CD((X)IA (17)

and /, is the area moment of inertia of the planform about the axis of
the root-hinge, p is the atmospheric density, and Cp(«) and C, («)
are the lift and drag coefficients. Empirical expressions for lift and
drag coefficients [20], which were obtained from low-Reynolds-
number experiments, are used in this work:

Cp(a) =1.92 —1.55c0s(2.04a — 9.82)
Cp () =0.225 + 1.58sin(2.13c — 7.2) (18)

where « is in degrees.

B. Expression of Aerodynamic Forces and Centers of Pressure
in the Body Frame

Using the relationships between the body, roots, spars, upstroke-
planform, and downstroke-planform axis systems defined in Doman
et al. [18], the instantaneous values of lift and drag on each wing can
be transformed into the body-axis coordinate frame. If the air mass is
quiescent, then the relative wind is parallel to the stroke plane, which
is coincident with the x-y planes of the local spar frames. Therefore,
the lift and drag forces are conveniently expressed in the spar-carried
coordinate frames, which can be transformed to the body frame. The
aerodynamic forces associated with each wing and stroke expressed
in both the spar and body frames are summarized in Table 1.

The center of pressure of a wing rotating about a fixed hinge line
can be computed using blade-element theory [18]. The center of
pressure of each wing can be conveniently expressed in the local
wing planform frame associated with each stroke. To calculate the
instantaneous center of pressure in the body frame, three coordinate
frame rotations and one translation must be performed. The resulting
expressions for the centers of pressure associated with each wing and
stroke, expressed in the body frame, are summarized in Table 2. In
these expressions, xy,° and y&y" are the x and y locations of the center
of pressure in the local wing planform frame, Ar? is defined as the
position vector from the origin of the body frame to the origin of the
right wing root coordinate system, i.e.,

A )
s et = Axt 4 agt]
19

OLWR

Ar £ pB :[Axﬁ — Azf]

and the width of the vehicle is defined as w.

Table 1 Aerodynamic forces expressed in local spar and body frames

Force Local spar frame Body frame
[ Drwu | |: Lewy
FEwu = | —Drwu sin drwu (1)
RW upstroke ~ FRWS — 0 RWU RWU RWU
p RWU L Dy €08 grwu (1)
L —Lrwu |
RW [ —Dgwp | 5 Lrwp
downstroke  FRWS = 0 Fiwp =| Drwp sin ¢rwp (1)
—Lawn —Drwp €08 prwp (1)
[ —Drwy | B Liwy
LW upstroke ~ F{Wd = 0 Fiwy = | Drwusingrwy(7)
—Liwu Dywy €08 rwu(7)
LW [ Diwp ] » LL.WD
downstroke  FLWS = 0 Flwp = | —Dvrwp sin ¢rwp (1)
—Liwp —Dywp c0s ¢Lwp (1)

Table 2 Centers of pressure expressed in body frame

CP location Body frame expression

xyF sina + Axp
xOF sin Pryy cos o 4 yRF cos pry + £
—xF CoS Py cos & + YA sin gy + Azh

RW xyfsine + Ax§

RW upstroke 1 ¢ pwy =

downstroke &y = | —x{F sin gy cosar + YT cos prw + 4
X CO8 Py cos & + Y sin ryy + Az
xg¥ sina + Axf
LW upstroke r gpLWU = —xgp" Sin gy cosa — y&F cos gy —

—x" COS Py cos o + yNF sin gy + AzF
LW xyFsina + Ax?
WP WP w
downstroke x4 sin gy cosa — yNF cos @y — ¥
XGF cos ¢y cosa + yRF sin gy + Azl

B _
I epLwp =

Approved for public release; distribution unlimited.
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C. Aerodynamic Moments in Body Frame

The expressions for the aerodynamic moments associated with
each wing and stroke are given by

B _ B B
Mgiwp = Feprwp X Frwp

(20)

B _ B B
M rwu = Feprwu X Frwu

B _ 1B B B _ B
MPwy = Feprwu X Fiwu M{wp = Teprwp X Fiwp

Carrying out the cross-product operations and substituting the values
from Tables 1 and 2 into the expressions in Eq. (20) yields

Drwulyey! + % cos drw + Azg sin gpy]
{Lrwulyey sin rw + Azg] — Drwy Axg cos gpy —
{—Drwuy Axg sin gpy — Lrwuls + )’X};P €08 Prw] — [Lrwu COS & + Dgyy sin “]XX};P sin ¢y }

MRWU -

—Drwp [V
M Rwp = ¢
{Drwp Ax sin pry — Lewol5 + yc

LWU -

Dywplyy! + %COS BLw + Azf singpy]
{LLWD[ycp sin gLy + AZL] + DLWDAXL CoS Prw + [Liwp cOS & + Dpyp sin a]xgp CoS Prw |
{=DywpAxf sin ¢y + Liwpl% + yoy €08 ¢pw] — [Liwp cosa + Dyyp sin a]x3F sin ¢y }

LWD -

Equations (21-24) provide the expressions for the instantaneous
aerodynamic moments generated by each wing at any point in a
wingbeat cycle in the body-axis coordinate frame.

IV. Cycle-Averaged Blade-Element Model

To calculate the cycle-averaged forces and moments produced by
wings that follow a split-cycle position profile, it is necessary to
evaluate numerous integrals. Many of the integrands are of the form
cos(cos wr) or sin(cos wt) and have no indefinite integral solutions.
These terms arise as a result of coordinate transformations between
local and body coordinate frames, coupled with the fact that the time-
varying wing position is defined in terms of cosine wave segments.
Fortunately, definite integrals involving such functions exist over the
intervals of interest for the present problem and can be derived from
results presented in Gradshteyn and Ryzhik [21]. The solution to
many of these definite integrals involves a Bessel function of the first
kind, J,(-), and a Struve function. The integrals involving Struve
functions evaluate to zero over the limits of integration that arise in
the formulation of this particular problem. For convenience, the
solutions to the definite integrals that are required to compute the
cycle-averaged forces and moments are provided below:

= / o sin?[(w — 8)7]dt = 25)
0

7
2(w — 8)

L2 /o%ﬁ sin?[(w — 8)1] sin(cos[(w — §)¢]) dt = 0 (26)

A

L= ATA' sin?[(w — 8)#] cos(cos[(w — 8)7]) dr = 7y (1)

© 5 27)

P+ 2cos prw + AZf sin prw]
{LRWD[ng sin grw + AZE] + DRWDAxR cos ¢drw + [Lrwp €08 & + Dgwp sin a]xy xep P cos drw }
P cos grw] + [Lrwp €0s & + Dyyp sin alxy

—5cosdrw —
2

{Liwulyey singrw + Azf] — DiwyAxf cos gy — [Liwy cos & 4 Dyyy sinalxgy’ cos ¢y}

{DrwuAxg sinryw + Liwu[% + v cos ¢rwl +

|
|
{ Diyul=yey
|

I4é/fsin2[(w+o)t+§]dt=2(w77:_a) (28)

2

L2 / * sin?[(w + 0)1 + £] sin(cos[(w + o)t + £ dr =0 (29)

b4
=3

16é/%sinZ[(w+a)t+E]cm(cos[(w+o)z+g])d,_7;fl_(1) 30)

bid

[Lrwy €08 & + Dyyy sin a]xF cos gry} (21)

(22)
WP

| I I S—

sin ¢py }

Az} sin gpy]
(23)
[Liwy cosa + Dywy sinaxy’ sin ¢y }

(24)

[ R EN—

A. Cycle-Averaged Forces

In this section, expressions for cycle-averaged aerodynamic forces
are derived and expressed in terms of the split-cycle waveform
control input parameters that govern the wing kinematics and time
invariant constants. The instantaneous forces are integrated with
respect to time as each wing operates over an upstroke and
downstroke.

1. X Force

Substituting the expression for the instantaneous x body force
from Table 1 into Eq. (10) produces

s 2

—_ (0] ORwW —dpw )
XRjw = _2117:/ [f Y Lewu(0) dr + / RW
o .

ORW —RW

Lrwp (1) dl] (31)

Substituting Egs. (7), (8), and (16) into Eq. (31) and noting that the
time-varying functions under the integral signs are of the form 7, and
1, as given by Egs. (25) and (28), respectively, Eq. (31) can be written
as

- k; o,
XRjw = L2;W [(wrw — Srw)* 11 + (Wrw + Orw)*14] (32)
or simply
B ki wpw
Xrw = (2wgy — Spw + Orw) (33)

Following a similar procedure for the left wing, it can be shown that

k;w
Xpy ==+ 4LW Qwrw — diw + oLw) (34)
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Note that both X2y, and XP,, are positive quantities. At a hover
condition, where the x body-axis is normal to the surface of the Earth,
the forces produced by both wings act to counter the vehicle weight.

2. Y Force

To compute the cycle-averaged y body force for each wing, the
expression for the instantaneous y body aerodynamic force from
Table 1 is substituted into Eq. (10) to obtain

7B — YRW [/W —Drwy () sin[gry (1)] dz

RW =
27 0

2
PRW
+
bid

ORW —RW

Drwp (?) sinfggrw ()] dl] (35)

Substituting Egs. (3), (4), (7), (8), and (16) into Eq. (35) and noting
that the time-varying functions under the integral signs are of the
form /, and /5 as given by Eqgs. (26) and (29), respectively, Eq. (35)
becomes

YRw =0 (36)
Following a similar procedure for the left wing, it can be shown that
P8y =0 37)

Physically, this result arises from the fact that over a single stroke, the
component of drag, pointing in the y body direction, points in the
positive direction for the same amount of time as it does in the
negative direction and with the same magnitude.

3. Z Force

The calculation of the cycle-averaged force in the z body direction
follows a similar procedure. Substituting the expression for the
instantaneous z body aerodynamic force from Table 1 into Eq. (10)
yields

Zhw = a;ﬂ [/wkw*ﬁkw Dy (1) cos[drw (1)] dt
T 0

+ e _DRWD(Z)COS[¢RW(t)]dt] (38)

oz
ORW —ORW

Substituting Eqgs. (3), (4), (7), (8), and (16) into Eq. (38) and noting
that the time-varying functions under the integral signs are of the
form /5 and /4 as given by Eqgs. (27) and (30), respectively, Eq. (38)
can be written as

- kpw
Zjw = DZ;W [(wrw — Srw)* L5 — (Wrw + Orw)*14] (39)
or simply
- —kpJ, (1w
ZRw = y (Srw + Orw) (40)

Following a similar procedure for the left wing, it can be shown that

—kpJi(Dory

lejw: )

(6w + oLw) “n
The result for the z body-axis is important because it shows that
nonzero cycle-averaged forces can be generated and used to induce
fore and aft linear accelerations; motion that would not have been
possible using temporally symmetric wingbeat motion alone.

B. Cycle-Averaged Moments

In this section, expressions for the cycle-averaged aerodynamic
moments are derived. The cycle-averaged moments are later used in
the development of a control law that requires an evaluation of the
change in cycle-averaged moments with respect to a change in the
control input variables.

1. Rolling Moment

The cycle-averaged x body moment can be written in terms of
Eq. (10) as

b4 2
1) e e

B __ “RW RW ~ORW RW
M, rw [A M gy (1) df + .

- M gwp (1) dl]
big

ORW —SRW

(42)

Substituting Egs. (3), (4), (7), (8), (16), (21), and (22) into Eq. (42)
and noting that the integrals are of the form given in Egs. (25-30),
Eq. (42) can be written as

wrwk w
My =L Y (0w — Srw)? yordy + AzRL + =1
21 2
w
— (wrw + Orw)? |:y¥PI4 + AzRls + 316i|} 43)

Substituting the results for the definite integrals I, —I5 and
simplifying yields

_ kporw (Sgw + Orw) - w
4 p

M, Ry = THwli(D] (44

Following a similar procedure for the left wing, it can be shown that

_ k 1
M. B, = M[)}%P + wJ, (1] (45)

Note that without split-cycle frequency modulation, i.e.,
Srw = Orw = 0w = oLw = 0, it would not be possible to generate
nonzero cycle-averaged rolling moments on this vehicle.

2. Pitching Moment
The instantaneous y body moment from Eq. (10) is

S S 2
M, By = 2R [ A T Mo @ di [ Mg (1) dt]

@RW —ORW

(46)

Substituting Eqgs. (3), (4), (7), (8), (16), (21), and (22) into Eq. (46)
and noting that the integrals are of the form given in Egs. (25-30),
Eq. (46) can be written as

— 1)
Mygw = % Hwrw — ‘SRW)Z[kL Azﬁll - kDAX§I3
— kpx3F cosaly — kpx3F sinalsy + k yat I
+ (wrw + Orw)? [k AZRLy + kp AxRls + kp x37 cos alg
+ kpxdF sinals + k,yy Is]) (47)

Substituting the results for the definite integrals I, — I and
simplifying produces

— k;
Mygw == 2RW [xgpjl(l) cos ot(Srw + Orw)

AZB
+ TR (Qwrw + opw — (SRW)]

kpJ; (1w,
+D1(2) RW

Following a similar procedure for the left wing, it can be shown that

{(Brw + orw)[x sine + AxZ]} (48)

— ko
ME, = % |:x¥PJ1 (1) cosa(drw + orw)

Az
+ TL Qorw +oLw — 8LW)j|

kpJi (Do, .
+ %)LW {(Buw + oLw)lxy’ sina + AxP]} (49)
Without split-cycle frequency modulation there still exists a nonzero
cycle-averaged pitching moment if Az8 # 0 or Az? # 0. This result
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yields further insight into vehicle design for controllability. It
suggests that the wing root hinge point should be placed such that its
z body location is coincident with that of the nominal vehicle center
of gravity, i.e., Az8 =0, AzZ = 0. Such an arrangement will yield
a zero cycle-averaged pitching moment when the split-cycle
parameters are zero, which is a desirable feature for maintaining
hover. Note that the current Harvard RoboFly aircraft does not
incorporate this feature and would immediately pitch forward if not
constrained by the guide wires used in their experiment [13]. Later, a
bob-weight actuator is introduced that can be used to manipulate
pitching moments using mechanical, rather than aerodynamic,
means.

3. Yawing Moment

Expressions for the cycle-averaged aerodynamic moments in the
z body frame will now be derived. Substituting the expression for the
instantaneous z body moment into Eq. (10) yields

S S 2
Mgy = Q;R_;[N [/MRW%RW M gwu (1) dt + /MRW
o x

@WRW —ORW

M_gwp (1) dl]
(50)

Substituting Eqgs. (3), (4), (7), (8), (16), (21), and (22) into Eq. (50)
and noting that the integrals are of the form given in Egs. (25-30),
Eq. (50) can be written as

N w w

Mzgw = (opw — 5RW)2 —k, 51, —kp Axg]z - kLyXX"Is
21 2

w

2l

— ke x3P cosaly — kpxdyt sina12:| + (wpw + Orw)? |:—kL
+ kp AxBIs — kpySPIs + kyxF cosals + kpx%F sin als]} (51)

Substituting the results for the definite integrals I, — I and
simplifying yields

—k; wpw

w
M. gy = s [(yl’épfl(l) + Z) (Lwrw — rw + URW)]
(52)

Following a similar procedure for the left wing, it can be shown that

ko w
M, {y = % [(yxpjl(l) + Z) (Qwrw — dgw + URW)] (53)

Without split-cycle frequency modulation, there exists a nonzero
cycle-averaged yawing moment on each wing since yy" # 0 and
w # 0. When the split-cycle parameters for each wing are zero, the
cycle-averaged moments are opposing and balance one another.
Since the fundamental or symmetric wingbeat frequency can be
independently varied for each wing, yawing moments can be
generated without varying the split-cycle parameters.

V. Control Derivatives

The parameters used to control the aerodynamic force and moment
profiles are the fundamental wingbeat frequencies wrw and wyw
and the split-cycle parameters dzy and & . For controllability
analysis and control synthesis, the sensitivity of each cycle-averaged
generalized force to each control input parameter is determined.

The partial derivatives of each cycle-averaged force and moment
with respect to each aerodynamic control input parameter can be
calculated by differentiating Eqs. (33), (34), (36), (37), (40), (41),
(44), (45), (48), (49), (52), and (53) and the full expressions for
these control derivatives are presented in Oppenheimer et al. [19].
Here, the control of the proposed aircraft in the vicinity of hover is
of interest; therefore, the only the control derivatives at the
hover condition where wryw = wpw = @, and gy = dw = 0 are
presented. Expressions relating the hover frequency to the wing

geometry, lift coefficient, and mass have been published [9,12] and
the expression derived by Doman et al. [12] is used here:

[ 2mg
@ Pl Cr() o9

This condition assumes that there are two wings flapping
symmetrically left to right, i.e., wrw = W w and dgw = dpw =0,
and that the angular position of each wing in the stroke plane is
defined by ¢(r) = cos(w,t). Also, it is assumed that the nominal
center of gravity of the vehicle and wing root hinges are aligned
such that Az2 = Az® = 0. The control derivatives about hover
are presented in Table 3. Note that for Az = Az =0,

My Myl -
—0 = 0.

B |wkw =,.0rw do |wLW =w,.5Lw
RW Lw

_o=0and

A. Bob-Weight Control Derivatives

Using only the aerodynamic control input parameters, changes in
pitching moment are accompanied by undesirable changes in other
forces and moments. It is for this reason that a bob-weight actuator
has been introduced. The bob-weight should lie in the vehicle plane
of symmetry and at zero deflection should be coincident with the
undeflected center of gravity. The bob-weight need not be dead
weight. Any necessary vehicle component that is not sensitive to
movement could serve the purpose, e.g., battery, power converter,
etc. The weight would be mounted near the tip of a bimorph
piezoelectric actuator. The tip deflection would primarily consist
of translation in the z body-axis direction, while translation in the
x body direction would be so small as to be negligible. Hence, the
bob-weight motion is in the xp, zp plane.

Let m, be the total vehicle mass exclusive of the bob-weight and
bob-weight actuator and x5, , 0, z5, be the location of the center of
mass, in body coordinates, of only the vehicle. Let mgy, denote the
mass of the bob-weight and actuator assembly and x5y, 0, 75y, be the
location of the center of mass of this assembly in body coordinates.
Because of the nature of the tip motion of the bimorph actuator, it is
assumed that motion of the bob-weight does not alter the x location
of the center of mass of the bob-weight assembly; hence, x5y, is a

Table 3 Aerodynamic control derivatives about hover

. . 3G
Control derivative 57 |“E“’u- 5=0
IFw IFtw

brw ‘WRWZ%JRWZO = oy ‘wLW:wmﬁLW:U =0

a‘?rﬁw ‘ — 3F7xfw ‘ =k w

Doy | ORW =0, Srw =0 oLy |OLW=0,.6Lw=0 LYo

7B 7B

oy — Bl -0

Doy | ORW =0, Srw =0 By 10w =0y 8w =0

AT B AT B

aF‘R\‘v" . =6F\LW‘ . =0

Borw | ORW =0, Srw =0 Wrw oLw=0,.8w =0

IF gy —

Dorw |me:w,,.5RW:O =—kpJ (Do,

7B

9F:pw | — 2w | =0

dogw 1ORW =00 0rw=0 T Gy loLw =0,y =0

el | = —kpJ;(Dw

WLy oLw=,5w=0 DY o

MRy _ 1 wp

brw |wRW:w,,A5RW:0 - _Eknwo(ycp + w‘,l (1))

3M_\ﬁw | — LW | =0

dogw  1ORW =0, Spw =0 doLw OLw =0, SLw=0

M Jy _1 WP

Wiw Ia)LW:a),,.ELW:O = ikown (ycp +wJ (1))

M gy wp WP B
5 L=, srw=0 = J1 (D@, [kpxey” cosar + kp (x5 sina + Axg)]
aﬁvgw — B

DRy |ﬂJRw:mn~5Rw:0 - kLAZRwU

M, Jy, — WP WP B
35w |wLw:w,,43Lw:O - Jl (l)wo[kacp coso + kD (xcp sino + A)CL)]
aM_Vfw — B

Do |(1)LW:(1),,,§]_W:O - kLAZqu

7B 7B
Mgy I . — M.y | N —
pw | ORW =0 Srw =0 w1 OLw =0, SLw=0

M5 s
Fr gy =0y =0 = — 2k @, [YSF I (1) + 4]

My
;)w;_l;,v\fv |u),_w =w, 8 w=0 — 2kLwo[y<\:);PJl (1) + %]

0
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constant. Defining xfg, 0, zfg as the location of the center of mass of
the entire vehicle, including the bob-weight, this assumption implies
that x5, is fixed for a given bob-weight mass. Wood [13] indicates that
the mass of each wing is less than 1% of the gross vehicle weight;
therefore, it is also assumed that the mass of each wing is negligible.
Under the above conditions, the x and z body locations of the center
of mass are given by

B B
B _ Yeg,Mo + Xgw/MBw 55
o, = T T Tow e (55)

m, + mgw

B B
B __ ch(,ma + ZpwlBw

56
e m, + mpy (50)

It is important to note that the moments produced by aerodynamic
forces are taken about the body frame and are independent of the
center-of-mass location, even when the center of mass is not
coincident with the origin of the body-axes system. Therefore, the
moments about the body axes are composed of aerodynamic
moments and moments due to center-of-mass offset. In other words,
the total cycle-averaged moments about the body-axes coordinate
system M® become

M?® =Mg,, + M¥, (57)

where Mfm is the cycle averaged moment produced by lift and drag
of the wings and Mcg is the cycle-averaged moment due to center-of-
mass offset from the origin of the body axes. The cycle-averaged
moment due to center-of-mass offset is

- o (%
mE =2 A r8, x FB dr (58)

where the integral of each component of the integrand is evaluated,
r8 =[x 0 z&]isthe position vector from the center of mass to
the origin of the body axes, and x&,, z&, are provided in Eqs. (55) and
(56). The force in Eq. (58) is gravitational and can be written as

F% =R}[—(m, + mpyw)g 0 0] (59)

where R® is a rotation matrix from the inertial frame to the body
frame and g is the acceleration due to gravity. Let this force, in
general, be represented as F§, =[F5 e chg Fﬁg]. Then, by

Itis assumed that a linear relationship exists between the bob-weight
control voltage applied to the actuator, Vg, and the bob-weight tip
deflection:

= kgw (62)

Additionally, xBW is s av = 0; thus,
the control effectiveness of the bob- welght can be expressed as

OME,  OMY, 028y
3VBW 8ZBW BVBW

(63)

Substituting Eq. (56) into Eq. (61) and computing the derivatives as
specified in Eq. (63) yields

_ —Mpw B
aMB mg,+mgy F)'cg kBW
g — mpw FB kBW (64)
8 V, m,+mpy ~ Xeg
BW 0

For flight near hover, F} > F} because both the vehicle pitch and
yaw attitudes stay near O deg.

B. Control Effectiveness

The final form of the control-oriented model consists of a cycle-
averaged blade-element model that is linearized about hover. Within
this framework, a linear relationship exists between the cycle-
averaged force and moment commands generated by a conventional
feedback control law and the control parameters. Letting G denote a
generalized force or moment, the total increment of commanded G is

- 3G G G 3G
AG, — A —6 —A
com 88 - RW T 5 S WRrw + oo I Lw + o wLw
dG
+ W Vaw (65)

Writing this expression for the three forces and three moments
produces

AFrfom 0 BIZ 0 Bl4 0 8 8
AF},fom 0 0 0 0 0 Ac]j)w Aclj)w
Afmm _ —kpJ(DHw, 0 —kpJi(Dw, 0 0 5 RW -B 5 RW (66)
AMtfom _%kao(ngP + w‘ll(l)) 0 %kao(ygp + wjl(l)) 0 B45 v A L
B Awpy Aoy
AM,; Bs, 0 Bs3 0 55 v V.
AME, 0 B, 0 By 0 B oW

performing the cross-product operation, the moment due to center-
of-mass offset is

_BFB
B o (= cgl yeg
M3 5= BFB —xCBgFiL dt (60)
2 % B
cel'yee

If the position vector r® . and the force in Eq. (59) are constant over a
full wingbeat cycle, then Eq. (60) becomes

_ZCgFecg
&y, — x&FE, (61)
B FB

Yeg

VB —
M =

where B, is the control effectiveness matrix. The elements of this
matrix are the sensitivities of the cycle-averaged forces and moments
to changes in control input variations that are presented in Table 3 and
Eq. (64). Also,

By, =By=kw, Bg=—Bg=-2kw, |:ycpP‘Il(1)+ ]

Bs; =J, (D w, [k x§ cosa+ kp (xy sina + Ax)]

Bs;=J,()w, [ka coso + kD(x

Mpw Mpw
B,s=—k — % |F By =k — =% |\FB
® B (mo + mb) Yo TSRV (mo + mb) % (67)

A feedback control law, discussed shortly, generates the cycle-
averaged force and moment commands that form the left-hand side of

Psina + Ax?)]
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Eq. (66). The control allocation objective is to find the control input
vector [8ry  Awpw Siw  Awiw  Vew ]!, such that Eq. (66) is
satisfied.

Examination of this matrix reveals what can be achieved by
manipulating the four parameters that define the motion of the wings
and the bob-weight. The rank of this matrix is five. Most obviously, it
is not possible to generate direct side forces on the vehicle using the
five control parameters. The next observation is that rows associated
with the z force and pitching moment would be linearly dependent
for Az§ = Azf = 0and Ax} = Ax¥ if it were not for the presence of
the bob-weight actuator. These conditions would exist on a well
designed vehicle because of the existence of a plane of symmetry and
the fact that, from a vehicle design perspective, it is desirable that the
z offset between the nominal center of gravity and the wing root
hinge points be zero. Such an arrangement eliminates a source of
undesirable pitching moments associated with o, that would tend to
destabilize the hover condition unless active control were applied.
The sparsity of the control effectiveness matrix shows that the split-
cycle method provides a high degree of input decoupling, which
simplifies control allocation. The analytic formulation allows for a
great deal of insight into the physics of the control problem, which
can aid in the design of the controller as well as the vehicle itself [19].

VI. Equations of Motion

A standard set of 6-degree-of-freedom rigid body equations of
motion are employed [22]. These are the same equations that
describe the motion of a rigid body aircraft; however, because the
angle of each wing in the stroke plane is a periodic function of time,
the forces and moments that drive the equations consist of multiple,
independent, and variable periodic functions of time. It is assumed
that the wings are massless; therefore, there exists no inertial
coupling between the fuselage and the wings. It is hypothesized that
the inertial coupling between the wings and body will be small
because in the Harvard Robofly the wings constitute less than 1% of
the total vehicle weight [13]. The equations of motion are

P
g | =T"MP(1t) — @ x 1w) (68)
i.
u qw — rv 1 0
V| =|ru—pw | +—[FE@]-RE| 0 (69)
w pv—qu " -8
X u
y|=Rj| v (70)
Z w
4o 0 —p —q —r || q
4 p 0 r —q||q
| = 71
> g —r 0 p o 7
q3 r g —-p 0 q3

where I is the inertia matrix; @ =[p ¢ r] is the angular rate
vector; MB(7) is the sum of the left and right wing instantaneous
aerodynamic moment vectors consisting of the rolling, pitching, and
yawing moments; u, v, and w are the translational velocities; F? () is
sum of the left and right wing instantaneous aerodynamic force
vectors; m is the vehicle mass; g is the acceleration due to gravity; x,
v, and z are the vehicle positions with respect to an inertial frame; and
qQ=q0+q i+ qzj + q312 is a quaternion used to perform the 3-2-1
standard Euler transformation. Also, R, = R?" are rotation matrices
that transform from body to inertial axes and back.

A. Blade-Element Simulation

A low-fidelity blade-element-based model of the instantaneous
aerodynamic forces and moments is used to drive equations of

motion in the first simulation model. These instantaneous forces and
moments were presented earlier in Table 1 and Eqgs. (21-24). This
model does not account for leading-edge vortex and wake-capture
effects that have been observed in experiments. The purpose of this
simulation model is to assess the efficacy of the cycle-averaged
control law when applied to a vehicle model that includes time
periodic variations in the forces and moments due to the flapping
wings.

B. Unsteady Aerodynamic Simulation

Unsteady aerodynamic phenomena can have a significant
influence upon the instantaneous forces and moments produced by
flapping wings at low Reynolds numbers. Significant discrepancies
between the instantaneous aerodynamic forces predicted by blade-
element theory and experimental measurements have been observed;
however, it has been found that in a cycle-averaged sense, blade-
element theory provides a reasonable prediction of cycle-averaged
lift [20]. Blade-element theory has been found to underpredict cycle-
averaged drag when compared with experimental measurements.
Since the cycle-averaged control law is based on the sensitivities of
cycle-averaged lift and drag with respect to the adjustable wing
kinematic parameters and not the actual magnitudes of the forces, itis
natural to ask whether the cycle-averaged blade-element model used
to derive the control laws captures these sensitivities with sufficient
fidelity to provide a reasonable level of closed-loop stability and
tracking performance. To address this question, the fidelity of the
aerodynamic forces produced by the flapping-wing vehicle model is
increased by making use of the experimental results produced by
Sane and Dickinson [20]. The experimental results were used to
produce time-varying lift- and drag-coefficient profiles that provide a
more complete representation of the forces and moments produced
by a flapping wing at low Reynolds numbers. This representation not
only includes translational and rotational contributions to the forces
that can be predicted by quasi-steady methods, but also includes
contributions from unsteady leading-edge vortex and wake inter-
action effects.

The lift and drag profiles for a given stroke and angle-of-attack
profile are extracted from measurement time histories. The cor-
responding instantaneous aerodynamic coefficients were computed
to form a look-up table. The computation of the coefficient tables is
performed using the parameters of the flapping-wing system
employed by Sane and Dickinson [20], while the computations of the
aerodynamic forces in the simulation model used for this study use
the parameters of the proposed flapping-wing MAV. The lift and drag
force measured in the Sane and Dickinson experiment were observed
fora 90 deg stroke amplitude with a symmetric flip of the wing, about
the spar axis, that occurred in the vicinity of wing stroke reversals
[20]. The measurement-based data was approximated by producing
1000-point look-up tables for lift and drag coefficients and for angle
of attack, using constant interval sampling of the phase of the stroke.
The phase of the stroke waveform is used as an index to extract data
from the resulting aerodynamic coefficient tables. The angle of attack
is also obtained from a look-up table that corresponds to the set of
force coefficients being used. The angle-of-attack table is necessary
because the instantaneous values of the aerodynamic coefficients
depend upon the instantaneous angle-of-attack profile. The
appropriate rotational angle is therefore produced to transform the
lift and drag forces in the spar frame to the body frame. A comparison
of the unsteady table look-up model to the instantaneous blade-
element and cycle-averaged blade-element models for a sinusoidal
velocity profile, i.e. wpyw = W w = @, and Sgw = S.w = 0, is shown
in Fig. 5. It can be seen that the instantaneous blade-element model
underpredicts drag but captures the magnitude of the instantaneous
lift rather well. The cycle-averaged blade-element model used for the
model-based control design differs significantly from both the
instantaneous blade-element and unsteady aerodynamic model over
the course of the wingbeat; however, the controller is designed to
control the low-frequency behavior of the fuselage, which is well
below the wingbeat frequency.
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Fig. 5 Aerodynamic model comparison for temporally symmetric wingbeat.

In summary, the unsteady model relaxes the following
assumptions used in the derivation of the control-oriented model:
the two-dimensional sectional aerodynamic coefficients are known
and constant throughout each stroke, and the passive wing rotation
jointis on a limit when the wing angular velocity in the stroke plane is
nonzero. The first assumption is replaced with a model where the
aerodynamic coefficients of each wing are known, but vary as a
function of angular position in the stroke plane. The second assump-
tion is replaced by a model where the angle of attack smoothly varies
as the wing moves through the stroke plane.

VIIL.

The objective of the inner-loop controller is to render a
neighborhood of a given point and orientation attractive. Seeking
zero-error tracking to a fixed point and orientation is not possible
because of the inherent periodic forcing of the system that results
from the flapping wings. The control strategy is to use the available
analytical expressions for wingbeat cycle-averaged forces and
moments as a control-oriented model and consider the averaged
forces and moments as virtual control inputs. The controller,
therefore, assigns the wingbeat parameters for each cycle; thus, the
output of the controller need only be computed once per wingbeat.
Analysis of the cycle-averaged forces and moments shows that using
a combination of left and right fundamental frequencies, split-cycle
parameters, and bob-weight shifting yields control authority over all
but the cycle-averaged side force. Hence, the controller will be a five-
DOF controller, but it is expected to perform six-DOF tracking tasks.

The position, velocity, attitude, and angular velocities of the body
are assumed to be available for feedback. They are used to compute
an error between the vehicle state and a desired point and orientation.
The high degree of input decoupling present in the control matrix B
enables the use of a simplistic feedback gain structure where the
approach is to enforce a second-order response in each degree of
freedom, considering each force and moment separately. The output
of the feedback gains is the desired cycle-averaged forces and
moments and forms the left-hand side of Eq. (66). Finally, control
allocation is used to compute the wingbeat parameters, where the
allocation is based on the control derivatives derived from the

Inner-Loop Control

analytic expressions for the wingbeat cycle-averaged forces and
moments.

A. Error Computation

The error computation employs a given reference position and
orientation, expressed with respect to the inertial coordinate frame.
The error is expressed in body coordinates, transformed appro-
priately from the difference between the reference and the state of the
vehicle. The feedback gain structure is based on considering each
degree of freedom separately in the body coordinate frame, because
expressions for the average forces and moments are available in the
body frame. Computing the error in body frame coordinates is
therefore consistent with the desired feedback gain structure. The
velocity error can be computed similarly, when the reference is
allowed to vary. The angular velocity error is approximated by the
angular velocity of the vehicle in body coordinates. For a fixed
reference orientation, no approximation is needed.

A desired position x/, and a desired orientation defined by the Euler
angles ®? are given, where D denotes the desired body frame.
Alternatively, the reference orientation is represented by the rotation
matrix R? from the inertial frame to the desired frame. The tracking
error is computed as

xB=RP(x"—x1)

V=i ~RIGE) RE=RIRPY

wl=(p q )’ (72)
where xf=(x, vy, z,)T is the position error, vE=
(xB 8 zB)T is the velocity error, R is the rotation matrix

from the desired frame to the body frame, and w? = (p, ¢, r.)7
is the angular velocity error. A vector of Euler angle tracking errors
[#., 0., v.]" can be derived from the R% rotation matrix using
standard methods [23].

B. Feedback Gain Structure

The feedback controller is based upon the simplistic view of
treating each degree of freedom separately. This is possible because of
the use of a control allocator that translates cycle-averaged gener-
alized force commands into wingbeat oscillator and bob-weight
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Fig. 6 Five-degree-of-freedom split-cycle controller.

actuator commands. Additionally, near the hover condition, the
equations of motion reduce to abank of decoupled double integrators,
because there are no aerodynamic forces acting on the fuselage other
than those produced by the beating wings, which are accounted for in
the control effectiveness matrix. Thus, each axis is considered as a
simple second-order one-dimensional system:
i=u (73)

Defining x, as a desired reference command, it is well-known that
assigning u = —w2(x — xa) — 2¢w, (X — X4) forces the response of
the system to that of a second-order damped harmonic oscillator with
natural frequency w,, and damping ratio ¢. This simple view is applied
to each degree of freedom of the system. A feedback structure is
assigned to the commanded cycle-averaged forces and moments as
follows:

_fwm = (_XEw%-“xn - )'szé‘waFxn)m

o

7B

chom = (_¢ew%4)m - peZZwaMxn)Ixx

s = (_eew%/lyn - qezé‘Mwayn)Iyy

Yeom
(—wewﬁm - reZCMszzn)Izz

(_Zgw%zn - Z.gzé-szan)m

1B

Zeom

(74)

A block diagram of the control structure is shown in Fig. 6. An
alternative view is to consider the structure as a sequential loop

Fig. 7 Desired trajectory.

closure controller that uses proportional-derivative feedback, where
the gains are tuned by choosing appropriate values for each w.,, and ¢.
in Eq. (74).

Note that the y-axis translation is not directly controlled, in the
sense that there is no F° ? .- Instead, the y-axis translation is regulated
by injecting y, into the desired yaw assigned by an outer-loop
controller, which is described in the subsequent section. Assuming a
nominal FZ cycle-averaged force equal to weight, mg, and zero side
force, then elementary trigonometry shows that at zero pitch and
roll, the force directed along the y inertial frame axis is sin(y)mg, or
Ymg with a small angle approximation. This simplified analysis is
employed to construct a desired approximate side translation force,
through an added yaw command. The added desired yaw has the
same feedback gain structure as the inner-loop feedback, and is
given by

~ . 1

The y translation reference command 1/}‘1 appears in the outer-loop
controller presentation.

C. Control Allocation

A pseudo-inverse control allocation scheme [24] is used to
determine the necessary control inputs to produce the desired cycle-
averaged forces and moments. The control allocator computes the
fundamental frequencies, split-cycle parameters, and voltage applied

Table 4 Properties of proposed flapping-wing MAV

Variable Value Units
m, 60 mg
My, 20 mg
Height 11 mm
Width 4 mm
Depth 1 mm
1, 1395 mm*
kgw 0.165¢ — 5 Vo
Nominal CG location [5.5 0 0] mm
cmax 4 mm
d, 3 mm
R 15 mm
ArB [3.5 2 0] mm
ArE [35 -2 0] mm
oy 45 deg
op 45 deg
Hover frequency 113.61 Hz

— — mg
=®0 = /@
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Table 5 Inner-loop and y-body-axis
regulation controller parameters

Tuning parameter Value
Wy 7
é‘F.m 1
WFyn 7
é‘F}’n 1
Wpy, 4
é-an .85
Open 40
;Mxn 1
Opryn 98
;Myn 2.7
WOptzn 30
{M:n 1.1

to the bob-weight actuator based on the cycle-averaged force and
moment commands. The fundamental frequencies and split-cycle
parameters govern the behavior of oscillators that generate time-
varying wing position commands. Inputs to the oscillators are held
constant over the course of a wingbeat in order to avoid changing the
shape of the split-cycle waveform in midcycle. The element used to
accomplish this function is called a cycle zero-order hold. The output
of the oscillators are applied to the bimorph piezoelectric actuators. It
is assumed that the actuator bandwidth is sufficient to track the wing
position commands.

Given the control variable vector u=
[rw Awrw Sw Awrw  Vew]' and hover condition u,=
[0, w, 0, w, 0], the control allocation at time f, is
expressed as follows:

u (1) = BiGoon(ty) +u, (76)

where

Gem=[F"_ 0 F' ' M W[

Zcom Yeom Zcom

(77

and B} denotes the pseudo-inverse of B,. The structure of the
control allocation matrix is simplified because the split-cycle control
strategy yields a highly decoupled control effectiveness matrix. Note
that the term F fwm is identically set to zero, since direct side force
cannot be generated using the split-cycle method and that side-force
corrections are made by adjustments to yaw attitude.

VIII. Outer-Loop Controller

The outer-loop controller generates the desired position and
orientation, with respect to the inertial coordinate frame, which is fed
to the error generator. This includes the tasks of providing desired
trajectories for waypoint tracking and regulating the y-axis
translation by generating a desired yaw, since the inner-loop does not
directly regulate y translation. The desired position and orientation
vary as step changes are fed through second-order continuous-time
smoothing filters.

—sin(,) cos(6,)

sin(6,)

cos(¥4) cos(6,)
-

The waypoint reference generator computes a desired trajectory
for the inner-loop controller based on a roll-and-translate approach,
which is similar to a bank-to-turn strategy. The approach is to use the
roll angle to first adjust the heading angle of the hovering vehicle,
such that the positive z axis of the body frame is directed towards the
waypoint. Then, the aircraft translates to the waypoint while the
attitude is regulated. Hence, the desired position is the waypoint itself
and the desired orientation has zero pitch and yaw attitude, but the
roll is determined by the desired heading. The separation of these two

sin(y4) cos(¢y) + cos(¥,) sin(6,) sin(¢,)
cos(Yy) cos(@y) — sin(y,) sin(b,) sin(Py)
—cos(6,) sin(¢,)

operations is relaxed by replacing the demand of perfect alignment of
the z body axis with requiring that the z axis be within ¢ of being
directed towards the waypoint, creating a 2¢-wide heading window.
Furthermore, once the projection of the vehicle’s position on the
(v, z) plane of the inertial frame is within distance x of the waypoint,
the desired orientation is not allowed to change, creating a position
window of radius x. The position window prevents the outer-loop
controller from perpetually prescribing oscillating roll commands as
the vehicle cycles about the desired waypoint.

Without loss of generality, it is assumed that the initial position
before a waypoint change is zero and that the vehicle is hovering;
i.e., the x axis of the body frame is vertical. Given waypoint
xl, = (Xyp Ywp Zwp)’, the waypoint orientation is computed as

Bup arctan(—(yyp — ¥). (Zyp — 2))
e=|0,|= 0 (78)
1//wp 0

where x’ =[x y z]" is the position of the vehicle and ¢,, is the
desired heading derived from elementary trigonometry, expressed in
terms of a four-quadrant inverse tangent. The ®; vector denotes the
additional attitude command generated by feedback. This vector
consists only of 1/}(1 from Eq. (75), but additional commands, such as
a desired pitch, can be generated to assist forward/backward
translation.
The desired orientation is generated as follows:

=D 2D . _ 2 _ 2 -
q,?:{Go(@,)w, R R L

G,(®P) + ®”  otherwise

where G, (-) represents a second-order filter bank with natural
frequency and damping ratio gD, Qbf), respectively, and ®7 is the
value of ®?, held from the instant when the condition

\/ (y = Ywp)® + (2 — 24p)* <X was most recently satisfied. The

filter G, is used to maintain differential continuity of the desired
orientation after a discrete waypoint change. Note that the position
condition in (79) is a condition on the difference between the position
of the vehicle and the waypoint, projected on the (y, z) plane of the
inertial frame; it is not a function of the desired position described
below.

Because of the body frame orientation at hover, it is convenient to
consider ®? as a 1-2-3 rotation. This is comparable to the common 3-
2-1 rotation for a standard aircraft in level flight, where the nose is
directed forward along the x axis and the z axis is directed downward,
while the flapping-wing vehicle at hover is oriented such that its
ventral side is directed forward along the z axis and the x axis is
directed upward. The construction of <i>f) and ®;" is thus made
simple, with ¢, as the desired heading of the vehicle. The rotation
matrix for 82 =[¢p,, 6, v, is

cos(Y4) sin(y) + sin(yy) sin(6,) cos(¢,)

sin(¥,) sin(¢,) — cos(¥4) sin(6,) cos(¢,) )
cos(6,) cos(¢q)

which is used in the error generation, Eq. (72), to compute the attitude
error.
The desired position is computed as

(80)

Xl otherwise

. {Gp(xzvp) if (g — Pa) = dupl < &

where G, () represents a second-order filter with natural frequency
and damping ratio w,; " gx’v,,’ respectively, and JE{,,p is the value of
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Table 6 Outer-loop controller
and filter parameters

737

G, (x};), held from the instance when the condition |(¢, — ba) —
¢WP| < ¢ was most recently satisfied. The filter G, is used to

Tuning parameter Value maintain differential continuity of the desired orientation after a
discrete waypoint change.
G, natural frequenc 4 e . . .
G” damping rgtio Y 1 The conditions in Eqs. (79) and (80), representing the heading and
G” natural frequency 20 position windows, depends on the position of the vehicle, projected
G, damping ratio 1 on the (y, z) plane of the inertial frame. In the case of Eq. (80), the
i 5.102 m dependency originates from the waypoint orientation Eq. (78), which
é 75° depends on the position of the vehicle. The window is set such that
the controller can be tuned to render a subset of the interior of the
window attractive.
1.5¢
Desired
z 1+ Blade Elem.
= Unsteady
S 05
g
= 0
05 i 1 1 L 1 1]
2 4 6 8 10 12
0.6~
Desired
= 0.4+ Blade Elem.
= Unsteady
S o02f
g
= 0
-0.2 1 1 1 L 1 J
2 4 6 8 10 12
1 —
Desired =
£ / Blade Elem.
E 05F Unsteady
B
N
05 i 1 1 L 1 1]
2 4 6 8 10 12

Time (s)

Fig. 8 Inertial position time history resulting from waypoint tracking test using blade-element and unsteady simulations.

2 —
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ﬁ Unsteady
s 0
S
_l =
-2 1 1 1 1 1 J
0 2 4 6 8 10 12
0.5+
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Blade Elem.
ﬁ 0 Unsteady =
5
g -0.5F
-1 1 1 1 1 1 J
0 2 4 6 8 10 12
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=) Unsteady
= 0
&
> -05f
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Fig. 9

Time ()

Attitude time history resulting from waypoint tracking test using blade-element and unsteady simulations.
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Fig. 10 Time history of fundamental and split-cycle frequencies resulting from waypoint tracking test using blade-element and unsteady simulations.

IX. Results

Figure 7 shows a three-dimensional trajectory that the vehicle is
commanded to follow. The vehicle begins at the origin in inertial
space; waypoints 1 through 5 are then fed to the outer-loop controller
at 2-s intervals in ascending order. Vehicle properties are shown in
Table 4. The inner- and outer-loop control parameters used to
generate the subsequent simulation results are provided in Tables 5
and 6, respectively.

Figures 8 and 9 show the commanded and actual positions and
attitudes of the vehicle center of gravity used to achieve waypoint
following resulting from the instantaneous blade-element and

unsteady aerodynamic simulations. In both cases, tracking per-
formance is acceptable and the vehicle is capable of performing the
desired maneuvers; however, the performance in the unsteady
aerodynamic simulation is noticeably degraded due to larger
modeling errors. Figure 10 shows the resulting left and right wing
fundamental and split-cycle frequencies. It can be observed that the
left and right wing fundamental and split-cycle frequencies are
significantly more dynamic in the unsteady aerodynamic simulation
than those that were generated in the blade-element simulation.
In both cases, differences between the left and right split-cycle
frequencies result in the production of rolling and yawing moments

x10™
6 -
4 =
. 2F .
: M— ) A—
[0}
0 N
< I AL [
2k Blade Elem.
Unsteady
-4r 1 1 1 I
0 2 4 6 8 10
x107°
2 =
1.5
E 1t
@
£ 05h
S 0
N
Z [ RNk ]
8 -05F
4 Blade Elem.
1 Unsteady
-15 1 1 1 1 T
0 2 4 6 8 10
Time(s)

Fig. 11 Bob-weight position and cg shift in z body direction due to bob-weight movement; waypoint tracking test using blade-element and unsteady

simulations.
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that are used to align the vehicle’s heading with the next waypoint
and to regulate lateral translation. The position of the bob-weight and
the location of the vehicle center-of-gravity in the z body-axis
direction are shown in Fig. 11. In the blade-element simulation, it can
be seen that the bob-weight shifts the center of gravity by about
—0.08 mm in the worst case. This corresponds to a —0.32 mm shift
in the z position of the bob-weight. In the unsteady simulation, it can
be observed that bob-weight activity is much higher. The bob-weight
shifts the center of gravity by up to 0.6 mm in the worst case, which
corresponds to a 2.2 mm shift in the z position of the bob-weight. The
magnitude of the required bob-weight in the unsteady aerodynamic
simulation movement is considered excessive and might necessitate
the use of an alternative actuator because of the limited range of
motion of bimorph piezoelectric actuators. Mechanical amplification
of the bimorph tip motion or an alternative pitch control strategy may
have to be employed in practice.

X. Conclusions

Modeling and control of a flapping-wing MAV were considered in
this manuscript. The results support the conclusion that it is possible
to independently control vertical and horizontal forces as well as
rolling and yawing moments using two physical actuators that allow
the angular velocity profiles of the left and right wings to vary from
upstroke to downstroke. The addition of an actuated bob-weight
enabled control of the aircraft pitching moment. A method called
split-cycle constant-period frequency modulation generated the
required wingbeat actuator position commands and resulted in a high
level of input decoupling, which enabled controllers with a simple
structure to successfully provide controlled maneuverability in the
vicinity of hover. The method has the desirable feature that cycle-
averaged forces and moments can be analytically related to the
wingbeat kinematics and vehicle design parameters, a feature that
facilitates multidisciplinary design efforts where controllability must
be considered from the outset. Additionally, simulation results reveal
that a model-based control law, derived from a cycle-averaged blade-
element aerodynamic model, can successfully control simulation
models that include unsteady aerodynamic effects.
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